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Investigation of the Tip Clearance 
Flow Inside and at the Exit of a 
Compressor Rotor Passage—Part 
I: Mean Velocity Field 
This paper reports on an experimental study of the nature of the tip clearance flow 
in a moderately loaded compressor rotor. The measurements reported were ob­
tained using a stationary two-sensor, hot-wire probe in combination with an en­
semble averaging technique. The flow field was surveyed at various radial locations 
and at ten axial locations, four of which were inside the blade passage in the 
clearance region and the remaining six outside the passage. Variations of the mean 
flow properties in the tangential and the radial directions at various axial locations 
were derived from the data. Variation of leakage velocity at different axial stations 
and the annulus-wall boundary layer profiles from passage-averaged mean 
velocities were also estimated. The results indicate that there exists a region of 
strong interaction of the leakage flow with the annulus-wall boundary layer at half-
chord. The profiles are well-behaved beyond this point. The rotor exit flow is found 
to be uniform beyond 3/4 blade chord downstream of the rotor trailing edge. 

Introduction 
The design of energy-efficient engines has received con­

siderable attention in recent years. Important gains in the 
efficiency can be made by minimizing the aerodynamic losses 
in various components of the engine, especially in a com­
pressor rotor, which is one of the least efficient components in 
the engine. Even marginal gains in the efficiency through 
reduction of these losses could substantially reduce the fuel 
requirement for the engine. It is well-known that the end-wall 
flow losses comprise a substantial proportion of the total 
losses, and a significant fraction of end-wall losses is at­
tributed to the tip leakage flow and its interaction with the 
secondary flow, blade boundary layer, annulus-wall bound­
ary layer, and the scraping vortex. Further improvements in 
design, performance, and prediction of the flow field in this 
region demand a better understanding of the complex flow 
structure which results from these interactions in the vicinity 
of the annulus wall. 

Experimental investigations related to the tip-leakage flow 
have been limited to flow field measurements in straight 
cascades with tip clearance [1, 2, 3], These studies, however, 
do not yield any information regarding the effect of rotation 
and curvature on the tip leakage flow. On the other hand, 
flow visualization experiments [4, 5, 6] provide only 
qualitative information regarding the flow. There have also 
been attempts to derive some information on leakage flow 
indirectly via flow field measurements downstream of the 

Presently at Memorex Corporation, RTC Division, Santa Clara, 
California. 
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rotor [7, 8] and inside the passage near the tip region [9, 10]. 
Due to limitations imposed by measurement techniques, no 
measurements were made beyond 96 percent of the blade span 
and inside the clearance region. Thus, the need to study the 
flow in close proximity of the annulus wall and inside the tip 
clearance region becomes evident. 

The objective of this investigation is to measure the flow in 
the tip clearance region of a compressor rotor with special 
emphasis on the leakage flow development in the tip clearance 
region and the exit of the rotor. 

Only the mean properties of the flow at design conditions 
are discussed in this paper. Presentation and discussion of 
turbulence quantities at both the design and the off-design 
conditions as well as the mean flow field at off-design con­
ditions are included in reference [11]. 

The data reported in this paper were taken only inside the 
gap region in the vicinity of the blade tip and the annulus wall. 
The three-dimensional flow field further down the blade tip 
from 4 to 20 percent of the span from the tip is reported in 
references [9] and [10]. These were taken with a rotating hot­
wire probe. There are no measurements available in the outer 
4 percent of the blade tip. 

Experimental Facility, Instrumentation, and Program 
Axial Flow Compressor Facility. A general description of 

the compressor stage is given by Smith [12], and a detailed 
discussion of the facility is given by Lakshminarayana [13]. 
Good peak efficiencies are exhibited by the rotor. The 
hub/annulus wall diameter ratio of the facility is 0.5, with the 
diameter of the annulus wall equal to 0.932 m. The inlet guide 
vane row, which consists of 45 blades, is followed by the 21-
bladed rotor. The rotor is driven by a 37.29 kw variable-speed 
motor through a belt-and-pulley system. The rotor is followed 
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by a stator vane row of 25 blades. Downstream of the stator is 
located an axial flow fan with variable blade setting for the 
variation of pressure rise and/mass flow. The facility is ter­
minated downstream by an aerodynamically designed throttle 
which provides additional control of the stage operating 
characteristics. Some of the pther operating conditions and 
rotor specifications are as follows: Inlet velocity, 28.37 m/s; 
flow coefficient based on tip speed, 0.56; stage loading 
coefficient based on tip speed, 0.4864; speed of rotor, 1100 
rpm. Blade element data at the tip are NASA 65 series, chord 
15.41 cm, spacing 14.12 cm, maximum thickness 5.10 percent 
of chord, stagger angle 45.0 deg, and a maximum camber 
height of 8 percent chord. The blade profile near the tip 
section is given in references [12] and [13], 

Instrumentation and Traverse Mechanism. All the flow-
field measurements reported in this paper were carried out 
using a stationary probe in combination with the ensemble-
averaging technique. The stationary-probe technique adopted 
for the present investigation was originally developed by 
Poncet and Lakshminarayana [14] for the study of the three-
dimensional nature of rotor wakes. 

The two-sensor, hot:wire probe used for the flow-field 
measurement is shown in Fig. 1(a). Unlike the conventional 
two-sensor, hot-wire probe (x-configuration), both the 
sensors are in the same plane, and the included angle between 
the two sensors is 90 deg. With this arrangement, it was 
possible to measure two components of the velocity at the 
same radial location with the least spatial error. The 
micrometer-type, probe-traverse mechanism designed for this 
study is shown in Fig. \{b). It has an accuracy of ± .002 cm 
and can be easily mounted on the Lucite window on the casing 
of the compressor rotor. 

The instrumentation used to record and process signals 
from the two-sensor, hot-wire probe in the stationary frame 
of reference is illustrated in Fig. 2. The sensors were con­
nected to two DISA 55M010 constant-temperature 
anemometer units. The d-c components of the anemometer 
signals were measured with an integrating digital voltmeter. 
The fluctuating components of these signals were amplified 
and recorded with a SAVRE IV FM signal record­
er/reproducer at the tape speed of 15 ips. The rpm of the rotor 
was monitored by a photocell circuit which used a 60-slot 
calibrated disk mounted on the rotor shaft. The output of the 
photocell circuit was displayed on a digital counter. The 
photocell circuit also provided one sharp pulse for each 
revolution of the rotor. This pulse was also recorded along 
with the a-c signals to identify a specific blade passage. The 
instantaneous signals from the anemometer and the pulse 

-Ul 

J _ L 

Fig. 1 Two-sensor, hot-wire probe and probe-traverse mechanism 

LE 
PS 
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S 
ss 
TE 
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V 

. Nomenclature 
leading edge 
pressure surface 
distance from the annulus 
wall in the radial direction 
normalized by clearance at 
the LE 
distance from the annulus 
wall normalized by (a) 
clearance at LE for rotor 
inlet flow, (b) local clearance 
for flow inside the passage, 
and (c) clearance at TE for 
rotor exit flow 
blade spacing 
suction surface 
trailing edge 
rotational velocity fi x radius 
velocity in stationary frame 
of reference 

V = passage-averaged velocity in 
stationary frame of 
reference normalized by t/tip 
velocity in relative frame of 
reference 

W = passage-averaged velocity in 
relative frame of reference 
normalized by Utip 
leakage velocity, normalized 
by t/tip 
WN at the inlet of the rotor 
normalized by Ulip 
distance from the fixed line 
0.0 in the tangential 
direction normalized by the 
blade spacing (Fig. 3) 
axial coordinate direction 
corresponding to the. axis of 
the compressor 

W 

WN = 

wNo = 

Y = 

z = 

Z = 

13 

axial distance from the rotor 
blade leading edge nor­
malized, by the axial chord 
(Fig. 3) 
relative flow angle 
rotational speed rpm 
tangential direction 
mass-averaged flow coef­
ficient 
distance from the annulus 
wall in radial direction 

Subscripts 
max = maximum value in the 

passage 
tip = value at the tip of the rotor 

blade 
z = value in axial direction 
9 = value in tangential direction 
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Table 1 Axial and radial locations for leakage flowfieid measurements 
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T* * is the distance in thousandths of an inch from the annulus wall. 
* indicates the measuring location 
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were displayed on a Tektronix type RM561A storage 
oscilloscope. 

Measurement Program. Experimental measurements 
consisted of two parts: (a) clearance measurements and (b) 
flow field measurements. An accurate measurement of the 
clearance for all the 21 rotor blades at various axial locations 
was necessary in order to acquire data as near the blade tip as 
possible. The measurement of clearance was carried out with 
a photonic sensor at four axial stations listed in Table 1. There 
was no appreciable difference between the static and dynamic 
clearance for the same blade, even though the clearance varied 
from blade to blade at all the axial stations. 

The radial and axial locations at which the flow field 
measurements were carried out are listed in Table 1. The axial 
stations of measurement and the definition of the tangential 
distance fare schematically shown in Fig. 3. The two-sensor, 
hot-wire probe was calibrated using an open-jet, low-
turbulence calibration tunnel. The probe was also calibrated 
for the wall proximity effects. These are discussed in detail in 
reference [11]. Since the probe was introduced in the flow 
field through a series of holes in the Lucite window, care was 
taken to avoid a sudden step at the point of insertion in the 
flow field by making the probe flush with the annulus wall. 
Only the prongs and the sensors were protruding out to the 
desired radial location. 

Data Processing. Major steps involved in the data 
processing are as follows: 

1 Identifying the specific blade passage and digitizing only 
that part of the analog signal to give approximately 360 data 
points in a prescribed passage. An analog-to-digital con­
version unit manufactured by DATEL was used for this phase 
of data processing. 

2 Translating the digitized data for IBM/370 systems 
3 Converting the voltages into velocities using hot-wire 

equations. The ensemble-averaging was carried out over 240 
revolutions, one prescribed passage in each revolution, to 
calculate mean velocities and turbulent quantities. Therefore, 
the data includes 360 points in each passage, and 240 samples 
were used at each tangential location of the blade passage. 
Experimental Results 

Velocity Profiles and Angles Inside the Tip Clearance 
Region. Although the measurements were made at all the 
locations listed in Table 1, the discussion in this paper is 
limited to only four representative radial locations for some 
selected axial stations.2 In addition, the blade static pressure 
near the tip of the blade, the inlet annulus-wall boundary 
layer profile, and the flow data below 4 percent of the span 
presented in reference [9] are extremely useful in the in­
terpretation of the data presented in this paper. The variations 
of the mean axial velocity, W7, and the mean tangential 
velocity in a stationary frame of reference, Vt, and the 
relative flow angle (/3) for each of the axial stations at four 
different radial locations are shown in Figs. 4-7 and 9(a), 
9(b), and 9(c). In these figures, the blade locations are marked 
by dotted lines on the Y-axis. Figure 3 also shows the blade 
locations on the Y-axis for all the axial locations. The 
velocities Wz and Ve are normalized by the local maximum 
axial velocity (Wz)mM. Variations of (Wz)mm and (K„)max 
with radial distance at each axial location is shown in Figs. 
4(d), 5(d), 6(d), 1(d), and 9(d). 

The decreasing trend in Wz and Ve, and the increasing 
absolute value of relative flow angle (3 near Y = 0.7 in Fig. 4, 
reflect the effect of the unsteady flow field due to the rotor on 
the incoming flow upstream of the rotor. It is important, 
however, to note that these variations are rather small in 

2The entire data set will be available from Dr. B. Lakshminarayana on 
request. 
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Fig. 2 Instrumentation for stationary, two-sensor, hot-wire probe 

UJ 

o 

CO 

Q 

< 
I— 

UJ 
o 
-z. 
< 

i s.s/ 
' / i I I 1 ! 1 

1 1 j j 
i / / i i i i 1

 I I I 

1 C\\ 1 / / ' l | 1 | M i i / / P S . ! I I I ! ! ! ! 
n p / / ! M l I I I 

! ! 1 ! I I I 
! i ' 1 I I i i i 

i 

C\A\ ' L > ^ ^ 

I I I I 1 

I I I 

Mi ! i ! 
1 1 y*r I I I 

' 1 " \ I I I I I I 

°-H I ss/x ! !! ! ! ! ! 
[ j // 1 ! ! 

n n\ i / / ' i i i l i i 

i \ 

! ! i ! ! 
I l 
i i l l 

i l I I I 
I I I I I 

-0.12 
0.003 

0.50 0.75 1.055 1.44 1.731 
0.979 1.179 1.593 

Z 

Fig. 3 Axial stations of measurement and definitions of Y 

magnitude and that the flow closer to the wall shows a greater 
degree of uniformity compared to that in the vicinity of the 
blade tip. The variation in the relative flow angle is less than 7 
deg. The variation of maximum velocity shows unusual 
behavior, with a rapid increase in velocity up to r = 0.15, 
beyond which the increase is gradual. That f = 1.88 is well 
within the annulus-wall boundary layer profile is indicated in 
Fig. 2 of [9]. 
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Fig. 5 Variation of mean flow properties at the leading edge (Z 
0.003) 

At Z = 0.003, the pressure difference across the blade is not 
large enough to induce a strong leakage flow. However, a 
noticeable dragging effect of the blade on the flow can be 
observed as evidenced by a considerable increase in the 
tangential velocity. Variation of the mean axial velocity (Fig. 
5(a)) shows a peak near Y = 0.49. As can be seen from this 
figure, a large change in Wz takes place over a small distance 
approximately midway between the passage, indicating 
possible flow separation regions near the blade surfaces and 

the presence of a scraping effect. Both of these effects tend to 
decrease the velocity components near the blade surfaces and 
increase it near the mid-passage. The variation in the relative 
flow angle shows a trend similar to the incoming flow at Z = 
-0 .12 . A dramatic decrease in the tangential velocity from 
the blade tip to the annulus-wall region is evident from Fig. 
5(b). The radial variation of the maximum tangential velocity 
and the axial velocity at this location indicate a dramatic 
change from those at Z = —0.12. The axial velocity profile at 
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this location shows an increase in axial velocity, but the 
tangential velocity distribution shows a large gradient near the 
annulus wall, decreasing drastically beyond r = 0.15. The 
maximum values of tangential and axial velocities have in­
creased slightly from their inlet values for f > 0.3. 

The flow field at Z = 0.5, shown in Fig. 6, is very complex. 
Such a behavior could result from the interaction of the 
leakage flow with other features present in this region. These 
features may include secondary flow, annulus-wall boundary 
layer, the rolling up of the leakage flow to form a vortex, and 

the presence of a vortex generated by the scraping of the 
annulus-wall boundary layer by the blade. Because the 
pressure difference across the blade at this station is quite 
high, one might even expect a washing away of the boundary 
layer leading to the above complex flow behavior. 

The axial velocity profile at Z = 0.5 (Fig. 6) shows low 
velocities on either side of the blade near the annulus wall, 
while the velocities in the clearance region are quite high. This 
again may have been caused by the leakage flow which has a 
"blowing" effect on the annulus-wall boundary layer in this 
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region. The axial velocities near the blade tip are nearly 
uniform. The tangential velocity also shows a similar trend, 
with large values near the suction side of the blade near the 
annulus wall. The blade motion augments the leakage flow 
and tends to move it farther away from the suction side. The 
low velocity region observed at Y = 0.85 for two radial 
locations near the annulus wall (f — 0.29, 0.12) may have 
been caused by the roll up of the leakage flow in this region. 
The tangential velocities in this region are lower than those 
observed at Z = —0.003, an indication that the flow in this 
region proceeds through the blade row from Z = 0.003 to Z 
= 0.5, with a change in energy level or tangential momentum 

Flow Without Leakage Flow 
Flow With Leakage Flow 

Indicates Quantities in Presence 
of Leakage Flow 

Fig. 8 Velocity triangles with and without the leakage flow 

opposite those of the free stream. The relative flow angles 
show the usual trend, with large angles near the annulus wall. 
The angle changes from Z = 0.003 to Z = 0,5 are small. The 
maximum axial and tangential velocities shown in Figure 6(d) 
at this location indicate very little change in radial variation of 
the maximum axial velocity from the previous axial location. 
The maximum tangential velocity is decreased at most radial 
locations, with the exception of the blade tip region. The 
radial variation of both velocities is found to be gradual. 

At Z = 0.75, a clearly defined leakage flow can be seen 
from Fig. 7. In Fig. 1(a), a sudden decrease in the mean axial 
velocity takes place just before the pressure side at Y = 0.20 
over a very small distance. A similar trend in Vg is also ob­
served in Fig. 1(b). Figure 7(c) shows the sudden increase in 
the absolute value of the relative flow angle, /3, in the same 
region. All three facts together indicate a very clearly defined 
leakage flow in this region. The significance of these features 
is better explained in Fig. 8, where a vector diagram of the 
flow velocities with and without the leakage flow is shown. As 
can be seen from this figure, the leakage velocity, which is 
defined as the component of the relative velocity normal to 
the blade surface, tends to turn the flow away from the blade. 
This causes an increase in the absolute value of & and a 
decrease in the axial and the absolute tangential velocities. 
This trend is clear from Fig. 7. 

In Fig. 1(a), another peak in Wz occurs at Y = 0.70-. A 
similar peak in Vs occurs at Y = 0.75, but a similar peak in /3 
is not very clearly defined. This phenomenon clearly indicates 
the presence of the tip-leakage vortex and/or scraping vortex. 
The most interesting feature of the flow field at this axial 
location is that though the variations in Wz, Ve and /3 are 
comparatively very large for a particular radial location, the 
variation from one radial location to another is very small. 
All the nondimensionalized profiles nearly collapse into a 
single curve, indicating the similarity in the velocity profiles. 
It is thus clear that the leakage flow is the most predominant 
flow in the clearance region at this location. 

Figure 1(d), showing the variation of (Wz )max and (Ve )m a x , 
indicates a gradual increase in both the velocities away from 
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3.00 

the wall. A maximum occurs at approximately 57 percent of 
the clearance height from the wall. 

The flow field at the next axial station at Z = 0.979 (Fig. 9) 
has features similar to the previous axial station, only it is less 
pronounced. This may be due to a rather small blade-pressure 
difference and/or due to the fact that the thickness of the 
blade is quite small at this location and a clearly defined 
clearance region does not exist. The presence of a leakage 
vortex, characterized by low axial velocity and low tangential 
velocity, is evident near the suction surface of the blade. The 

relative flow angles are also large in this region, indicating a 
large region of underturning. A defect in Wz is observed near 
y = 0.250 at r = 0.167 and may indicate the presence of a 
scraping vortex. The maximum axial and tangential velocities 
plotted in Fig. 9 indicates that these are substantially the same 
as those at Z = 0.75. The axial velocity variation across the 
passage shows near uniform flow, except at the tip vortex 
region. This seems to indicate that the separated region ob­
served near the suction side at z = 0.75 has been reduced. 

A comparison of Figs. 6(c), 7(c), and 9(c) shows that there 
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is a considerable variation of the relative flow angle with the 
radius. This seems to indicate a large underturning of the flow 
near the annulus wall. 

Velocity Profiles and Angles at the Exit of the Rotor. 
Figures 10-12 provide information regarding the rotor exit 
flow. Figure 10 shows the variation of mean properties at Z = 
1.055. From Fig. 10(a), it can be observed that the mean axial 
velocity variation shows a trend similar to that of a wake at 
the radial station very near the blade tip (r = 0.83). This wake 
profile is marked by a minimum in the velocity at Y = 0.60. 
The wake width is large. The blade wake may have moved 
towards the wall at the trailing region due to the radial out­
ward transport inside the blade boundary layer. The suction 
side again shows the presence of separated regions. At r = 
0.67, this wake seems to be spreading, and instead of a sharp 
minimum as observed at r = 0.83, the velocity remains 
minimum from y = 0.2 to 0.55. However, the defect in 
velocity is small. This implies that there is a strong interaction 
between the exit flow and the annulus-wall boundary layer. 
The presence of a leakage vortex is not evident at these two 
radial locations, indicating the radially downward movement 
or dissipation of the vortex. At the last two radial stations 
near the wall (r = 0.47, 0.25), the mean axial velocity seems 
to be fairly uniform. Compared to the variations in the axial 
velocity at the trailing edge, Wz variations at this station are 
very small. 

The variation of Vg in Fig. 10(fo) shows a uniform 
distribution of the velocity across the passage for all the radial 
locations. Variation of j3 also shows a similar behavior. The 
variations in /3 from one radial location to the other are not 
very large (7 deg), indicating a uniform turning of the flow at 
all the radial locations. 

Figure 10(d) shows a very interesting feature. The 
maximum axial velocities are very high compared to the 
maximum tangential velocities at all the radial locations. 
There is a sudden jump in the axial velocity from those 
measured at the previous axial station (trailing edge). This 
may be attributed partly to the absence of the blockage effect 
of the blade present inside the passage. 

The next axial location (Z = 1.179) was farther from the 
blade and it was possible to probe the flow field within 4 
percent of the blade span from the tip. Consequently, it was 
possible to capture the details of the wake near the blade. 
Figure 11(a) shows that at r = 2.5, the mean axial velocity is 
minimum between Y = 0.4 to Y = 0.7. A similar profile 
exists for r = 1.67. The actual variations in the velocity, 
however, are quite small, indicating a rapid decay of the 
wake. At r = 0.67, the velocity remains uniform through 
most of the passage, with a rapid increase at Y = 0.70. At r = 
0.33, Wz is fairly uniform. 

Tangential velocity variations shown in Fig. 1 \{b) indicate a 
fairly uniform flow at all the radial locations. The variation 
of the V„ in radial direction is not very large (6 percent). The 
same is true for (3 also. The maximum velocity variations 
shown in Fig. 11(A) do not reveal any remarkable change in 
the behavior from the previous axial station except for the 
fact that the difference in the two velocity components is 
decreasing continuously. 

The measurements at the two subsequent axial stations (Z 
= 1.44 and 1.593) are not reported here, as they indicated 
that the flow field was becoming more or less uniform and 
had reached near equilibrium conditions. However, the 
tangential velocities were considerably smaller than the axial 
velocities at these locations. Figure 12 shows that at Z = 
1.731, both the components of the velocity and the relative 
flow angle are uniform in the tangential direction, and the 
difference between the two components of the velocity is very 
small. 

Leakage Velocity. In the absence of any clearance between 
the rotor blade and the annulus wall, the flow should follow 
the blade contours near the blade surfaces and the velocity 
component in the direction normal to the blade should be 
zero. Any deviation of the flow from the blade contour in the 
tip-clearance region will give rise to a component normal to 
the blade, which is termed as the leakage velocity in this 
paper. A true representation of the leakage flow should take 
into account the normal component of the velocity at the inlet 
(WN .). The change in the velocity triangle due to leakage flow 
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is shown in Fig. 8. WN is the leakage velocity in the ter­
minology adopted in this paper. In deriving the values of WN 

near the blade surfaces, the value of /3 in Fig. 8 is taken to be 
respective blade surface angles. 

Figures 13 shows the variation of the leakage velocity at the 
suction surface (WN — WNa) in the radial direction for four 
axial locations inside the passage. The velocities are nor­
malized by the blade-tip speed and the inlet component 
subtracted from it. At the leading edge, the leakage velocity is 
very small, which is in accordance with the fact that the 
pressure gradient across the blade is very small in this region. 
A considerable jump in the leakage velocity at Z = 0.50 is due 
to the existence of a large pressure gradient across the blade. 
There is no appreciable change in (WN - WNQ) from Z = 
0.50 to Z = 0.75. The leakage velocity at the trailing edge is 
larger than that at Z = 0.50, which does not seem to follow 
from the argument based on pressure gradient alone. This 
may result from the formulation of the leakage vortex, and 
the consequent entrailment by the vortex. It is also evident 
that the leakage velocities are maximum away from the an­
nulus wall and the blade tip. A plot of these velocities (Fig. 14) 
near the pressure surfaces shows a similar trend. 

Velocity Vector Plots. Figures 15 and 16 show the relative 
velocity vectors in the z-8 plane at two different radii. At R = 
0.3125, as indicated in Fig. 15, the flow follows the blade 
contour at the leading edge, implying the absence of any 
leakage flow. This agrees well with the expected trend. At Z 
= 0.5, the flow has turned towards the tangential direction, 
giving rise to a substantial leakage velocity as shown in Fig. 
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Fig. 15 Relative velocity vectors (IV) inside the clearance region at/? 
= .3125 
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Fig. 16 Relative velocity vectors (W) inside the clearance region at R 
= .125 

13. An abrupt change in the flow angle approximately at the 
middle of the passage can be attributed to the rolling of the 
leakage flow as discussed earlier and in reference [9]. At Z = 
0.75, a large change in the flow angle from the pressure 
surface to the suction surface observed experimentally shows 
the effect of a predominant leakage flow in this region. A 
similar change is evident at Z = 0.979. A similar vector 
diagram at R = 0.125 (Fig. 16) shows all the features men­
tioned above, but the main difference is in the relative flow 
angle, which is more inclined toward a tangential direction at 
the radial location nearer to the annulus wall. In both the 
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cases, the flow near the wall is nearly axisymmetric at the exit, 
indicating that the leakage flow and the vortex may have 
moved downward. 

Annulus-Wall Boundary Layer Profile. The radial 
variation of the axial and absolute tangential velocities 
averaged over the passage at various axial locations is plotted 
in Fig. 17. The annulus-wall boundary layer profile within the 
passage, from 4 to 22 percent span, is given in [9]. Figure 17 
gives an overall picture of the boundary layer growth as the 
flow proceeds from the inlet to the rotor and then down­
stream, where the flow has become nearly uniform across the 
passage. 

At Z = -0.012, the radial gradient in velocity is very sharp 
near the wall. This indicates that the shear stresses in this 
region should be large. The tangential and axial velocities are 
of the same order of magnitude, even though the axial 
velocity is found to be nearly twice as much as the tangential 
velocity [9] in the free stream. As the flow approaches the 
leading edge (Z = 0.003), these large velocity gradients are 
reduced, and both axial and tangential velocities increase 
away from the wall. The axial velocity undergoes a dramatic 
change from Z = 0.003 to Z = 0.5, with considerable 
reduction in its magnitude at most clearance locations. The 
tangential velocity profile undergoes a very small change from 
Z = 0.003, to Z = 0.5, indicating little or no energy transfer 
from blade to blade flow. The effect of the leakage flow and 
its interaction with the annulus-wall boundary layer can be 
clearly seen at Z = 0.5. As indicated earlier, the boundary 
layer may be getting washed off by a strong leakage jet, 
resulting in such an unconventional boundary layer. The 
annulus-wall boundary layer profile in the clearance region 
from Z = 0.75 to 0.979 (Fig. 17(d) and 17(e)) indicate that 
the leakage flow has either reached an equilibrium stage or 
has moved downward along the radius, providing a rather 
smooth profile with very little variation from Z = 0.75 to 
0.979, even though there is a slight increase in the axial 
velocity towards the trailing edge. 

A dramatic change occurs as the flow leaves the blade 
trailing edge. The axial velocity increases by almost 50 percent 
and tangential velocities decrease only slightly. The change in 
profile from trailing edge to z = 1.731 indicates that the flow 
redistribution occurs continuously downstream, even though 
the flow is nearly uniform from blade to blade. 

Conclusions 
The following conclusions can be drawn from the detailed 

measurements carried out inside the tip clearance region of 
the rotor passage as well as the exit. 

1 The flow very near the leading edge shows the usual 
features of the annulus-wall boundary layer, with per­
turbations caused by the scraping effect. 

2 The presence and interaction of leakage flow, annulus-
wall boundary layer, and the scraping vortex is the dominant 
feature at mid-chord position. The rotation of the blade 
augments the leakage flow, resulting in the movement of the 
leakage jet towards the mid-passage. This feature is observed 
from the measurement. 

3 The blade-to-blade distribution of properties is highly 
nonuniform, except in the downstream and upstream regions. 

4 The leakage flow develops considerably at 75 percent 
chord length. Leakage flow is the most predominant feature 
at this location, and the rolling up of the leakage flow takes 
place approximately midway between the passage. The flow at 
the trailing edge shows a similar trend. The measurements 
indicate the presence of separated regions near the suction 
side at mid-chord and the trailing edge locations. 

5 A marked increase in the axial velocity and a con­
siderable decrease in the tangential velocity characterizes the 
flow leaving the rotor blade passage in the annulus-wall 
region. A weak wake profile in the axial velocity is observed 
near the blade tip, but it rapidly decays as the flow approaches 
the annulus wall. 

6 A rapid decay of the wake profile takes place in the axial 
direction downstream of the blade and the flow becomes 
nearly uniform after 20 percent of the chord downstream of 
the rotor. A large difference between the values of the two 
components of the velocity still exists beyond 20 percent 
chord downstream. A continuous redistribution of the flow 
takes place up to 75 percent of the chord downstream where 
both the components of the velocity are found to be of the 
same order of magnitude. 

7 Leakage velocity measurements derived from the data 
show that it is very small at the leading edge and increases at 
mid-chord. At 75 percent chord, the leakage velocity is 
slightly less than that at mid-chord, but it is maximum at the 
trailing edge. 

8 The vector plot indicates the flow is underturned in most 
regions inside the passage. This underturning decreases 
drastically as the flow leaves the blade trailing edge. 

9 The annulus-wall boundary layer profile, based on the 
passage-averaged mean velocity, indicates substantial changes 
in the mid-chord and the exit regions. 
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Investigation of the Tip Clearance 
Flow Inside and at the Exit of a 
Compressor Rotor Passage—Part 
11: Turbulence Properties1 

The flow in the tip clearance region of a compressor rotor is highly turbulent due to 
the strong interaction of the leakage flow with the annulus wall boundary layer. 
This paper deals with the turbulence properties of the flow in the tip clearance 
region of a moderately loaded compressor rotor. The experimental results reported 
in this paper were obtained using a two-sensor hot-wire probe in combination with 
an ensemble averaging technique. Blade-to-blade distribution of the axial and 
tangential turbulence intensities at various radial locations and ten axial locations 
(four inside the blade passage and the remaining six outside the passage) were 
derived from this data. Isointensity contours in the clearance region at various 
radial locations were also obtained from the experimental data. A region of very 
high turbulence intensities was indicated at the half-chord location from these 
results. The turbulence intensity profiles also indicated that the leakage flow travels 
toward the midpassage before rolling up. The turbulence is almost isotropic beyond 
three-quarter chord downstream of the trailing edge. 

Introduction 

This paper is concerned with an experimental investigation 
of the flow field inside the tip clearance region of a com­
pressor rotor. The mean velocity data in this region was 
presented in [1]. The turbulence data in this region is 
presented and interpreted in this paper. The major objective 
of this investigation is to get a deeper understanding of the 
flow field for future modeling/analysis/computation of the 
tip clearance flow. Furthermore, the turbulence influences the 
losses in this region; hence, this study should help in the 
development of a tip clearance loss model. The companion 
paper [1] has a listing of various measurements taken in 
regions away from the blade tip. 

It is important to note that the experimental results 
presented in this paper are obtained using a two-sensor hot­
wire probe. Hence, only the axial and the tangential com­
ponents of the flow field properties are obtained. Near the end 
wall, the streamlines are expected to be almost parallel to the 
wall, and hence the velocity component in the radial direction 
should be very small. However, the turbulence intensity in the 
radial direction would introduce an error in the calculation 
of the axial and tangential turbulence intensities. A detailed 
discussion of the errors involved is given in [2]. Nevertheless, 

This is a companion paper to reference [1], Mean flow properties are 
presented in reference [1]; this paper deals with the corresponding turbulence 
properties. 

2 Presently at Memorex Corporation, RTC Division, Santa Clara, 
California. 

Contributed by the Gas Turbine Division for publication in the JOURNAL OF 
ENGINEERING FOR POWER. Manuscript received by the Gas Turbine Division 
November 3, 1982. 

in view of the fact that no flow field measurements are 
available in this region, the relative levels of the turbulence 
intensities do provide important information regarding the 
nature of interaction among the various flow structures 
present in the annulus wall region. 

The measurements reported in this paper were made in the 
axial flow compressor facility located in the turbomachinery 
laboratory at The Pennsylvania State University using a two-
sensor hot-wire probe in combination with an ensemble 
averaging technique. The flow field was surveyed at various 
radial locations and at ten axial locations, four of which were 
inside the blade passage in the clearance region and the 
remaining six outside the passage. A detailed description of 
the experimental set-up, instrumentation, measurement 
technique, and data processing is given in the companion 
paper [1]. 

Experimental Results 

Turbulence Intensity Profiles. Blade-to-blade distributions 
of the axial and the tangential turbulence intensities at various 
radial and axial locations are shown in Figs. 1-8. The blade 
locations are marked by broken lines on the 7-axis. Both the 
turbulence intensity components are normalized by the local 
maximum total velocity (maximum at any given radial and 
axial location), since the turbulence is dependent upon the 
local flow conditions. The normalizing velocities are listed in 
Table 1. 

Figure 1 shows the axial and the tangential turbulence 
intensity profiles at the inlet of the rotor. It is evident from 
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Fig. 5 Variation of turbulence intensities at the trailing edge (Z 
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Nomenclature 

L.E. = leading edge 
P.S. = pressure surface 

r = distance from the an-
nulus wall normal­
ized by (/) clearance at 
L.E. for rotor inlet 
flow, («) local clearance 
for flow inside the 
passage, and (Hi) 
clearance at T.E. for 
rotor exit flow 

S.S. = suction surface 
T = turbulence intensity 

normalized by local 
maximum mean total 
velocity [{w2)/(W2

z + 
v2\ i1/2 

T.E. = trailing edge 

U = rotational velocity Q, x 
radius 

V = mean velocity in sta­
tionary frame of ref­
erence 

W = mean velocity in relative 
frame of reference 

w = fluctuations in the rel­
ative mean velocity 

Y = distance from the fixed 
line 0-0 in the tangential 
direction normalized by 
the blade spacing (Fig. 
3,[1]) 

Z = axial coordinate direc­
tion corresponding to 
the axis of the com­
pressor 

Z = axial distance from the 

Subscripts 
max, MAX 

tip = 

z,V,r 

rotor blade leading edge 
normalized by the axial 
chord (Fig. 3, [1]) 
rotational speed rpm 
distance from the an-
nulus wall in radial di­
rection 
mass-averaged flow 
coefficient for the stage 

maximum value in the 
passage 
value at the tip of the 
rotor blade 
values in axial, tangen­
tial, and radial direc­
tions, respectively 
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Fig. 8 Variation of turbulence intensities at Z = 1.731 

Table 1 Maximum total velocities " at radial and axial stations of measurement at <f> = 0.55 

-0.012 0.003 0.50 0.75 0.979 1.055 1.179 1.440 1.593 1.731 

1.875 
1.5625 
1.25 
1.0 
0.9375 

0.75 
0.625 
0.5625 
0.5 
0.4375 

0.375 
0.3125 
0.25 
0.1875 
0.125 

0.409 
0.390 
0.377 

-
— 

0.337 
0.348 
-
-

0.342 
0.345 
0.322 
-

0.340 

-
-
-
-
— 

0.613 
-

0.493 
-
_ 

0.460 
-
-

0.386 

-
-
-
-
— 

0.604 
-

0.436 
-
_ 

0.300 
-
-

0.160 

-
-
-
-
-
__ 
-
-

0.551 
-
— 

0.539 
-

0.426 
0.305 

-
_ 
-
-
-
_ 
-
-
-

0.516 

0.530 
0.484 
0.420 
0.343 
0.256 

-
-
-
-
-
_ 

0.800 
0.740 
0.716 

-
0.687 

-
0.674 
0.660 

-

0.772 
0.765 
0.750 

-
0.718 

_ 
0.709 

-
0.687 

-
0.662 

-
0.667 

-
-

0.714 
0.693 
0.650 
0.629 

-
0.615 

-
-

0.575 
-

0.553 
-

0.538 
-
-

0.660 
0.638 
0.597 

-
0.546 

_ 
0.517 

-
0.496 

-
0.489 

-
0.462 

-
-

-
0.697 
0.723 

-
0.703 

— 
0.693 

-
0.683 
0.698 

0.682 
-

0.667 
-
-

"All the velocities are normalized by the blade tip speed Uti„ (53.50 ms) 

this figure that both components of intensities increase as the 
annulus wall is approached. The intensities have peaks at r = 
0.375 and decrease continuously away from the wall. The 
velocity gradients are high near the wall because of the an­
nulus wall boundary layer, which implies greater mixing. 
Hence higher turbulence intensities near the annulus was are 
expected. However, as the viscous sublayer approaches, the 
turbulence intensities decrease considerably. This explains the 
slight decrease in the intensities at f = 0.25. Blade-to-blade 
variation of the axial and tangential turbulence intensities 
(Fig. 1) show some effects of the unsteady flow field 
downstream. The turbulence intensities vary as much as 50 
percent in tangential direction. 

Figure 2 shows the variation of Tz and Te inside the passage 
at the leading edge (Z = 0.003). A noticeable dragging effect 
of the blade on the flow can be evidenced by a considerable 
increase in the tangential velocity. The drastic increase in the 
tangential turbulence intensities from Z = -0.012 to Z = 
0.003 support the above conclusion. Also, the decrease in Te 

near the blade surface and its increasing trend towards the 
middle of the passage supports the conclusions drawn from 
mean velocity profiles in [1] that the flow separates near the 
blade surface. The presence of the blade scraping effect is 
clearly evident at this location. An increase in Tz is also 
observed at this station, but this increase is quite small 
compared to the increase in TB. It is interesting to note that 
the blade-to-blade distributions of both Tz and Te show a 
large variation at the radial locations close to the blade tip. 
However, the radial stations close to the annulus wall show 
more uniform distribution of Tz and Te, though the level of 
intensities is higher at these stations compared to the stations 
near the blade tip. This implies that the effect of flow 
separation and dragging diminishes near the annulus wall. 

The dominant effect in this region is that caused by the shear 
gradient due to the annulus wall boundary layer. 

Figure 3 shows blade-to-blade variation of Te and Tz for 
four radial locations at midchord position (Z = 0.50). As 
discussed in the case of mean velocity profiles, the flow at this 
axial station is quite complicated. A very high level of in­
teraction of the leakage flow with the annulus wall boundary 
layer, secondary flow, and vortex generated by the scraping of 
the annulus wall boundary layer is indicated by the presence 
of very high turbulence intensities in the tangential direction. 
In contrast to the flow behavior at the leading edge, the blade-
to-blade distribution of Tz and Te at radial locations close to 
the tip of the blade is nearly uniform, while the two stations (r 
= 0.29 and 0.12) near the annulus wall show large variation 
in the tangential direction. The variation in Te at r = 0.12 is 
nearly 65 percent, while at r = 0.29 it is approximately 55 
percent. The Tz variation in both the cases is about 20 per­
cent. This trend in the flow behavior indicates the presence of 
a strong leakage jet which washes away the annulus wall 
boundary layer, causing a very high level of mixing in the 
region close to the annulus wall. This is in agreement with the 
similar inference derived from the mean velocity data in [1]. 

For r = 0.29 and 0.12, Fig. 3(6) indicates a low turbulence 
region near y = 0.80; and on either side of this low turbulence 
region, Tg increase. The vortex generated due to the rolling up 
of the leakage flow is indicated in this region. The vortex 
formation is closer to the pressure surface of the blade. The 
pressure difference across the blade tip is high at Z = 0.5; 
hence, the leakage flow velocity is expected to be high. A high 
leakage velocity is further augmented by the blade rotation. 
Hence, as pointed out above, the leakage flow should travel 
further away from the suction surface before rolling up. 
However, it should be noted here that the axial and tangential 
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Fig. 9 Isocontours for axial turbulence intensity at R = 0.3125 

KEY 
1 = 0.00-0.05 
2 = 0.05-0.10 
3 = 0.10-0.15 
4 =0.15-0.20 
5 = 0.20-0.25 
6 = 0.25 - 0.30 
7= 0.30-0.35 

8=0.35-0.40 
9 = 0.40 - 0.45 
10=0.45-0.50 
11 = 0.50-0.60 
12=0.60-0.70 
13 = 0.70 - 0.80 
14=0.80-0.90 

Fig. 11 Isocontours for tangential turbulence intensity at R = 0.3125 
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Fig. 10 Isocontours for axial turbulence intensity at R = 0.125 

components of the mean velocity and the turbulence in­
tensities by themselves are insufficient to predict the exact 
nature of the interaction among the various flows present in 
the end wall region and the exact nature of mixing. Additional 
information on the variation of the radial component of the 
mean velocity and the radial turbulence intensity is needed for 
interpreting the above data in further detail. 

Variations of Tz and Te at three-quarter-chord location (Z 
= 0.75) are shown in Fig. 4. A well-defined behavior of the 
flow inside the tip clearance is evident. As can be seen from 
this figure, there is a sudden decrease in both Tz and T0 inside 
the tip clearance region. The narrow passage formed between 
the blade tip and the annulus wall tends to channelize the 
leakage flow which results in reduced turbulence intensities. 
The blade-to-blade distribution of T0, as shown in Fig. 4(b), is 
very similar to that of Vs/(Wz)max, shown in Fig. 7 of [1]. The 
former shows a peak at y = 0.75 for all the radial locations, 
after which Te starts decreasing. This clearly indicates the 
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Fig. 12 Isocontours for tangential turbulence intensity at R = 0:125 

presence of a vortex due to rolling up of the leakage flow or 
scraping of the boundary layer. The variation of mean axial 
velocity Wz/(Wz)mm is also in agreement with the Te 

variation. The local minima in Wz/{Wz)mm at Y = 0.75 
corresponds to the maxima in T0 at the location for all the 
radial stations. 

Figure 4(a) shows a local minima near r = 0.67 for all the 
four radial locations. This, accompanied with the radial 
velocity distribution, should indicate the presence of a leakage 
vortex. However, the radial velocity measurements are not 
available in this region, making it difficult to interpret the 
data completely. Comparing the Te and Tz distributions at 
this location (Z = 0.75), several interesting features of the 
flow field can be observed. In the case of the Tg distribution, 
the four curves at different radial stations nearly overlap each 
other, while the Tz distribution for different radial locations 
shows four distinct curves, even though the profiles are 
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similar. It can be inferred from this behavior that in the 
tangential direction the leakage flow is very prominent and 
the effect of the annulus wall boundary layer on the tur­
bulence is very weak. However, in the axial direction, the 
effect of the annulus wall boundary layer is noticeable in the 
form of increasing intensity towards the annulus wall. The 
axial turbulence intensity shows a decrease of about 20 
percent from the previous axial station at Z = 0.5. The 
decrease in the tangential turbulence intensity is very large, 
indicating a stabilized leakage flow. 

The Te distribution at Z = 0.979, as shown in Fig. 5(b), is 
very similar to that at Z = 0.75. One noticeable difference is 
in the magnitude and location of the local maxima, which is 
smaller and has shifted slightly towards the suction surface. 
Since the pressure drop across the blade is very small, the 
leakage flow starts rolling up closer to the suction surface, as 
indicated by the position of the local maxima in Tg. Tz 

distribution, as illustrated in Fig. 5(a), shows a peak near the 
pressure side of the blade, decreases continuously till the 
middle of the passage, and then increases again. There is no 
appreciable difference in the level of T9 and Tz from that at Z 
= 0.75. 

The flow at the exit of the rotor in close proximity to the 
annulus wall is characterized by low turbulence intensity in 
the tangential direction. Figure 6 shows Te and Tz 

distributions at Z = 1.055. The tangential turbulence in­
tensity distribution in Fig. 6(b) is almost uniform for all the 
radial locations. Also, the T$ values are very much lower than 
those at the last station inside the rotor passage. The leakage 
flow effects vanish very rapidly outside the passage. Figure 
6(a) shows that Tz decreases near the blade surface and in­
creases towards the middle of the passage for two radial 
locations near the blade tip, while the stations closer to the 
wall show more or less uniform mixing. The turbulence 
characteristics of the flow at Z = 1.179, as shown in Fig. 7, 
are very similar to those at Z = 1.055. 

At Z = 1.440 and Z = 1.593, the blade-to-blade variations 
of Tg and Tz are almost uniform at all the radial locations. 
However, the Tz component is nearly twice as large as the Ts 

component at Z = 1.440. The trend towards achieving an 
isotropic flow condition is reflected is the slowly decreasing 
axial turbulence intensity level. At Z = 1.73 (Fig. 8), both 
components of the turbulence intensities are of the same 
order, and the blade-to-blade variation of these components is 
nearly uniform at all the radial locations. The turbulence 
intensities vary from 3 percent to 8.5 percent. 

Isoturbulence Intensity Contours in the Z-d Plane. The 
contours of equal intensities in the clearance region at r = 
0.3125 and r = 0.125 are shown in Figs. 9-12. Figures 9 and 
10 show the isocontours for axial turbulence intensity. The 
overall level of turbulence is slightly higher at f = 0.125 than 
that at f = 0.3125. In both cases, peak intensities occur 
slightly away from the suction surface at Z = 0.50. Figures 11 
and 12 show the isocontours for tangential turbulence in­
tensity for the same radial locations mentioned above. It can 
be observed from these figures that maximum flow in­
teraction takes place in the tangential direction. Over a small 
axial distance from Z = -0.012 to Z = 0.003, a rapid change 

in the tangential turbulence intensity level is observed at r = 
0.3125, as shown in Fig. 12. Two pockets of high intensity are 
observed at approximately one-third and two-thirds of the 
passage near the leading edge. At r = 0.125, a similar rapid 
increase from Z = -0.012 to Z = 0.003 is observed, but two 
small regions of high intensity are absent. At Z = 0.5, an 
overall increase in the level of turbulence intensities is ob­
served. As explained earlier in this chapter, maximum leakage 
velocities and a high level of mixing occur at Z = 0.5. At r = 
0.125, peak intensities occur slightly away from the suction 
surface; while at r = 0.3125, the peak intensity level is ob­
served very near the clearance region. The level of turbulence 
decreases as soon as the flow leaves the rotor passage. 

Conclusions 

The following conclusions can be drawn from the ex­
perimental results: 

1 The turbulence intensities increase towards the annulus 
wall because the mean velocity gradients are high near the 
wall. 

2 The turbulence intensity profiles at Z = 0.003 indicate 
the scraping effect of the blade on the flow. The flow 
separation near the blade surface and the presence of the 
blade boundary layer scraping are also evident from these 
profiles. 

3 The presence of a high level of turbulence intensities at 
Z = 0.50 indicates a strong interaction of the leakage flow 
with the annulus wall boundary layer, secondary flow, and 
vortex generated by the scraping of the annulus wall boundary 
layer. Both the mean velocity profiles reported in [1] and the 
turbulence intensity distribution reported in this paper in­
dicate the presence of a strong leakage flow jet which mixes 
with the annulus wall boundary layer, causing regions of high 
turbulence intensities. 

4 At Z = 0.75 and 0.979, turbulence intensities drop 
suddenly in the tip clearance region. 

5 The flow at the exit of the rotor is characterized by low 
turbulence in the tangential direction. A continuous 
redistribution of turbulent energy takes place up to 70 percent 
chord downstream of the rotor trailing edge. 

6 The turbulence far downstream of the clearance region 
is nearly isotropic. 
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Fuel Microemulsions for Jet 
Engine Smoke Reduction 
The concept of water and alcohol/fuel microemulsions for the purpose of reducing 
smoke emissions from jet engine test cells was studied in a T-63 gas turbine com-
bustor. Several ethanol/fuel, methanolI fuel, and water I fuel microemulsions were 
prepared with JP-4 and JP-8 base fuels and the appropriate surfactants; anhydrous 
ethanol was miscible in both base fuels. These blends reduced radiation and exhaust 
smoke, increased CO and total hydrocarbon emissions, and decreased combustion 
efficiency. NOx was reduced when the surfactant did not contain nitrogen. The 
reductions in smoke and radiation correlated with changes in the H/C ratio of the 
fuel blends. Anhydrous ethanol/fuel solutions were most effective in reducing 
smoke from the standpoint of cost, operational, and systems effects. 

Introduction 

Soot formation in gas turbine engines continues to be a 
threat to the operation and performance of military and 
commercial aircraft. Exhaust smoke forms obvious signatures 
and is an environmental nuisance, while the flame radiation 
from incandescent soot particles reduces the life of combustor 
liners. A recent problem that has arisen is the control of 
smoke emissions from jet engine test cell facilities. 

While it is not legally clear that jet engine test cells are 
subject to stationary source performance standards, the fact 
remains that Navy test cells have been cited by state air 
pollution control officials for violations of plume opacity 
regulations justifying concern by the Air Force. This situation 
threatens to worsen as premium petroleum fuels become less 
available and force the use of jet fuels with lower hydrogen 
content (higher aromatics) which have a greater propensity to 
soot. 

A concept of water-in-fuel emulsions for the purpose of 
reducing smoke emissions from jet engine test cells was 
developed for the U.S. Naval Air Engineering Center. Both T-
63 combustor rig tests [1] and a full-scale J-79 engine test [2] 
were used to confirm the effectiveness of the concept, e.g., in 
the J-79 testing, a concentration of 15 percent water reduced 
the observed Ringleman Number from 2.5 to less than 1. 

These water-in-fuel macroemulsions were opaque, milky 
liquids that were formed by homogenization of a 
water/fuel/surfactant mixture. The water in a macroemulsion 
is in the form of microdroplets 1-3 microns in diameter 
dispersed in the fuel and stabilized by a surfactant which 
reduces the rate of coalescence. Coalescence will eventually 
cause the water in a macroemulsion to separate from the fuel 
because the dispersion is not thermodynamically stable but 
depends on a very low settling rate for stability. The basic 
problems that were encountered with the water-in-fuel 
macroemulsions were: (/) an energy-intensive mechanical 
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device such as a homogenizer was required for their for­
mation; (//') they had a limited stability because the dispersed 
phase tends to coalesce, and; {Hi) it was necessary to account 
for their decreased energy density when calibrating the engine. 

Recently, methods for creating "microemulsions" of 
water-in-fuel and of alcohol-in-fuel were developed at 
Southwest Research Institute [3]. Microemulsified fuels form 
spontaneously by simple mixing of fuel, surfactant, and 
dispersed phase. Microemulsions may be characterized as a 
dispersion with a particle size ranging from 0.01 to 0.2 
microns that is opically clear or opalescent and, when spun in 
a laboratory centrifuge for 5 min at 100 G's, will not separate. 
This class of emulsions then offers a distinct potential for 
eliminating the first two disadvantages. Alcohol-in-fuel 
emulsions offer the possibility of at least alleviating the third 
disadvantage since the energy density would not be reduced as 
much as with water addition. 

The purpose of this work was to determine if the 
microemulsion concept could be used as a viable method to 
reduce exhaust smoke from gas turbine engines. 

Experimental Program 

Several fuel blends of both JP-4 and JP-8 with ethanol, 
methanol, and water were prepared. All of these fuel blends 
were microemulsions except the fuels containing anhydrous 
ethanol, which was soluble and did not require a surfactant. 
The fuels were burned in a T-63 combustor at realistic 
operating conditions. Combustion performance 
measurements included flame radiation, exhaust smoke, 
gaseous emissions (THC, CO, and NOx) and icombustion 
efficiency. 

Combustor Facilities 

This work was performed in the U.S. Army Fuels and 
Lubricants Research Laboratory (AFLRL) located at the 
Southwest Research Institute with the Army's permission. 
This facility was specially designed to study fuel-related 
problems in the operation of turbine engines. The air supply 
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Mode 

Ground idle 
Cruise 
Climb 
Takeoff 

Table 1 
Full 

% power 

10 
55 
75 

100 

T-63 combustor rig operating conditions 
BIP BIT Wa Wf 

(psia) (°F) (lb/s) (lb/m) 
33.4 
53.6 
60.7 
69.2 

300 
430 
472 
524 

1.40 
2.06 
2.24 
2.42 

0.92 
1.79 
2.23 
2.87 

F/A 

0.0109 
0.0145 
0.0166 
0.0198 

Table 2 Summary of fuel properties for JP-4 and JP-8 
JP-4 JP-8 

Heat of combustion, Net (Btu/lb) 
Carbon, % by weight 
Hydrogen, % by weight 
Aromatic ring carbon by UV 

Single ring, % by weight 
Double ring, % by weight 
Triple ring, % by weight 

HPLC analysis 
Saturated, % by weight 
Aromatics, % by weight 

FIA analysis 
Aromatics, % by volume 
Olefins, % by volume 
Saturates, % by volume 

Viscosity at 40°C, (cSt) 
Flashpoint, °F 
Freeze point, °C 
Specific gravity at 60°F 
Smoke point, mm 
Aniline point, °C 
Final boiling point, "C 
H/C atom ratio 

18,359 
86.45 
13.54 

17.2 
1.1 
0.0 

— 

23.1 
0.6 

76.3 
0.60 
— 
- 7 2 
0.7640 
53.7 
34.8 
194 
1.879 

18,390 
86.34 
13.64 

19.5 
0.4 
0.0 

77.4 
22.6 

23.6 
2.8 

73.6 
0.96 
106 
- 6 7 
0.7941 
46.7 
50.0 
256 
1.896 

Gross 
Table 3 Physical and chemical properties of surfactants 

SOA ClindrollOOCG Clindrol 101 CG 

Heat of combustion (Btu/lb) 
Hydrogen, wt°7o 
Carbon, wt% 
Oxygen, wt% 
Nitrogen, wt% 
Specific gravity 

15,680 
11.73 
71.49 
12.99 
3.79 
0.9539 

14,025 
11.2 
58.9 
25.53 
4.37 
0.9985 

14,405 
11.2 
59.3 
25.13 
4.37 
0.9896 

system provides a clean, smooth flow of air to the combustion 
test cell at rates up to 1.1 kg/s at pressures to 1620 kPa (16 
atm) and temperatures to HOOK (unvitiated). Turbine flow 
meters and strain-gage pressure transducers are used to 
measure flow properties of the air and fuel. Thermocouples 
are referenced to a 339K (150°F) oven. Data reduction is 
performed on-line with test summaries available immediately; 
these summaries provide average flow data as well as standard 
deviations (typically less than 1 percent of average values), 
exhaust temperature profiles, emissions data, and combustion 
efficiency. 

Combustor Rig. The combustor rig is based on engine 
hardware from the Allison T-63 engine [4, 5]. The burner is a 
single-can type with a dual-orifice pressure atomizer centered 
in the dome. At the burner exit there is a centerbody that 
directs the flow into an annulus where the nozzles and turbine 
blades are normally located. Gas-sampling probes, pressure 
probes, and thermocouples are arranged circumferentially in 
one plane of this annulus at various radial positions. Table 1 
presents the air flow and fuel flow conditions that were 
established to correspond with various power points following 
the guidelines of the manufacturer. 

Exhaust smoke number was measured in accordance with 
SAE-XRP1179, and flame radiation from the primary zone 

was measured with a water-cooled bolometer-type radiation 
sensor attached to the side of the liner. The sensor had a 
sapphire window and a viewing angle of 150 deg. Gaseous 
emissions (CO, C 0 2 , NO, N 0 2 , 0 2 , and THC) were also 
measured, and combustion efficiency was calculated from the 
exhaust gas analysis. 

Test Fuels. The objective in formulating the test fuels 
were (0 to evaluate several microemulsions of water in JP-4 
and JP-8 and alcohols in JP-4 and JP-8 using surfactants that 
had previously shown promise in earlier fuel preparation 
studies, and (if) to select the most favorable formulations 
from each of these four categories for combustor testing. 

The JP-4 and JP-8 base fuels meeting ASTM specifications 
were obtained from Howell Hydrocarbons, Inc., San An­
tonio, Texas. The JP-4 and JP-8 as received had somewhat 
low aromatic contents, 15 and 8 percent, respectively. For this 
work, aromatics of an appropriate boiling range were added 
to the fuels to assure smoke numbers above 30 in the com­
bustor tests. A summary of the fuel properties of JP-4 and 
JP-8 used in blending the microemulsified fuels is given in 
Table 2. 

Based on previous experience in formulating 
microemulsions of water, methanol, and ethanol with diesel 
fuels, eighteen different surfactants were selected as being 

Nomenclature 

BIP = burner inlet pressure 
BIT = burner inlet temperature 

F/A = fuel/air ratio 
THC = total hydrocarbons 

Wa 
Wf 

air flow rate 
fuel flow rate 
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potentially successful for JP-4 and JP-8. Of these, the most 
appropriate surfactants were selected by evaluating about 
fifty test formulations for each JP-4 and JP-8. 

It was found that anhydrous ethanol (200 proof) was 
miscible in JP-4 and JP-8 and did not require a surfactant. 
The surfactant with the trade name Schercomid (SO-A) from 
Scher Chemical Co. was selected for the preparation of the 
aqueous methanol and ethanol (190 proof) and the anhydrous 
methanol (200 proof) in JP-4 and JP-8 microemulsions. 
Stabilization of microemulsions of JP-4 containing up to 20 
percent aqueous ethanol and anhydrous methanol was 
achieved with about 3 percent SO-A. Much higher con­
centrations of SO-A were required in the stabilization of 
aqueous methanol/JP-4 microemulsions; equal amounts of 
SO-A and alcohol were used in these blends. 

The JP-8 blends required concentrations of SO-A 1 to 2 
percent more than the corresponding JP-4 blends. In 
preparing the water/fuel microemulsions, two surfactants 
with the trade names Clindrol 100 CG and Clindrol 101 CG 
from Clintwood Chemical Co. were selected for the respective 
JP-4 and JP-8 blends. For these emulsions, equal amounts of 
water and surfactant were used. The pertinent properties of 
the surfactants are given below in Table 3. 

Results and Discussion 

The main emphasis in combustor testing was to determine 
the potential of the fuel blends to reduce exhaust smoke. The 
testing was carried out in two phases. In the first phase, the 
fuel blends of JP-4 and JP-8 containing 10 and 20 percent of 
the dispersed phase (water, anhydrous and aqueous ethanol 
and methanol) were tested at the takeoff operating condition 
to determine if significant reductions in exhaust smoke could 
be achieved; this operating condition was selected because it 
gave the highest smoke emissions. A 40-percent reduction in 
smoke number was considered significant since in the earlier 
Navy work [1, 2] this value corresponded to a reduction in the 
J-79 plume visibility from Ringleman 2.5 to 1. 

All three of the dispersants gave significant reductions in 
smoke number. Based on their concentration, the ef­
fectiveness in reducing smoke number was in the order water 
>methanol > ethanol. There are two reasons for this: (/) the 
amount of surfactant required, since the surfactant alone was 
found to reduce smoke a little; and (») the relative effects of 
water and the alcohols on the hydrogen-carbon ratio of the 
fuel, as will be discussed later. 

In the second phase of the work, water and one of the 
alcohols were selected for comprehensive combustor testing 
which included all the operating conditions given in Table 1 
and a complete combustion performance analysis. Two 
criteria were used to select the alcohol form to be used in the 
comprehensive combustor testing: (<) the fuel cost ef­
fectiveness in reducing smoke; and (/'/') the increase in fuel 
flow rate associated with the reduction in smoke for the 
reasons discussed earlier. In comparing the fuel costs and 
their respective abilities to reduce smoke in the first phase of 
testing, it became apparent that the anhydrous ethanol 
solutions were most attractive. The aqueous methanol 
microemulsion cost the most, whereas the other 
microemulsions made with anhydrous methanol, aqueous 
ethanol, and water were about the same. 

In comparing the relative increase in fuel flow rate 
associated with a reduction in smoke number, there was very 
little difference among the test fuels. The JP-4 -and JP-
8/anhydrous methanol blends showed only a slight advantage 
over the respective anhydrous ethanol blends. This is 
discussed in more detail later in the paper. 

In considering both of the criteria given above, fuels 
blended with anhydrous ethanol were selected for com­
prehensive testing: the slightly higher penalty in fuel flow rate 
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Fig. 1 Effect of ethanol concentration on exhaust smoke 
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Fig. 2 Effect of water concentration on exhaust smoke 

is more than offset by the significantly lower relative cost. 
Anhydrous ethanol solutions also have the advantage of being 
two component systems, which simplifies the blending of 
fuels for engine testing. 

Comprehensive Combustion Performance Testing. 
General Results. The ethanol/fuel and water/fuel blends 

were tested at the four combustor operating conditions shown 
in Table 1 ranging from idle to full power. The effects of 
ethanol and water on exhaust smoke and flame radiation are 
shown in Figs. 1-4; the effects on combustion efficiency are 
shown in Fig. 5. In general, the exhaust smoke and flame 
radiation were reduced by the added water and ethanol, but 
the carbon monoxide and total hydrocarbon emissions in­
creased, thus decreasing the combustion efficiency. Figure 6 
presents the NOx emissions for the two fuel concepts for the 
anhydrous ethanol/fuel blends; the NOx levels were reduced 
but they were higher for the water/fuel emulsions. This in­
crease was due to the nitrogen content of the surfactant; if the 
surfactant had been more judiciously selected, the NOx levels 
would have been lower for these fuels also. 

Water and ethanol were both very effective in reducing soot 
formation. The most significant reductions in exhaust smoke 
and flame radiation were at the full power condition; changes 
in combustion efficiency, i.e., total hydrocarbon and carbon 
monoxide emissions, were very modest at this condition. As 
the power was reduced, the effect on smoke and radiation 
became less dramatic and the combustion efficiency 
decreased. 
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Fig. 3 Effect of ethanol concentration on flame radiation 
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Fig. 5 Effect of ethanol and water on combustion efficiency: J P-8 
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Fig. 4 Effect of water concentration on flame radiation 
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Fig. 6 Effect of ethanol and water on exhaust NOx 

specific emissions index) 
JP-8 (energy 

Flame Radiation and Smoke. The reductions in soot 
formation by water and alcohols appears to be determined by 
the degree with which they increase the hydrogen/carbon 
ratio of the fuel blend. Several studies (4, 6-8) have shown 
that hydrogen/carbon ratio is a good correlating parameter 
for soot formation in gas turbine engines. Recent work [5] has 
shown that this correlation can be extended to hydrocarbon 
fuels containing oxygenates and dispersed water. In this case, 
the hydrogen and carbon contained in the water and alcohol 
are also included in calculating the H/C ratio. The purpose of 
those studies was to determine the fuel property that 
correlates most favorably with the tendency of a fuel to soot. 
The fuel properties examined were aromatic content, 
aromatic-ring-carbon content, H/C ratio, viscosity, and final 
boiling point. The correlation of aromatic content and 
aromatic-ring-carbon content was favorable for petroleum-
base fuels consisting mainly of paraffins and aromatics but 
was invalid for fuel blends containing alcohols and water. On 
the other hand, the H/C ratio correlation was valid for all of 
the fuel blends examined. Since the properties, viscosity, and 
final boiling point, which determine droplet lifetime did not 
affect the correlation of H/C ratio with radiation and smoke, 
it was concluded that liquid-phase pyrolysis was not 
significant and that soot production was due to gas-phase 
reactions. 

The correlations of smoke number and radiation with H/C 
atom ratio in Fig. 7 include two sets of data. The open 
symbols represent an earlier study [5], mentioned above which 
included six JP-5 petroleum fuels; three JP-5 fuels derived 

from coal, oil shale, and tar sands; seven fuels blended from 
JP-5 and diesel marine; six water-in-fuel macroemulsions; 
and two methanol-in-fuel (high aromatic fuel) solutions. The 
closed symbols represent the fuel microemulsions and 
solutions from the work presented here. It is apparent that the 
microemulsions and ethanol solutions correlate with H/C 
atom ratio in the same way as the other fuels and that the 
hydrogen contributed by the water and alcohol is chemically 
active in the reactions that consume soot precursors. Muller-
Dethlefs and Schlader [9] have examined the effects of water 
on carbon formation in premixed flames and suggest that 
increased OH radical concentrations enhance the rate of 
oxidation of free carbon. 

Combustion Efficiency. The reductions in combustion 
efficiency shown in Fig. 5 were considerably greater in the 
case of the water/fuel microemulsions than the ethanol/fuel 
solutions. In earlier work with water/fuel macroemulsions, it 
was also found that combustion efficiency decreased 
dramatically at the ground idle operating condition. In fuel 
blends containing only the surfactant (Clindrol 100 CG), the 
combustion efficiencies were about the same as the neat fuel, 
indicating these higher boiling point materials were not the 
cause. The effect would therefore appear to be differences in 
fuel atomization and vaporization rates because, at low power 
conditions, combustion is controlled largely by the fuel 
vaporization process. The fuel properties that affect 
atomization and droplet vaporization are viscosity and boiling 
point distribution, respectively. The viscosity of the 
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water/fuel microemulsion was much higher than that of the 
ethanol/fuel blend. This would result in a significant increase 
in the Sauter mean diameter of the fuel droplets in the sprays. 
In addition, recognizing the d2 law for evaporation [10], a 
corresponding difference would result in the rates of 
vaporization. 

•V 

A 
0 t tfo o 50 

t 
_l 

V 
. ' » 0 

1.75 2.0 2.25 

H/C ATOM flATIO 

2.0 2.25 2.5 

H/C ATOM RATIO 

Fig. 7 Correlation of exhaust smoke and flame radiation with 
hydrogen/carbon ratio 

The effect of boiling point distribution is speculative 
because of the complex nature of the vaporization process for 
immiscible systems (emulsions) and nonideal solutions such as 
alcohol/fuel blends. The temperature of a vaporizing droplet 
is approximately equal to the boiling point of the most volatile 
component in the fuel; for JP-8 there is little doubt that water 
and ethanol are the lowest boiling point components. In JP-4 
there are some hydrocarbons in the same boiling point range 
as ethanol and water, but they are probably in relatively low 
concentration. Thus, in either case of JP-4 and JP-8, the rate 
of vaporization of a droplet containing ethanol would be 
slower than that of the neat fuel droplet because the tem­
perature of the droplet would be depressed by the presence of 
ethanol. This may account for the decreased combustion 
efficiency found for the ethanol/fuel blends. It appears that 
this effect would be greater for water even though its boiling 
point is higher than that of ethanol. Ethanol is able to burn 
and thereby transfer heat back to the droplet, whereas the 
vaporization of the water-containing droplet is more 
dependent on convective heat transfer from the surrounding 
gas. Because of the immiscible nature of the water/fuel 
emulsion, the water evaporates much more freely; this 
suggests the possibility that the fuel droplet may not ignite 
until most of the water has evaporated. The water with its 
relatively high enthalpy of vaporization evaporates 
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Fig. 8 Relative cost to reduce exhaust smoke take-off condition 
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Fig. 9 Increase in fuel flow rate associated with reductions in exhaust 
smoke: takeoff condition 
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preferentially and suppresses the volatilization of combustible 
components. This cooling effect combined with the relatively 
high viscosity of the water/fuel microemulsions may account 
for the substantial decrease in combustion efficiency that is 
observed. 

NOx Emissions. Figure 6 shows the effects of ethanol and 
water in JP-8 on the NOx energy specific emissions index 
(ESEI). For this study, the emissions were normalized in this 
manner to account for the variations in heat of combustion 
among the test fuels. While the ethanol blends reduced the 
oxides of nitrogen, the water-in-fuel microemulsions in­
creased them significantly because the surfactant contained 
nitrogen. It was not possible to calculate the conversion of 
fuel-bound nitrogen to NOx relative to that produced by the 
Zeldovich mechanism (thermal NOx) [10], because the effect 
of water was not known. In the earlier work with 
macroemulsified fuels where the surfactant was free of 
nitrogen, the NOx was reduced significantly by the presence 
of water and undoubtedly would have been here also. 

Fuel blends of JP-4 and JP-8 containing 10 percent sur­
factant were tested at all four operating conditions. In these 
experiments, it was possible to determine the conversion of 
fuel-bound nitrogen to NOx by simply comparing the NOx 

produced by the surfactant-containing fuel with that of the 
neat fuel. It was found that the conversion efficiencies (78 and 
63 percent for JP-4 and JP-8, respectively) were essentially the 
same at all operating conditions. These fuel blends contained 
0.437 percent nitrogen; according to Blazowski [11], the 
percent conversion to NOx decreases as the concentration of 
fuel-bound nitrogen is increased. 

Cost Effectiveness. Figure 8 shows the relative cost to 
reduce the smoke number of the base fuel by adding water and 
alcohols. The relative fuel cost per kcal is plotted against the 
percent reduction in exhaust smoke number because it is the 
heat input rate required to maintain a specific combustor 
operating condition that is important. In comparing the 
slopes of the curves shown in Fig. 8, it is apparent that the 
anhydrous ethanol solutions are the most cost effective. It is 
clear that the microemulsions made with aqueous methanol 
cost the most whereas the others made with anhydrous 
methanol, aqueous ethanol, and water are similar. The costs 
(in dollars/lb) of the fuel components were JP-4 (0.15), JP-8 
(0.17), anhydrous ethanol (0.21), 190 proof ethanol (0.19), 
anhydrous methanol (0.09), methanol (0.08), and surfactants 
(0.80). 

Flow Rate Penalty. When a component such as water is 
blended with fuel, the energy density of the fuel is reduced so 
that it is necessary to increase the fuel flow rate to the engine 
in order to sustain the same power output. Figure 9 shows the 
increase in fuel flow rate associated with reductions in smoke. 
From an energy density standpoint alone, alcohols should 
reduce this penalty because they contribute to the heat of 
combustion of the fuel blend. However, of some surprise, the 
results indicate that the smoke reduction is accompanied by 
about the same flow rate penalty for all the fuel blends. This 
seems to be due to the fact that while the smoke reducing 
order is water > methanol > ethanol, the order of increasing 
energy density is ethanol > methanol > water. 

Summary 
9 Microemulsions or water, methanol, and ethanol (aqueous) 
in JP-4 and JP-8 can be formulated. 

8 Ethanol (anhydrous) is soluble in JP-4 and JP-8. 
9 These blends affected combustion performance as follows: 

9 Reduced soot formation 
» Reduced exhaust smoke 
8 Reduced oxides of nitrogen (Increased NOx when sur­

factant contains nitrogen) 
• Increased CO 
9 Increased total hydrocarbons 
• Decreased combustion efficiency 

9 The last three detrimental effects are only important at low 
power operating conditions such as ground idle where smoke 
is low and the smoke reduction concepts would not be 
necessary. 
9 Smoke and radiation reductions from the addition of water 
and alcohol correlated with changes in hydrogen/carbon 
ratio. 
9 Ethanol (dry) solutions appear to be the most effective 
from the standpoint of cost, operational, and system effects. 
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Secondary Flow Mixing Losses in 
a Centrifugal Impeller 
Detailed flow measurements made in a l-m dia shrouded centrifugal impeller 
running at 500 rpm are presented. All three mutually perpendicular components of 
relative velocity and rotary stagnation pressures were measured on five cross-
sectional planes between the inlet and the outlet, using probes which were traversed 
within the rotating impeller passage. The reduced static pressures were also 
calculated from these flow measurements. The measurements were made for an 
impeller flow rate corresponding to approximately zero incidence at the blade 
leading edges. Shroud boundary layer separation and secondary flow were observed 
to lead to the formation of a wake in the suction-side/shroud corner region. It is 
concluded that the turbulent mixing associated with the shroud boundary layer 
separation and the strength of the secondary flow strongly influence the size and 
location of the wake, respectively. 

Introduction 

Many research workers, for example [1, 2, 3], have studied 
the outlet flows from centrifugal impellers and most have 
observed a "jet-wake" pattern. Eckardt [4] was able to show 
that potential flow theory was capable of describing the jet 
flow, which he measured in some detail. However, although 
impeller geometry, flow rate and operating speed are known 
to influence the size and position of the wake, wake flows 
cannot be predicted reliably by current design methods. An 
improvement in our understanding of the wake flow could 
therefore help in optimizing the performance of centrifugal 
compressors. 

In order to predict the development of the wake it is 
necessary to investigate in detail the secondary flows which 
contribute to the thickening of the boundary layers on the 
suction and shroud walls. 

Objective. The principal objective of this work was to 
determine the flow phenomena which influence the 
development of the wake and its size and location in the 
impeller discharge flow. To this end, the authors measured all 
three mutually perpendicular velocity components and the 
rotary stagnation pressure,p* =p+ 1/2 p(W1 -co2r2), on five 
cross-sectional planes between the inlet and outlet of the 
impeller. 

Secondary Flow. Let us now consider how secondary flow 
develops in centrifugal impellers. 

The generation of stream wise vorticity along a streamline in 
inviscid, incompressible flow in a rotor is governed by an 
equation derived by Smith [5], but more recently presented by 
Hawthorne [6] in the following simple form: 

3 
~ds \w)~ ~plv2 \R~„ ~db+lv ~dzr ) (1) 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982, Manuscript 
received at ASME Headquarters December 2, 1981. Paper No. 82-GT-44. 

where p* =p+l/2p(W2-u>2r2) is the rotary stagnation 
pressure, W is the fluid velocity relative to the rotor and cor is 
the rotor tangential velocity. The equation is expressed in 
streamwise coordinates where s is the streamwise direction, n 
the normal direction, and b the binormal direction. The two 
terms contributing to the generation of streamwise vorticity, 
Qs, are due to curvature of the streamlines with radius R„ and 
to rotation with angular velocity co about the axis z'• These 
contributions are due to gradients of p* in the binormal and 
axial directions, respectively. 

Rotary Stagnation Pressure p*. The rotary stagnation 
pressure, p*, is conserved along a streamline in steady, in-
viscid, incompressible flow in a rotor. Viscosity reduces/?*, 
but for small distances along streamlines one may identify a 
fluid particle by its value of/7*. This is particularly useful as it 
offers a method of following the development of the flow by 
tracking fluid particles. The migration and accumulation of 
low p* fluid which will be found in the boundary layers and 
the wake, can thus be observed directly. The large gradients of 
p* which will occur in boundary layers will give rise to 
secondary flows as indicated by equation [1]. 

Stable Locations for Low p* Fluid. Low p* fluid will 
migrate under the influence of secondary flows towards 
regions of low reduced static pressure, which Johnson [7] has 
termed "stable locations." However, the low/7* fluid will not 
necessarily accumulate at these stable locations because, as 
discussed by Johnson, the inertia of the secondary flow may 
carry this fluid beyond the stable location. Nonetheless, the 
stable location for each cross section of the impeller passage, 
is the approximate position where the wake flow should 
develop. 

Secondary Flow in Centrifugal Impellers. The Ghost 
impeller and Eckardt's impeller have similar geometries [8] 
and both have two bends, the inducer bend and the axial-to-
radial bend. In the inducer bend, secondary flow develops 
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Fig. 1 Schematic of test rig: 
(1) Impeller roating at 500 r.p.m. 
(2) Pulley driven by motor 
(3) Screens (30 mesh, 27 gauge) 
(4) Honeycomb 
(5) Inlet duct 
(6) Pressure transducers and amplifiers 
(7) Slip rings 
(6) Seal 
(9) Shroud attached to impeller 
(10) Boundary layer trips 

which convects fluid with low /?* from the shroud and hub 
surfaces towards the suction surface. Secondary flow in the 
axial-to-radial bend moves low/)* fluid towards the shroud 
from the suction and pressure surface boundary layers. 

Rotation also induces a streamwise component of vorticity 
whenever a gradient of/?* exists in the axial direction. Such 
gradients occur on the blade surfaces in the inducer of the 
centrifugal impeller and also on the shroud and hub surfaces 
once the flow has a radial component of velocity in the later 
part of the passage. Anand and Lakshminarayana [9] have 
investigated inducer flow and observed the convection of low 
momentum boundary layer fluid towards the shroud on both 
the suction and pressure surfaces of their axial inducer blades. 
The migration of low /?* fluid towards the suction surface in 
the radial part of an impeller passage was studied by Moore 
[10], who used a rotating radial flow channel. 

It is interesting to note that in the axial-to-radial bend, the 
rotation and the curvature do not produce similar three-
dimensional flows, but compete for the dominating influence 
on the stable location of low/?* fluid. This competition must 
contribute to the observed differences in wake location in the 
discharge flow from different centrifugal impellers. From 
equation (1) it can be seen that the Rossby number, W/oiR„, is 
a measure of the relative influence of curvature and rotation. 
For impellers operating with a low Rossby number for the 
axial-to-radial bend, rotation effects will dominate and the 
wake fluid will most likely be found on the suction surface. 
However, if the Rossby Number is high, the wake fluid may 
be expected on the shroud wall at the impeller exit as the 
bend's curvature will dominate the flow. 

The axial-to-radial bend of both the Ghost and Eckardt's 
impeller have Rossby numbers close to unity and so in these 

STATION 

STATION 

STATION 2 

STATION 1 

.AXIS OF 
/ ROTATION 

Fig. 2 Impeller passage with measurement planes 

impellers, curvature and rotation are likely to be of.ap­
proximately equal importance and so the wake might be 
expected close to the suction-side/shroud corner region, as 
was indeed observed by Eckardt. 

Turbulent Mixing. Just as rotation and curvature can 
influence large scale secondary flow in centrifugal impellers 
through processes described by equation (1), so small scale 
fluid motions can be modified also. Turbulence modifications • 
by curvature and rotation has been studied in detail by 
Johnston [11], but here we simply note a rule for determining 
whether turbulent mixing is suppressed or enhanced. If, in a 
boundary layer or shear layer, the cross-stream gradient of 
rotary stagnation pressure, p*, is in the same direction as the 
gradient of reduced static pressure, pr, then turbulent mixing 
will be suppressed. However, if the gradients are in opposite 
directions, turbulent mixing will be enhanced. In the cen­
trifugal compressor impeller this will mean that, in general, 
mixing will be suppressed in the boundary layer close to the 
stable location for low/?* fluid. 

The Test Rig 

The centrifugal impeller rig, as described in Johnson and 
Moore [12] and Johnson [13], is shown in a schematic 
diagram (see Fig. 1). Measurements were made on five cross-
sectional planes as shown in Fig. 2, using probes which 
rotated with the impeller. 

The three mutually perpendicular components of relative 
velocity were measured using a five-hole pressure probe. The 
probe was calibrated for flow direction and velocity and the 

Nomenclature 

/? = static pressure 
pr = reduced static pressure, 

1 
Pr=P~ pu2r2 

p* = rotary stagnation pressure, 

/?*=/?+ — p W2 po>2r2 

2 2 
Pr = dimensionless reduced static 

pressure, equation (2) 

P* = dimensionless rotary 
s t a g n a t i o n p r e s s u r e , 
equation (3) 

r,8,z' = cylindrical polar coordinates 
R„ = radius of curvature of 

streamline 
s,n,b = streamwise, normal and bi-

normal directions - stream­
line coordinates 

W = relative velocity 
x/x0 = meridional inlet to outlet 

coordinate, measured along 
the shroud 

y/yD — pressure-side to suction-side 
coordinate 

z/z0 — hub to shroud coordinate 
o) = angular velocity 

Qs = component of absolute 
vorticity along streamline 

p = fluid density 

Subscripts 

min = minimum value 
max = maximum value 
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Fig. 3 Incidence angles at impeller inlet 
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Fig. 4 Station 1: dimensionless rotary stagnation pressure P* 

estimated accuracies were ± 1 m/s and ± 5 deg for a typical 
velocity reading of 10 m/s. 

A Kiel probe was used to measure the rotary stagnation 
pressure, p*, and the estimated accuracy here was ± 10 
N/m 2 . The reduced static pressure, pr, is calculated from the 
measured values of p* and relative velocity and the estimated 
accuracy of pr is ± 40 N/m 2 in the wake region and ± 20 
N/m2 elsewhere. 

Experimental Results 

The results presented show details of the flow development 
in one of the nineteen impeller passages for a design flow rate 
corresponding to approximately zero incidence angle at the 
inducer leading edge. The mass flow rate through the passage 
was 0.14 (±0.01) kg/s. 

Limiting Values of p*. The uniform axial inlet flow gave 
a flow with an approximately uniform value of p* = -270 
N/m2 ( ± 1 0 N/m2) gauge. This was the highest value of p* 
measured in the impeller flow and is subsequently referred to 
a s P*max- P*max w a s l e s s t n a n atmospheric because of 
stagnation pressure drops through the screens and the 
honeycomb in the inlet duct, which correspond to the pressure 
rise achieved in the impeller and in the diffusion beyond the 
impeller outlet. 

The lowest values of p* in the impeller flow occur in regions 
of low reduced static pressure close to wall where the relative 
velocity is also low. Such regions are to be found near the 
shroud in the inducer, and a value of p*m\n= -600 (± 
30)N/m2 gauge was estimated here. P*max-p*min 

corresponds to the maximum dynamic pressure of the 
potential flow, which is often used to characterise pressure 
recovery in centrifugal impellers. 

A dimensionless rotary stagnation pressure, p*, and a 

dimensionless reduced static pressure, pr, are defined using 
the limiting values of p*, such that 

and 

P,= 

P* = 

:~P' 

P*~P* 

(2) 

(3) 
P max P min 

A value of one for/?* occurs in the inviscid potential flow and 
Pr = 1 is associated with stagnation of the potential flow, at 
the blade leading edges for example. 

Presentation of the Relative Velocity Results. The passage 
direction is defined as the direction in which the ratio of the 
distances from each pair of walls remains constant. The 
relative velocity is then resolved into two parts; the com­
ponent in the passage direction and the remaining component 
perpendicular to this, that is, in the cross-passage direction. 
The velocity in the passage direction is represented by con­
tours in the results, whereas the cross-passage component is 
represented by an arrow at each measurement point. These 
arrows therefore indicate the combined effects of diffusion 
and secondary flow. 

Discussion 

Station 1. The flow angles at Station 1 (approximately 6-
mm downstream of the blade leading edge show that the 
incidence is relatively small (see Fig. 3). The blade leading 
edges present a blockage for the inlet flow, and this varies 
from 46 percent at the hub to 1 percent at the tip. Thus, there 
is an elliptical flow, in the blade-to-blade plane, around the 
blade leading edge and the incidence angles, relative to the 
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Fig. 5 Station 1: relative velocities - contours in mis 

blade camber line, are therefore positive on the suction side 
and predominantly negative on the pressure side. 

The velocity contours in Fig. 5 represent contours of 
relative velocity at Station 1. These show that the fluid near 
the shroud has developed a higher axial velocity than the fluid 
near the hub. This is probably an upstream effect of the axial-
to-radial bend. The velocity vectors show fluid in the lower 
half of the passage moving in the hub-to-shroud direction to 
make up the increased flow. 

The reduced static pressure (Fig. 6) shows a gradient of pr 
in the hub-to-shroud direction due to the centrifugal ac­
celeration. The pressure is also slightly higher on the pressure 
side than on the suction side, so the blades are only lightly 
loaded. The minimum pr occurs in the shroud/suction-side 
corner region (/?,.< 0.05 at y/y0 = 1.0, z/z0 = 1.0). Within this 
region at the wall, fluid with the lowest p* (p* <0.05) at 
Station 1 will occur. This does not appear on thep* diagram 
(Fig. 4), however, as the Kiel probe could not be brought close 
enough to the wall to measure p* within the thin boundary 
layer. Figure 4 also shows little or no losses have occurred, 
and the flow is therefore essentially a potential flow. 

Hot wire measurements indicate that the r.m.s. turbulence 
level is about 1.5 to 2.5 percent within the potential flow 
region at Station 1. 

Station 2. Close to the shroud there is a large adverse 
pressure gradient of reduced static pressure, particularly 
between Stations 2 and 3, as shown by the minimum values of 
Pr (0.05 and 0.3, respectively) in the two reduced static 
pressure diagrams (Figs. 9 and 12). This pressure rise occurs 
as the fluid reduces its tangential velocity, and hence its 
relative velocity, as it turns through the inducer bend. 

Due to the adverse pressure gradient, low velocity fluid in 
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Fig. 6 Station 1: dimensionless reduced static pressure Pr 

Fig. 7 Station 2: dimensionless reduced static pressure P* 
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Fig. 10 Station 3: dimensionless rotary stagnation pressure P* 
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Fig. 11 Station 3: relative velocities - contours in m/s 
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Fig. 9 Station 2: dimensionless reduced static pressure P, 
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the boundary layers close to the suction-side/shroud corner 
region at Station 2 will possess insufficient rotary stagnation 
pressure (P* <0.3) to reach Station 3. Consequently, this fluid 
must mix with higher p* fluid in order that it may increase its 
momentum and proceed to Station 3. However, turbulent 
mixing will be suppressed by the pressure gradients induced by 
the curvatures in the inducer and axial-to-radial bends. The 
measured pressures in this region at Stations 2 and 3 were 
observed to be very unsteady, and it therefore seems probable 
that the mixing, which must occur in this region, was 
associated with some unsteady flow separation. This may also 
be associated with periodic reversed flow. 
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Fig. 12 Station 3: dimensionless reduced static pressure, P, 

On the hub surface, the boundary layer experiences little or 
no pressure rise in the streamwise direction. In addition, 
secondary flows cause boundary layer fluid to move from the 
hub wall onto the suction and pressure surfaces as shown in 
Figs. 8 and 11. The region of low/?* fluid observed on the 
suction side wall in Fig. 7 is due to the thickening of the 
boundary layer caused by these secondary flows. Figure 8 
shows that this lowp* fluid is moving up the suction side wall 
to a point at approximately z/z0 = 0.65. 

The stable location for this low p* fluid is close to the 
suction-side/shroud corner, where the reduced static pressure 
is lowest. However, as Pr is increasing in the streamwise 
direction in this corner region, the flow here is decelerating 
and diverging. Hence cross velocities are induced, away from 
the corner, which oppose the secondary flow up the suction 
surface and so prevent to low p* fluid from reaching the 
corner region. 

It is interesting that the large change in the distribution of 
P* between Stations 1 and 2 is not reflected in a similar 
change in the velocity distributions as shown in Fig. 8. This is 
because there has been no significant rise in Pr in the suction-
side/shroud corner region between Stations 1 and 2 (see Figs. 
6 and 9) as the blades have loaded. 

The blade-to-blade pressure gradient for the inducer bend 
can be approximately modeled by the streamline curvature 
equation 

Taking Rn for the inducer bend at Station 2 as 200 mm and 
W=\5 m/s, the calculated value for the blade-to-blade 
pressure difference at about midheight is AP,. = 0.25, which is 
of the same magnitude as the measured value. This pressure 
difference is larger near the shroud, where the relative 
velocities are higher {W—\l m/s) and the blade-to-blade 
distance is larger. The calculated value is APr=0.48, which 
again compares well with the measurements. 

Station 3. Station 3 is approximately halfway along the 
passage and the flow has turned through 58 deg of the axial-
to-radial bend. 

The reduced static pressure gradient required to turn the 
flow around the axial-to-radial bend can again be calculated 

Fig. 13 Station 4: dimensionless rotary stagnation pressure, P* 

from the streamline curvature equation (4). For the axial-to-
radial bend, R„~200 mm and W^12 m/s, which gives a 
calculated hub-to-shroud pressure difference of APr = 0.34, 
close to the measured value in most of the potential flow 
region (see Fig. 12). 

The velocity diagram (Fig. 11) shows that the axial-to-
radial bend is dominating the secondary flow pattern. The 
passage is occupied by two opposing vortices; an an­
ticlockwise vortex on the suction side, and a second, weaker, 
clockwise vortex on the pressure side of the passage near the 
hub. This is the pattern which is characteristic of a stationary 
axial-to-radial bend, but here there is evidence of a secondary 
flow along the shroud towards the suction side corner, which 
is generated by Coriolis forces due to the passage rotation. 
This flow along the shroud, together with the flow up the 
suction side, has convected the lowp* fluid on these two walls 
at Station 2 into the shroud/suction side corner region, as 
shown in Fig. 10. 

The flow now has a jet-wake flow pattern. In the jet, where 
P* is approximately unity (see Fig. 10), the potential flow has 
changed very little between Station 2 and 3, as can be seen 
from the velocity and pressure diagrams (Figs. 8, 9, 11, and 
12). But a wake has formed as the low p* fluid has ac­
cumulated and slowed down. This gives the first indication in 
the velocity diagram of a large-scale departure from a 
potential flow and as such, it corresponds remarkably closely 
with Eckardt's first observation of the wake, in his impeller, 
at his operating condition and his Station 3. In this study, 
however, the thickening of the suction side and shroud wall 
boundary layers has already been observed in thep* diagram 
at Station 2 (Fig. 7) and the subsequent migration of this low 
p* fluid between Stations 2 and 3. 

Station 4. At Station 4, the passage is almost radial. The 
reduced static pressure distribution is therefore dominated by 
the tangential blade-to-blade gradient of pressure due to the 
Coriolis acceleration. This is seen in Fig. 15, where the static 
pressure falls almost linearly from the pressure side to the 
suction side near the hub. Near the shroud, however, the 
pattern is broken by a uniform pressure region in the wake. 

This pressure gradient can be modeled fairly simply as due 
to a radial flow with a mean velocity W= 12 m/s. The 
tangential pressure gradient is then given by the simple ex­
pression: 

1 dp 
- -£ =1*>W (5) 

In the impeller at Station 4, the tangential distance between 
the suction and pressure wall is about 0.11 m. Hence, we 
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Fig. 14 Station 4: relative velocities - contours in m/s 

Fig. 15 Station 4: dimensionless reduced static pressure, P, 

obtain a simple estimate for the pressure difference between 
the blade surfaces of 0.51. This agrees well with the measured 
static pressure difference of about 0.50. 

The stable location for low p* fluid in the radial section of 
the passage is the suction side, which is also the position of the 
lowest reduced static pressure (see Fig. 15), as would be 
predicted for a straight rotating channel. However, although 
the axial-to-radial bend has a small influence on the pr 
distribution, its influence remains in the inertia of the twin 
secondary flow vortices observed at Station 3 (see Fig. 14). 
The flow up the suction and pressure surfaces to the shroud 
has weakened considerably, but low p* fluid is still being 
convected up the suction surface to the shroud. As illustrated 
by the velocities (Fig. 14) and the p* contours (Fig. 13), the 
wake has moved further along the shroud, its core now being 
My/y0 =0.7, even though the stable location for low/?* fluid 
has moved the other way! This movement must be attributed 
to the inertia of the anticlockwise vortex on the suction side of 
the passage. The second vortex, the clockwise one on the 
pressure side of the passage, has been greatly augmented 
along the shroud by the action of Coriolis forces. The low/?* 
fluid from the secondary flows up the suction side and along 
the shroud collide on the shroud &ty/y0 — 0.1 and this causes 
low energy fluid to move away from the wall. 

In the strong shear layer between the wake and the potential 

30 / Vol. 105, JANUARY 1983 

Fig. 16 Station 5: dimensionless rotary stagnation pressure, P* 

Fig. 17 Station 5: relative velocities - contours in m/s 

flow region at Station 4 turbulent mixing is probably sup­
pressed by the action of curvature and Coriolis forces. 

Station 5. Station 5 is close to the impeller exit and the 
passage is still radial as shown in Fig. 2. 

The p* contours (Fig. 16) show that the wake area had 
increased considerably between Stations 4 and 5. The 
minimum value of P* at Station 5 is higher than that obtained 
at Station 4 (,P*=0.51 compared with P*=0.46). The only 
way the rotary stagnation pressure of a fluid particle can 
increase along a streamline is by mixing with neighboring 
fluid with a higher value of/?*. Therefore, the lowest/?* fluid 
at Station 4 must have mixed with higher p* fluid. 

Mixing was suppressed at Station 4 by the strength of the 
Coriolis forces but, as can be seen from thepr diagram (Fig. 
18), these forces have weakened as the static pressure gradient 
has reduced, due to the blades unloading close to the impeller 
discharge. The reduced static pressure on the suction side has 
risen while that on the pressure side has dropped only slightly. 
This has been achieved in the wake region by mixing, as no 
further diffusion was possible with the very low momentum 
of the wake fluid. However, fluid in the suction side hub 
quarter of the passage has diffused considerably, decelerating 
from 18 to 13 m/s, while the fluid in the pressure-side/shroud 
corner region has accelerated to take the excess flow from the 
suction side. 

The secondary velocities (Fig. 17) show the divergence of 
the highest velocity fluid, and this fluid is the most likely 
source of the high p* fluid required to mix out with the wake 
fluid. The cross velocities also show that the flow up the 
suction side is carrying this high/7* fluid into the wake region, 
and a flow from the centre of the high velocity zone at 
y/y0 =0.8, z/z0 =0.25 is carrying similar fluid to the other 
side of the wake (y/y0 =0.4, z/z0 =0.9). The general trend in 
the cross velocities from the suction to the pressure side of the 
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Fig. 19 Mass-averaged dimensionless pressures 

passage is due to the slip of the flow near the outlet. This is 
most marked on the pressure side of the flow near the outlet. 
There is some evidence of the secondary flow along the 
shroud, due to the Coriolis forces, which has not been entirely 
effaced by the slip. 

The wake has moved closer to the suction-side/shroud 
corner, so the secondary flow along the shroud must have 
been stronger than the flow up the suction surface between 
Stations 4 and 5. However, the wake is still some distance 
from its stable location on the suction side of the passage. 

The dimensionless reduced static pressure, pr, corresponds 
to the pressure coefficient of potential flow which has dif­
fused from the maximum relative velocity in the inducer. This 
pressure coefficient is used by many designers as a simple 
criterion for two-dimensional boundary layer growth in a 
diffusing impeller flow. Clearly, the boundary layer flow in 
this study is not two-dimensional but nevertheless, it is in­
teresting that the value of 0.5 for the wake is representative of 
the pressure coefficient necessary to cause separation of a 
two-dimensional turbulent boundary layer. 

Mass-Averaged Pressures. The mass-averaged P* (Fig. 
19) shows that the main loss occurs between Stations 1 and 2, 
and this must be attributed to the boundary layer separation 
and associated mixing which takes place in this region. Figure 

19 also shows that the diffusion of the flow through the 
impeller achieves a fairly steady rise in the mass-averaged Pr. 

Conclusions 

1 The wake flow observed in the present study is an ac­
cumulation of fluid with a low rotary stagnation pressure, p*, 
which forms in the suction-side/shroud corner region of the 
impeller passage. The major flow phenomena which con­
tribute to the formation and development of the wake are: 

(a) The adverse gradient of reduced static pressure be­
tween Stations 2 and 3 near the shroud/suction-side 
corner, which results in a substantial increase in the 
quantity of low/?* fluid in this region at Station 2; and 

(b) the convection of low/7* fluid by the secondary flows, 
which are generated in the boundary layers due to the 
curvature and rotation of the impeller passage. 

2 The adverse gradient of reduced static pressure between 
Stations 2 and 3 causes the separation of the shroud boundary 
layer and also substantial turbulent mixing, which accounts 
for approximately two-thirds of the total loss in the impeller. 
The magnitude of this separation will therefore, to a large 
extent, determine the size of the wake in the discharge flow. 
The authors consider the separation to be an unsteady 
phenomenon which may exhibit periodic reversed flow. 

3 The results show the build up of low/?* fluid upstream of 
the point where the first large-scale departures from potential 
flow are observed in the contours of relative velocity. Low/;* 
fluid from the boundary layer is observed to migrate to the 
shroud/suction-side corner region, where the wake is formed. 
It is therefore concluded that secondary flow contributes to 
the formation of the wake. 

4 The axial-to-radial bend dominates the secondary flow 
pattern through most of the impeller. Two opposing passage 
vortices are induced, one on the suction side and one on the 
pressure side of the passage. On the suction side, low/?* fluid 
is carried by the vortex along the wall to the wake region. The 
passage vortex on the pressure side creates a secondary flow 
along the shroud towards the suction surface. This flow is 
enhanced by the action of Coriolis forces due to the passage 
rotation. The low p* fluid in these two flows collides in the 
wake region and moves away from the shroud wall. 

5 The inertia of the suction side passage vortex, induced in 
the axial to radial bend, prevents the wake from moving from 
the shroud to its stable location on the suction surface at the 
outlet. The authors therefore conclude that the secondary 
flows strongly influence the position of the wake in the outlet 
plane of a centrifugal impeller. 
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The Influence of Flow Rate on the 
Wake in a Centrifugal Impeller 
Three-dimensional flows and their influence on the stagnation pressure losses in a 
centrifugal compressor impeller have been studied. All three mutually per­
pendicular components of relative velocity and stagnation pressure on five cross-
sectional planes, between the inlet and outlet of a 1-m dia shrouded impeller run­
ning at 500 rpm were measured. Comparisons were made between results for a flow 
rate corresponding to nearly zero incidence angle and two other flows, with in­
creased and reduced flow rates. These detailed measurements show how the position 
of separation of the shroud boundary layer moved downstream and the wake's size 
decreased, as the flow rate was increased. The wake's location, at the outlet of the 
impeller, was also observed to move from the suction surface at the lowest flow 
rate, to the shroud at higher flow rates. 

Introduction 

A "jet-wake" flow pattern has been observed in the 
discharge flow of a centrifugal compressor impeller by many 
researchers (e.g, [1,2,3]). However, the wake has been 
detected at different positions in the outlet plane. For 
example, Fowler [4] has located a wake on the suction surface 
at the outlet of his shrouded impeller (running with zero tip 
clearance), whereas Eckardt [5] observed his wake on the 
shroud. The location of the wake is known to be influenced by 
flow rate and running speed as well as impeller geometry, but 
even today design techniques cannot predict accurately either 
the wake's size or its location. This shortcoming must not 
only influence the resulting impeller performance, but also the 
efficiency of the diffuser which must accept the impeller 
discharge flow. 

Objective. In this paper, results of measurements made in 
a de Havilland Ghost centrifugal impeller running at low 
speed (500 rpm) are presented. The authors' aim was to 
determine the main flow phenomena influencing the for­
mation and development of the wake and how these 
phenomena are modified by changes in the flow rate. Ac­
cordingly, in the present study all three mutually per­
pendicular components of relative velocity and the rotary 
stagnation pressure were measured on five cross-sectional 
planes between the inlet and the outlet of the impeller for 
three different flow rates. 

Secondary Flow. In all types of turbomachines secondary 
flows develop in the boundary layers, and it is therefore 
fruitful to consider the secondary flow pattern we might 
expect to develop in a centrifugal impeller. Johnson and 
Moore [6] discussed this in some detail, and here we note their 
salient points. 

1 The centrifugal and Coriolis forces associated with the 
impeller passage curvature and rotation induce gradients of 
reduced static pressure (pr = p- Vipwlr2) across the impeller 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982, Manuscript 
received at ASME Headquarters December 2, 1981. Paper No. 82-GT-45. 

Fig. 1 Schematic of test rig: 

(1) Impeller 
(2) Pulley driven by motor 
(3) Screens 
(4) Honeycomb 
(5) Inlet duct 
(6) Pressure transducers and amplifiers 
(7) Slip rings 
(8) Seal 
(9) Shroud attached to impeller 
(10) Boundary layer trips 

passage. Frequently, in turbomachines pressure gradients due 
to both curvature and rotation occur simultaneously and here 
the Rossby number Ro = W/wR„ gives an indication of the 
relative magnitudes of these two effects. 

2 Fluid with a low rotary stagnation pressure (p* = 
p+ VipW1- Vipup-r2) is found in the boundary layers. This 
fluid tends to migrate under the influence of secondary flows 
to regions of low reduced static pressure. These regions have 
been termed "stable locations" by Johnson [7]. Johnson also 
discussed how low p* fluid may not necessary accumulate at 
its stable location, as it may be carried beyond this point by 
the inertia of the secondary flows. Nevertheless, the stable 
location still gives a good indication of where a wake might be 
expected to form. 

3 The centrifugal compressor impeller has two bends, the 
inducer bend and the axial-to-radial bend and these will both 
induce secondary flows. Rotation will modify these secondary 
flows wherever the flow has a nonaxial component of 
velocity. This occurs in the early part of the inducer, in the 
later part of the axial-to-radial bend and in the radial outlet 
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STATION 4 . ^~ -

STATION 2 

STATION 1 

SHROUD 

Fig. 2 Impeller passage with measurement planes 

section. Johnson and Moore therefore concluded that the 
stable location for low/?* fluid would move from the suction-
side/shroud corner in the inducer to the shroud in the early 
part of the axial-to-radial bend and then pass back through 
the corner region to a point on the suction surface at the 
outlet. 

Turbulent Mixing. Curvature and rotation modify the 
turbulent mixing which occurs in the boundary layers and in 
other regions of high shear. Johnston [8] and Bradshaw [9] 
have studied these modifications extensively, but here it is 
only necessary to note a simple rule for determining how 
mixing is modified. If in a region of high shear the cross-
stream gradients of rotary stagnation pressure, p*, and 
reduced static pressure, pr, are in the same direction, tur­
bulent mixing will be suppressed. However, if the gradients 
are in opposite directions, mixing will be enhanced. In 
general, this means that mixing is suppressed significantly in 
the boundary layer close to the stable location for low p* 
fluid. 

The Test Rig 

The test rig, which is described by Johnson [10] and 
Johnson and Moore [6], is shown in a schematic diagram (Fig. 
1). The impeller, which rotates at 500 rpm, is from a de 
Havilland Ghost engine. A shroud is attached to, and 
therefore rotates with, the impeller. Measurements were made 
on five cross-sectional planes (see Fig. 2), using probes which 
rotate with the impeller. A five-hole probe was used to 
measure all three mutually perpendicular components of 
relative velocity with an estimated accuracy of ± 1 m/s and 

Nomenclature 

)0y/y,05 
HUB 

Fig. 3 "Below design" flow: 
stagnation pressure, P* 

Station 2-dimensionless rotary 

± 5 deg for a typical reading of 10 m/s. A Kiel probe was 
used to measure the rotary stagnation pressure relative to 
atmospheric pressure with an estimated accuracy of ± 10 
N/m 2 . 

Experimental Results 

The results presented are for three flow rates. The first 
corresponds to approximately zero incidence angle at the 
blade leading edge and is therefore referred to as the 'design' 
flow rate. The other two flows are 'below design' and 'above 
design' and are for flow rates of 85% and 121% of the 
'design' flow rate respectively. The mass flow rates for the 
three flows are given in Table 1. 

Presentation of Results. 

Rotary Stagnation Pressures. The limiting values of rotary 
stagnation pressure (p*max and p* min) are determined by 
consideration of the impeller flow. At each flow rate, the 
approximately uniform axial inlet flow gave a uniform value 
of p* at the impeller inlet. This was the highest value of p* 
measured anywhere in the impeller flow and is therefore 
referred to as p*max. The lowest values of p* in the impeller 
flow occur where fluid with low velocity is found in regions of 
low static pressure, p* min was therefore estimated from the 
measurements made in the boundary layer near the shroud 
surface in the inducer. The values ofp*min and/?*max for each 
flow rate are listed in Table 1. 

P 
Pr 

Pr = 

P* 

static pressure 
reduced static pressure, pr = 
p - Vip<ii2r2 

rotary stagnation pressure, p* 
= p+l/ipW2-1/ipa)2r2 

dimensionless reduced static 
pressure, equation (2) 
dimensionless rotary stagna­
tion pressure, equation (1) 

W 
x/x„ 

y/y0 

radius of curvature of bend 
relative velocity 
meriodional inlet-to-outlet 
coordinate measured along the 
shroud 
pressure-side to suction-side 
coordinate 

z/z0 = hub-to-shroud coordinate 
co = angular velocity 
p = fluid density 

Subscripts 
min = minimum value 
max = maximum value 
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Table 1 Impeller flow rates and limiting values of p* 

Below design Design Above design 
Measured mass flow rate 
(kg/s) in one impeller 
passage 

Equivalent total mass flow 
rate (kg/s) through impeller 

P* max (N/m2 gauge) 

P* min (N/m2 gauge) 

Mean incidence angle at 
blade leading edge 

0.121 (d= .007) 

2.3.0 (±.13) 

-275 (±20) 

-565 (±30) 

7° (±1°) 

0.142 (±.009) 

2.71 (±.17) 

-270 (±20) 

-600 (±30) 

3° (±1°) 

0.172 (±.008) 

3.27 (±.15) 

-250 (±20) 

-650 (±30) 

- 2 ° ( ± 1 ° ) 

SHROUD 

HUB 

Fig. 4 "Design" flow: Station 2-
pressure, P* 

dimensionless rotary stagnation 

SHROUD 

D0y/y,05 
HUB 

"Above design" (low: Fig. 5 
stagnation pressure, P* 

Station 2-dimensionless rotary 

The pressure difference p* -P*min >s u s e d to define a 
dimensionless rotary stagnation pressure, P*, such that 

p* P P min 
(1) 

Clearly, P* can only vary between zero and one in the 
impeller and is equal to one anywhere within the inviscid 
potential flow region. 

A dimensionless reduced static presure, Pr, is also defined 
such that 

Pr = (2) 
P max P min 

Relative Velocities. A "passage direction" is defined such 
that in this direction the ratio of the distances from each pair 
of walls remains constant. The relative velocities are then 
resolved into two components; a component in the passage 
direction and a component perpendicular to this, that is, in 
the cross-passage direction. In the diagrams, the velocity 
component in the passage direction is represented by contours 
and the cross-passage velocity component by an arrow at each 
measurement point. These arrows will therefore give an in­
dication of the combined effects of flow diffusion and 
secondary flow. 

Discussion 

The Inducer Flow. At Station 2, which is close to the exit 
of the inducer, there are substantial differences between the 
P* contours for the three flow rates (Figs. 3, 4, and 5). The 
loss close to the pressure-side/shroud corner at the "above 
design" flow rate (see Fig. 5) is probably due to a local 
separation induced by the high incidence angles at the blade 
leading edge (up to 20 deg). However, in order to understand 
how much larger losses occurred at the lower flow rates, the 
flow in the suction-side/shroud corner region must be 
studied. 

At each station, the lowest measured value of P*, which 
always occurred near the suction-side/shroud corner, together 
with the reduced static pressure at the same measurement 
point are plotted in Fig. 6. This diagram then shows that an 
adverse pressure gradient in the streamwise direction occurs in 
this region at some point in the impeller for each of the three 
flow rates. This adverse pressure gradient will induce the 
separation of the boundary layer in this region. Let us define 
the probable location of this separation as the point where 
flow with a relative velocity less than 20 percent of the 
maximum relative velocity in the inlet plane was first observed 
(that is, where P* -Pr < 0.04). Figure 6 then indicates that 
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SHROUD 

0 0 02 

o Design Flow 

a Below Design Flow 

x Above Design Flow 

Pr 

Fig. 6 Dimensionless pressures In the wake region 

5HR0UD 

00) 
00y/yo10 
, HUB 

Fig. 8 "Design" flow: Station 1-dimensionless rotary stagnation 
pressure, P* 

SHROUD 

Fig. 7 "Below design" 
stagnation pressure, P* 

0 0y/y„10 
HUB 

flow: Station 1 - dimensionless rotary 

separation occurs near Station 2 in the "below design" flow, 
near Station 3 in the "design" flow and near Station 4 in the 
"above design" flow. 

The P* contours at Station 1 in the "below design" flow 
(Fig. 7) and at Station 1 (Fig. 8) and Station 2 (Fig. 4) in the 
"design' flow show that substantial/?* losses occur upstream 
of the point of separation. The loss mechanism responsible 
can perhaps be best understood by considering the plight of 
low p* fluid in the shroud boundary layer at Station 1. 
Regions with P* as low as zero are present here, but they do 
not appear in the figures because the measurement probes 
could not be brought close enough to the shroud wall. Such 

Fig. 9 "Above design" flow: Station 3 - relative velocities-contours in 
m/s 

low energy fluid must mix with fluid with a higher p* value in 
order to avoid being brought to rest by the adverse pressure 
gradient. The P* plot in Fig. 6 suggests that fluid particles in 
the suction-side/shroud corner region mix with lower p* fluid 
until their momentum is depleted at which point they start 
mixing with higher p* fluid, thus maintaining a small, but 
positive, velocity in the streamwise direction. 

It is perhaps surprising that large mixing losses occur in the 
inducer as turbulent mixing is suppressed in the suction-
side/shroud corner region by both Coriolis and centrifugal 
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Fig. 10 "Below design" flow: Station 3-dimensionless rotary 
stagnation pressure, P* 

Fig. 11 "Design" flow: Station 3-dimensionless rotary stagnation 
pressure, P* 

forces. However, at Station 2 in both the "design" and 
"below design" flows, the measured pressures in this corner 
region were found to be very unsteady. The authors therefore 
believe that the separation of the shroud boundary layer is 
probably an unsteady flow phenomenon and that periodic 
reversed flow may occur in this region. 

The Axial-to-Radial Bend. Station 3 is about halfway 
through the impeller and the axial-to-radial bend has turned 
the flow through about 58 deg. The velocity diagram for the 
"above design" flow (see Fig. 9) is typical of the flow pattern 
at all three flow rates. The arrows in this diagram indicate 
that the curvature of the axial-to-radial bend has induced 
significant secondary flows. These secondary flows, which 
move low p* fluid from the suction and pressure side 
boundary layers towards the shroud, can be clearly seen. The 

Journal of Engineering for Power 

Fig. 13 "Design" flow: Station 4-dimensionless rotary stagnation 
pressure, P* 

secondary flow on the suction surface is stronger as there is 
more low p* fluid present in this boundary layer. The overall 
secondary flow pattern is dominated by two opposing passage 
vortices; an anticlockwise one on the suction side of the 
passage and a clockwise one on the pressure side. This twin 
vortex pattern is similar to that observed in a stationary bend 
by Hawthorne [11] and therefore the curvature of the axial-to-
radial bend can be considered to dominate the secondary flow 
pattern. However, close to the shroud the affects of Coriolis 
acceleration are noticeable. A secondary flow which trans­
ports low p* fluid from the shroud boundary layer towards 
the suction-side corner region has developed. This secondary 
flow is of similar strength to that on the suction surface as 
might be expected as the Rossby number for the axial-to-
radial bend is approximately one. 

At all three flow rates an accumulation of low p* fluid 
occurs in the suction-side/shroud corner region. The size of 
this wake region is larger in the "below design" case (Fig. 10) 
and smaller in the "above design" case (Fig. 12) than for the 
"design" flow rate (Fig. 11) as might be predicted from the 
differing losses which occured in the inducer. 

The passage is almost radial at Station 4 and therefore the 
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SHROUD SHROUD 

Fig. 14 "Below design" flow: Station 4 - dimensionless rotary 
stagnation pressure, P* 

Arrows » 

Fig. 16 "Below design" flow: Station 5-relative velocities, contours 
in m/s 

SHROUD 

y/y. 05 
HUB 

10 20 

Fig. 15 ' 
stagnation 

'Below design" flow: Station 5-dimensionless rotary 
pressure, P* 

Fig. 17 "Design" flow: Station 5-dimensionless rotary stagnation 
pressure, P* 

SHROUD 

stable location for the wake fluid will be on the suction 
surface. It is perhaps surprising therefore to find in the 
"design" flow that the wake has moved the other way to a 
position on the shroud! (see Fig. 13). The migration is due to 
the inertia of the suction-side passage vortex which developed 
in the axial-to-radial bend. Again, the flow pattern is similar 
in the "above design" flow, but in the "below design" flow 
the secondary flows generated by the curvature of the axial-
to-radial bend are weaker (Rossby number smaller) and so the 
wake remains in the corner region (see Fig. 14). 

The Radial Section. At the outlet of the impeller, the 
passage is radial, and therefore the stable location for low/?* 
fluid will be on the suction surface. However, the wake is only 
found here at the "below design" flow rate (see Figs. 15 and 
16). The wake's position is found to be strongly influenced by 
any increase in flow rate and hence Rossby number (see Figs. 
17 and 18). At these higher flow rates, the inertia of the vortex 
on the suction side of the passage prevents the wake from 
moving to its stable location. This vortex can still be seen at 
Station 5 in the relative velocity diagram at the "above 
design" flow rate (Fig. 19, yly0 = 0.6 to 1.0, z/z0 = 0.6 to 
1.0). The overall cross flow from the suction to pressure side 
is due to slip, as Station 5 is only about 5 mm from the im­
peller outlet. 

Turbulent mixing is suppressed on the suction surface by 
Coriolis forces in the radial section of the passage. Therefore, 
it might be expected that more mixing will occur in the radial 
outlet section between the wake and the jet at the two higher 
flow rates. 

The total pressure plots (Figs. 15, 17, and 18) show that the 
size of the wake increases with a decrease in flow rate. The jet 
and the wake are quite distinct at the two higher flow rates, 
but in the "below design" flow the two regions are less well 

Fig. 18 "Above design" flow: Station 5-dimensionless stagnation 
pressure, P* 

defined. This merging of the jet and wake may be due to the 
upstream influence of rapid mixing at the outlet. This is likely 
to occur between the wake fluid on the suction side of one 
passage with the fluid on the pressure side of the neighbouring 
passage in the "below design" flow. Such rapid mixing will be 
less significant at the two higher flow rates where the rotary 
stagnation pressures near the suction and pressure surfaces 
are more nearly equal. 

Mass-Averaged Pressures. Mass-averaged reduced static 
pressures and rotary stagnation pressures for each of the three 
flow rates are presented in Fig. 20. The p* curves show that 
there are two sections of the impeller where major losses 
occur. The first is in the inducer where the shroud boundary 
layer separated at the two lower flow rates. The severity of 
this separation and hence the loss increases with a reduction in 
the flow rate. The second region of loss occurs in the radial 
section between Stations 4 and 5. As already discussed, the 
upstream influence of rapid mixing at the impeller exit is 
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Fig. 19 "Above design" flow: Station 5-
in m/s 

relative velocities, contours 

believed to be responsible for the mixing losses at the "below 
design" flow rate. The smaller losses at the two higher flow 
rates are attributed to mixing between the jet and the wake 
which is not suppressed near the shroud in these flows. It 
should be noted that downstream of the impeller the discharge 
flow must eventually mix out to a uniform flow. Large mixing 
losses are therefore likely to result in the diffuser at the higher 
flow rates where the impeller outlet flow is very nonuniform. 

The reduced static pressure curves (Fig. 20) show where 
diffusion took place in the impeller. It is clear therefore that 
most diffusion occurred in the impeller at the "design" flow 
rate. The diffusion is reduced in the "below design" flow by 
the high mixing losses in the inducer and is smaller in the 
"above design" flow because of the highly nonuniform flow 
in the axial-to-radial bend and outlet section of the impeller. 

Conclusions 
1 Significant total pressure losses occur in two regions of 

the impeller: 
(a) In the suction-side/shroud corner region in the inducer 

at both the "below design" and "design" flow rates; and 
(b) in the final radial section of the impeller at all three 

flow rates. 
2 The losses in the inducer are the result of an adverse 

pressure gradient in the streamwise direction in the suction-
side/shroud corner region which causes the separation of the 
boundary layer. The separation point moves downstream as 
the flow rate is increased until, at the "above design" flow 
rate, separation losses are entirely avoided in the inducer. 

3 Secondary flows develop in the axial-to-radial bend of 
the impeller, and these transport low p* fluid from the 
boundary layers towards the stable location near the 
shroud/suction-side corner. A wake forms in this region at all 
three flow rates. Turbulent mixing is suppressed close to the 
stable location and normally therefore little mixing between 
the wake and jet fluid occurs. 

4 The losses which result in the final radial section of the 
impeller occur for two different reasons. In the "below 
design" flow rapid mixing is believed to take place down­
stream of the outlet between the wake from one passage and 
the jet from the neighbouring passage. This mixing may then 
influence the flow in the radial section of the impeller and 
induce the stagnation pressure losses observed in the results. 
At higher flow rates, losses are induced by the inertia of the 
secondary flows developed in the axial-to-radial bend. The 
secondary flow up the suction surface directs the wake away 
from its stable location on the suction side to a position on the 
shroud. Here, turbulent mixing between the jet and wake is 
not suppressed and therefore some mixing losses occur. At the 
below design flow rate, this secondary flow is much weaker 
and the wake remains close to its stable location. 

o Design Flow 

a Below Design Flow 

x Above Design Flow 

Pr 

Fig. 20 Mass-averaged dimensionless pressures 

5 At the outlet, the wake is located on the suction surface in 
the "below design" flow, near the suction-surface/shroud 
corner in the "design" flow and on the shroud in the "above 
design" flow. It is concluded that the relative magnitudes of 
the secondary flows due to curvature and due to rotation 
generated in the axial-to-radial bend are responsible for the 
wake's position. The Rossby number associated with this 
bend, therefore, gives a useful indication of where the wake is 
likely to reside in the discharge flow. 
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Secondary Flow Effects and 
Mixing of the Wake Behind a 
Turbine Stator 
/« highly loaded turbines with large hub/tip ratios there is a marked increase in 
secondary flow effects. The optimization of the turbine flow requires detailed 
knowledge both of three-dimensional cascade flow and of the wake impinging on 
the downstream rows of airfoils. Therefore, in the DFVLR, thorough investigations 
of a single-stage turbine with cold air flow were performed. The stator of this 
turbine was designed for transonic flow and has a hub Itip ratio of0.756 and an 
aspect ratio of 0.56. First, measurements were taken without the rotor in several 
sections behind the turbine stator with special regard to the mixing of the wakes and 
secondary vortices. Distributions of total pressure loss coefficient and flow 
direction give the order of magnitude of the mixing losses. Also, position, intensity, 
structure, and development of secondary vortices are shown. Some complementary 
measurements were carried out using five-hole probes. They confirm the above 
described results from two-dimensional measurements. 

Introduction 

In turbines of low aspect ratio (h/c) secondary losses form a 
significant part of total losses, and their reduction would 
offer a substantial potential to improve efficiency. 

In recent years many experimental and theoretical studies 
on secondary flow effects have been presented. These papers 
describe the effects of secondary flow and also methods of 
calculating the secondary losses. Those publications testing 
the development of secondary flow within the blade passage 
[9-12], are of special importance. The papers of Langston [9] 
and Marchal and Sieverding [11] very clearly express the 
relations in plane turbine cascades. Langston [9] carried out 
detailed measurements in the boundary layer on the side wall 
and gives simple empirical correlations. 

In the DFVLR an experimental investigation of secondary 
flow effects was conducted with a single stage cold air turbine. 
Before carrying out complete stage tests, there was an op­
portunity to take detailed measurements from a circular 
turbine stator with realistic three dimensional flow effects. 

In the present work, the flow behind the turbine stator 
(without rotor) is described with special regard to mixing of 
the wake and following the secondary vortex flow. An at­
tempt was made to locate the vortices by means of the yaw 
angle distribution by interpretations based on relations shown 
in the appendix. 

The mixing of the wake behind the turbine stator results in 
an increase of losses, which are called mixing losses. At those 
positions, where the measurements of mixing losses were 
taken, the rotor is normally mounted. In further tests, run 

MEASURING STATIONS 

0
 TIP °i51 1:5 J 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982, Manuscript 
received at ASME Headquarters December 2, 1981. Paper No. 82-GT46. 

MID SPAN 

Fig. 1 Stator geometry and measuring planes 

with the complete stage, the measured mixing losses down­
stream of the stator would be included in measured rotor 
losses although they are not produced within the rotor. 

Experimental Apparatus 

Testing was conducted in a turbine stator with low aspect 
ratio and high hub-to-tip ratio. Higher secondary flows will 
be produced by the low aspect ratio and the long chord. 
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Fig. 2 Vortex systems within blade passages 

The stator geometry is as follows: 
Tip diameter 
Span 
Chord (mid-span) 
Blade spacing (mid-span) 
Aspect ratio (mid-span) 
Hub-to-tip ratio 
stagger angle (mid-span) 
flow angle at inlet 
(mid-span, designed) 
flow angle at exit 
(mid-span, designed) 

dG = 0.45 m 
h = 0.055 m 
chm = 0.0975 m 
shm = 0.062 m 
h/chm = 0.56 
rN/rG = 0.756 
/3 = 46deg 

(ain)/™ = 90deg 

( 0 / ™ = 2 1 . 1 deg 

The tests described were the first measurements in the 
turbine, and were taken without the rotor. They were per­
formed to obtain some information on losses, stream angles, 
and secondary flows behind the stator. The measurements 
were taken in one plane before and four planes behind the 
stator (Fig. 1). The distances of the measuring planes from 
trailing edge were measured in the streamwise direction (mid-
span) normalized on the chord in mid-span. In one plane 
behind the stator, additional five-hole probe measurements 
were conducted to obtain information on static pressure and 
radial components. Because of the high test costs, 
measurements were performed only at one low Mach number. 

The quantities measured are shown in Fig. 1. The air inlet 
angle was not recorded in all tests, because controls always 
gave an axial flow direction. 

The static pressure on the walls (hub and casing) was taken 
in planes 0, 1, and 2. Only in plane 1 (five-hole probe 
measurements) was it measured in the flow field. 

For technical reasons in planes 0.5 and 1.5, only total 
pressure could be taken. The total pressure has been measured 

by Kiel type probes, the yaw angle by wedge type probes and 
the total temperature by a thermocouple probe. 

In the five-hole probe tests, the total pressure, yaw angle, 
slope angle, and static pressure were obtained with one probe. 
All probes had a tip diameter of 1.8 mm. Measurements at 
thirteen positions in the spanwise direction and sixteen 
positions in the circumferential direction were taken in each 
plane, of which twelve positions in the circumferential 
direction were in one channel. 

Test Conditions 

All tests were run with axial flow at inlet. The test con­
ditions wer as follows: 

2.346 bar 

321.7 K 

0.74 

A> = 

h = 
Mx = 

The mass flow rate for this case was w = 12.3 kg/s. The 
Reynolds number in plane 1, referred to the chord at mid-
span and the averaged values, was Rej =2.6 x 106. 

The five-hole probe was used at the following conditions: 

pQ = 2.1697 bar 

f,0 = 321.0 K 

M, 0.503 

9.8 kg/s, the Reynolds number The mass flow rate was m -• 
Re, =1.83 x 106. 

Experimental Results 

Firstly, the results of measurements taken in the four planes 
behind stator are given. 

Plane 0.5 The distribution of the total loss coefficient in 
plane 0.5 is shown in Fig. 3. The region showing high loss is 
the wake. It is inclined to the radial direction due to the radial 
yaw angle distribution behind stator and the different axial 
distances between measuring plane and trailing edge. The two 
regions of high loss, A and B, are not caused by the wake; 
they are the result of secondary flows within the blade 
passage. The development of such loss regions is described in 
the works of Langston, Nice and Hooper [10] and Marchal 
and Sieverding [11]. 

At the walls, both casing and hub, the inlet boundary layer 
separates near the leading edge and forms a leading edge 
vortex called a horseshoe vortex with one leg in one blade 
passage (see Fig. 2) and the other leg in the adjacent passage. 

N o m e n c l a t u r e 

c = chord 
d = diameter 
h = blade height 
/ = distance from trailing edge in 

streamwise direction 
M = Mach number 
m = mass flow rate 
p = pressure 
q = dynamic head, q = (p'v]/2)hm 

Re = Reynolds number 
r = radius 
s = blade spacing 
T = temperature 
v = velocity 
x = coordinate 
y = coordinate 
z = coordinate 

yaw angle (angle between 
absolute velocity and a plane 
perpendicular to the axis) 
stagger angle with respect to 
axial direction 
slope angle, %\ny = vr/v.dbs 

(positive to hub) 
total pressure loss coefficient 

P density 
coordinate 
direction 

-Pu(r,<p))/q, 

in circumferential 

Subscripts 
i = 0, 0.5, 1, 1.5, 2 = numbers of 

measuring planes 
abs = absolute 

hm 
G 
N 
s 
t 

stat 
u 
X 

y 
z 

in 
ex 

mid span 
tip 
hub 
isentropic 
total 
static 
tangential 
in ^-direction 
in ^-direction 
in £-direction 
inlet 
exit 

Superscripts 

- = pitchwise averaged value 
= = average over the entire 

measuring plane. 
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Fig. 3 Isobar plot of total pressure loss coefficients in plane 0.5 

0.18 <? 

0.1? 
HuB 

Fig. 5 Isoclinal plot of yaw angles (a = constant) in plane 1 

Fig. 4 Isobar plot of total pressure loss coefficients in plane 1 

The pressure side leg of the leading edge vortex initiates a 
flow, on the wall, from the pressure surface to the suction 
surface within passage [11]. The pressure gradient between 
pressure and suction surface also leads to flow from the 
pressure to suction surface in the boundary layer on the wall. 
This flow reinforces the pressure side leg of the leading edge 
vortex and both form the passage vortex. Due to this flow on 
the wall, low energy material accumulates near the wall on the 
suction surface. The accumulation of this "high loss" 
material considerably disturbs the suction surface boundary 
layer and this results in additional losses. 

Behind the stator, the passage vortex comprises the low 
energy material which has accumulated near the suction 
surface. So the approximate positions of the passage vortices 
can be recognized by the loss distribution. The rotation of the 
suction side leg of the leading edge of vortex (Langston 
labeled it "counter vortex") rotates in the opposite sense to 
the passage vortex. It is much smaller than the passage vortex, 
and it probably dissipates because of viscous effects and the 
remainder of it passes into the wake region behind the blade 
(see [11]). 

The high loss region A is at a distinct distance from the 
casing, while the region B is close to the hub (Fig. 3). This is 
the consequence of the radial pressure gradient due to the 
centrifugal forces (higher pressure on the casing). This 
pressure gradient is built up by deflection within the turbine 
stator. Reduction of this gradient, behind the stator, requires 
a radial flow towards the hub. This radial flow moves the 
region B to the hub and separates the region A from the 
casing. Within the wake, there is a stronger flow towards the 
hub, because the tangential velocity is lower. As a con­
sequence, low energy material from the wake migrates to the 
hub and thus increases the loss regions near the hub. 

Plane 1. In plane 1 (Fig. 4), the wake is more inclined to 
the radial direction than in plane 0.5. However the wake 
region near the hub is less inclined or not inclined at all. This 

Fig. 6 Spiral motion around the z-axis 

is a result of the design geometry (see chapter 1, "Ex­
perimental Apparatus"). The qualitative loss distribution is 
according to that in Fig. 3. 

The relations, derived in the appendix are taken to locate 
the centers of vortices. If a vortical flow is centered on the z-
axis (Fig. 6), the direction of flow is measured in a plane 
perpendicular to the z-axis, and the distribution of lines of 
constant yaw angle can be used to give a rough interpretation 
of the vortex types. The parallel lines in Fig. 7 are the isoclinal 
lines of a solid body vortex, and they are lines parallel to the 
plane (x-z) in which the angle (a) was measured. The 
corresponding isoclinal lines of a free vortex are a pair of 
enclosing circles touching each other at one point, the center 
of the vortex (Fig. 8). 

In the case of real measurements, however, the measuring 
planes are not perpendicular to the vortex axes, so that 
constant yaw angle distributions may appear as ellipses in-
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Fig. 7 Isoclinal plot of yaw angles (a = constant) of a solid body vortex 
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Fig. 8 Isoclinal plot of yaw angles {a = constant) of a free vortex 

stead of circles. In the graphs showing isoclinal lines, the long 
axes of the ellipses (in the case of a free vortex flow field) and 
the parallels (in the case of a solid body vortex) must be 
perpendicular to the radial direction if no radial motion of the 
vortex axis exists. 

Figure 5 shows the constant yaw-angle distribution from 
measuring plane 1. By means of the foregoing explanation it is 
possible to locate the center of the passage vortex I near the 
casing (Fig. 5). The position of the vortex center is assumed to 
be between the overturning region ( a= 19 deg) on the casing 
and the underturning region (a = 24 deg), therefore between 
lines 21 and 22 deg. Near the vortex center the lines are nearly 
straight. This indicates a solid body rotation in the vortex 

Fig. 9 Isobar plot to total pressure loss coefficients in plane 1.5 

0.08 

Fig. 10 Isobar plot to total pressure loss coefficients in plane 2 

Fig. 11 Isoclinal plot of yaw angles (« = constant) in plane 2 

center. At a greater distance from the center, the curves are 
oval, indicating a free vortex motion. There are no closed 
curves at the casing, and this is because the wall disturbs the 
rotation of the vortex. The passage vortex II near the hub is 
not visible in the flow angle distribution. Either there is no 
closed vortex rotation or this vortex has disappeared. 

Other vortices exist in the wake, and their direction of 
rotation is shown in Fig. 4. Such vortices are described in 
publications by Hawthorne [4], Marchal and Sieverding [11] 
and Traupel [15]. They are associated both with trailing shed 
vorticity and vorticity remaining from the suction side leg of 
the leading edge vortex. This is over and above the influence 
that varying blade circulation along the blade height may have 
on this process. The overturning region in the wake (Fig. 5) is 
an oval with its long axis inclined to the tangential direction. 
This indicates a radial component of the vortex center 
motion. 

Plane 1.5 The loss distribution (Fig. 9) shows increasing 
inclination of the wake, except in the vicinity of the hub 
similar to plane 1. 

The deformation of the wake, near the casing, is caused by 
the passage vortex I. Both mixing of the wake and radial flow 
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Fig. 12 Growth of losses behind the stator 
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Fig. 13 Mixing losses against the Mach number 

of the low energy material towards the hub may cause lower 
losses within the wake in plane 1.5 than in plane 1. The loss 
regions near the hub are more extended but their intensity is 
reduced. 

Plane 2. In plane 2 the discrete regions of high losses have 
disappeared because of mixing (Fig. 10) Due to the nearly 
uniform stream and the strong inclination of the wake, the 
wake itself is scarcely visible. 

In order to locate the vortices, the distribution of measured 
yaw angles is much more sensitive (Fig. 11). The passage 
vortex I is moved towards the hub, rotating nearly free from 
wall influences. In the center of the vortex there is a solid 
body vortex (see yaw angle distribution and the above 
mentioned relations), but at a certain distance from the center 
it changes to a free vortex flow. In this plane there is no 
passage vortex near the hub; however, the vortices III and IV 
in the wake still exist. These two wake vortices III and IV 
(belonging to wake to the left) can be located by regions of 
parallel isoclinal lines in the graph. The centers of the vortices 
in the wake move more towards the hub than the passage 
vortex I, because within the wake there is a stronger radial 
motion towards the hub. 

Due to the mixing of the wake and the motion of vortices 
there is an increase in losses downstream of the blade row. 
Figure 12 shows the development of such losses, called mixing 
losses, behind stator in the stream wise direction. This result 
may be of special interest, because in plane turbine cascades 
Came [2] observed mixing losses only up to / /c= 1.35, while 
the present measurements were taken in an annular turbine 
stator. 

Fig. 14 Isobar plot of total pressure loss coefficients in plane 1 
(measured with five hole probe) 

Fig. 15 Isoclinal plot of yaw angles (a = constant) in plane 1 
(measured with five hole probe) 

Fig. 16 Isoclinal plot of slope angles (7 = constant) in plane 1 
(measured with five hole probe) 

In Fig. 13 the difference in the losses between planes 2 and 1 
are plotted against Mach number. In the referred case, the 
total losses in plane 2 are 6.86 percent and the additional 
losses of 1.68 percent may be caused by mixing. This result 
would emphasize that a substantial part of the total losses in 
plane 2 consists of mixing losses. 

In order to confirm the aforementioned results taken with 
two-dimensional measurement as in plane 1, additional five-
hole probe measurements were conducted. Described in the 
section concerning the experimental apparatus, only one test 
with a Mach number of Mx = 0.503 was run, but there were no 
substantial differences in the flow field to the previously 
described measurements (Figs. 14, 15), although the tests were 
conducted at lower Mach number. 

The slope angle distribution can be seen in Fig. 16. Within 
the total flow field, the radial velocity vector was directed 
towards the hub. Due to the radial pressure gradient and low 
tangential velocity in the wake, greater slope angles occur 
there. The centrifugal force and the pressure gradient are 
unbalanced, because the tangential velocity is low. 

Low slope angles exist on the left-hand side of the wake 
near the casing and near hub, indicating there are regions of 
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Fig. 19 Pitchwise averaged static pressure of plane 1 
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Fig. 18 Pitchwise averaged total pressure loss of plane 1 

the passage vortices where the component of vortex rotation is 
directed toward the casing. But in this case the rotational 
speed is insufficient to cancel the overall movement toward 
the hub. On the opposite side of the vortex center (near the 
casing) the rotational component has an additional effect, 
increasing the slope angle. 

In plane 1 (Fig. 15), the regions of nearly parallel isoclinal 
lines near the casing, with the lines 22 and 23 deg in the 
middle, clearly indicate that the center of the outer passage 
vortex is situated at a radius of /• = 0.215 m. The pitchwise 
averaged radial yaw angle distribution in plane 1 (Fig. 17) 
clearly indicates the effect of this passage vortex. In the 
immediate vicinity of the casing there is an overturning region 
(lower a), while on the other side of the vortex centre there is 
an underturning region. This high underturning region near 
the hub is a result both of the vortex motion near the hub and 
the design of the turbine stator. 

The corresponding pitchwise averaged radial loss 
distribution can be seen in Fig. 18. In addition to profile 
losses, there are high losses near the wall caused by wall ef­
fects which are stronger near the hub. The weak peaks in the 
loss-distribution near the walls outside the region of wall 

effects are produced by the passage vortices, and the peak 
near mid-span may be assumed to be the result of interference 
between vortices within the wake and the wake itself. 

In Fig. 19 the static pressure distribution measured by 
means of a five-hole probe and wall taps, averaged in 
pitchwise direction, is plotted against radius. As a known 
result there is a steady increase in static pressure from hub to 
tip caused by the tangential velocity distribution. The pressure 
tap values and the wall near probe values are in a good 
agreement. 

Conclusions 

Summarizing the results of experimental measurements 
presented herein, the following description of the flow behind 
the turbine stator emerges: 

(/) The loss distributions behind the stator, measured at 
four different axial locations, give an idea of the mixing of the 
wake and the increase of losses due to that mixing. Even far 
downstream from the trailing edge (until //c = 3.34), mixing 
losses were still measured. 

(ii) With the help of the yaw angle distributions, vortices 
could be located which strongly influenced the distribution of 
flow direction and mixing behind the stator. The 
measurements implied that some vortices exist even far 
downstream of the trailing edge. 

(Hi) Five-hole probe measurements gave insight into both 
radial components of the flow and the static pressure 
distribution. One could see that in all parts of the flow field 
the velocity vectors were inclined towards the hub, especially 
in the wake regions. 
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A P P E N D I X 

It is difficult to locate a vortex motion behind or within a 
turbine stator, because the velocity components of secondary 
flows cannot be easily separated from the other velocity 
components. With the help of measurements of yaw angle 
distribution, an attempt was made to get more information of 
the vortex motions. 

If one looks at a small portion of a fluid moving in a vortex, 
it is moving along a spiral line shown in Fig. 6 with its central 
axis z. If v is the absolute velocity, the components of that 
motion are an axial component vz and a tangential component 
vu. In the following derivations of the velocity, vz is assumed 
to be constant. In order to use the yaw angle distribution for 
characterizing the vortex type the component vx is defined as 
a component in a plane parallel to the plane x — z, in which the 
yaw angle a is measured. If <p, r are the polar coordinates of 
the fluid portion under consideration one can write from Fig. 
6: 

COS(/> = 
vx (Al) 

COSy? = ± 

tana = 

(A2) 

(A3) 

With constant axial velocity component, uz, it can be seen 
from equation (A3), that along an isoclinal line, that means 
a = const, vx is also constant. 

Solid Body Vortex (Fig. 7) 

Looking at a solid body vortex the distribution of the 
tangential velocity component is 

v„=k*r (A4) 

with k = constant. 
Using now the equations (Al) and (A2) one gets 

vr-r 

using (4) this leads to 

y=±-

y=± (A5) 

i.e., lines with the same velocity, vx, that means isoclinal lines 
with a = constant, are straight lines parallel to thex-axis (Fig. 
7). 

Free Vortex 

For the free vortex motion around the z-axis, the 
distribution of the tangential velocity is 

uu = — (A6) 
r 

with k = constant. 
Using again the equations (Al), (A2), and (A6) one can write 

vx-r
2 

y= ± -
K 

Substituting/-2 byx2 +y2 it follows 

k y-
2'VX \2-vJ (A7) 

i.e., lines with the same velocity, vx, and a = constant, are a 
pair of enclosing circles touching in the vortex center (Fig. 8). 
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A Visual Study of Turbine Blade 
Pressure-Side Boundary Layers 
Boundary layer characteristics on the pressure-side of a turbine airfoil were in­
vestigated experimentally in a three-blade cascade tunnel. The blades had a chord 
length of 21 in. to facilitate flow visualization and high-speed photography. The 
investigation revealed the existence of the Gortier's vortices appearing in spurts in 
regions of severe curvature. In the trailing edge region, Karman vortices were 
detected and found to interact strongly with the Gortler's vortices convected 
thereto. 

Introduction 

Over the years, turbine inlet temperatures have been 
steadily rising, and the capability of material developments to 
cope with high temperature environments has been out­
stripped. Cooling of gas turbine vanes becomes, therefore, 
increasingly demanding for more refined estimates as to 
where and the amount of cooling needed in order to achieve 
economical use of the available cooling air supply. 
Simultaneously, there is a trend towards higher output per 
stage, necessitating larger turning angles and mixed flow 
regimes in cascades, and the fluid dynamics associated with 
turbine cascades is no longer a simple application of the well-
developed classical theories. 

Designers therefore look more into the boundary layers on 
turbine airfoils to garner as much information as possible in 
order to understand and mitigate frictional losses and heat 
transfer because of the presence of boundary layers. A typical 
gas turbine engine environment represents a combination of 
conditions operating simultaneously. Their combined effect is 
invariably not the same as the sum of their individual effects 
when each operating condition is considered alone. Factors 
characterizing turbine airfoil flow are pressure gradient, 
streamwise curvature, secondary flow, surface roughness and 
free-stream turbulence, to name but a few. These factors 
control laminar-to-turbulent transition of the boundary 
layers. In gas turbine applications, the transition phenomenon 
is, therefore, not an academic curiosity, for turbine cascades 
are noted to operate in the vicinity of the transition Reynolds 
number, which in turn influences the surface heat transfer. 

Consequently then, heat transfer analysis on turbine airfoil 
surfaces is indeed a complex process, the various 
ramifications of which have been recently reviewed in a 
comprehensive publication by Graham [1]. 

To be sure, there have been numerous investigations on 
turbine airfoil heat transfer which resulted in experimental 
and theoretical data on actual blade surfaces or their 
geometric models under various conditions. In general, these 
data are, however, not consistent among themselves. The 
sheer volume of the works precludes a comprehensive 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 2, 1981. Paper No. 82-GT-47. 

discussion; hence, a few selected studies are cited to highlight 
their uncertain and incomplete nature. A representative work 
is that of Cumsty [2], who studied the pressure-side transition 
on a turbine airfoil. Boundary layer transition was observed 
to take place over a region extending from the midchord 
position to almost the trailing edge of the airfoil for a chord 
Reynolds number of 2 x 105, a typical value for an aircraft gas 
turbine airfoil. Such a relatively large extent of the tran­
sitional boundary layer would make the classical prediction 
formulas rather uncertain indeed. Walker and Markland [3, 
4] were able to predict successfully the suction-side heat 
transfer but not the pressure side. This state of uncertainty is 
not unique in the works cited but is also found in other in­
vestigations. 

Despite extensive basic heat transfer research on clearly 
defined problems, the task of determining quantitative an­
swers is still vexing. An underlying reason for this uncertainty 
is that past research efforts were directed at the pertinent 
boundary layer environmental factors one at a time. Such an 
approach was born out of necessity in order to pursue the 
investigations in a systematic fashion. Thus, the pressure 
gradient effect was investigated in the absence of the cur­
vature effect and vice versa. Similarly, the roughness effect 
was studied in isolation from others, and so on. Much un­
derstanding has been achieved on each of the phenomena 
related to the boundary layer development and transition, but 
the mutual synergistic effects in combined operation are 
poorly understood and will probably remain so for some time 
to come. 

Of course, a turbine blade cascade capable of replicating all 
operational factors is most ideal but is practically unat­
tainable. A cascade with simulation of a few important en­
vironment features becomes, therefore, a practical necessity. 
The investigation reported herein represents such a step by 
experimentally observing, through a smoke visualization 
technique and other means, the fluid dynamic behaviors 
surrounding a turbine blade in a three-blade static cascade. 
The experimentation blade is scaled up from a practical 
working chord dimension of 3 or 4 in. to a dimension of 21 
in., thus permitting a more detailed examination of the flow 
characteristics. Two principal parts are involved in this in­
vestigation: the first one concerns the trailing edge vortex 

Journal of Engineering for Power JANUARY 1983, Vol. 105 /47 

Copyright © 1983 by ASME
  Downloaded 01 Jun 2010 to 171.66.16.68. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



TUNNEL WALLS, 24-inch DEPTH 

EXIT PLANE 

o . i 

Fig. 1 Three-blade static cascade 

0.5 

Fig. 2 Airfoil profile with static tap locations and surface distances 

shedding phenomenon; the second part concerns laminar-to-
turbulent transition on the pressure side of the blade. 

Cascade and Instrumentation 

The cascade tunnel is an open-circuit design with ambient 
air drawn from the laboratory space through a bell-mouth 
entrance section which contains a honeycomb and six five-
mesh screens to stabilize the flow and reduce the freestream 
turbulence to about 0.6 percent. The test section has three 
blades, with two forming the outside turning walls and the 
center one serving as the test blade. The blade has a chord 
dimension of 21 in. and a span of 24 in. The blade spacing is 
15 in. and the flow turning angle is 72.5 deg. Figure 1 depicts 
schematically the cascade arrangement. Details of the ex­
perimental apparatus and accessories can be found in 
reference [5], from which a portion of the material in this 
paper is excerpted. 

Airfoil Characteristics. The blade profile used in the 
investigation is that previously studied by Cox and Han [6]. It 
is typical of those used in modern gas turbine engines. The 
profile is shown in Fig. 2, and its coordinates are given in 
Table i . Inside the contour are shown the locations of static 
pressure holes, chronologically numbered starting from the 
tap at the frontal stagnation point. Outside the contour are 
labeled the surface distances reckoned from the stagnation 
point, with the latter somewhat arbitrarily assigned as the 
tangent point of the circle of curvature. The non-
dimensionalizing length is the chord length, c. 

The blade was "checked out" by running a static pressure 
test under a normal air flow run. The static pressure 

Suction Side—=• ^ 7 ^ ; -

U t0=42.8 fps 
Re^l.SxitT1 

P0 = 14.274 psia 

Measured 

Potential Flow Copulation 

l i l i 

Pressure Side — e _ _ ^ . 

\ 
1 1 1 

/ / 

\ 

\ / / 

1 1 1 
0.1 0.2 0.3 0.4 0.5 0.6 0.7 0.8 0.9 1.0 

X/C 
Fig. 3 Airfoil static pressure distribution 

distribution on the airfoil was compared with that calculated 
on the basis of potential flow1. Figure 3 shows the pressure 
distributions on both surfaces of the test blade. The non-
dimensional pressure distributions (p/p0) form the tests, and 
from the calculations show good agreement, except near the 
trailing edge, where a small change in the rear stagnation 
point location is known to have large effects on the pressure 
distribution. Additionally, the blade surface curvature in 
terms of a local radius to the chord, c, is displayed in Fig. 4, 
along with the Gortler parameter G(82), where 52 is the 
calculated momentum thickness. The blade profile used has a 
rather severe curvature of R = c/2 occurring near the quarter-
chord position. The radius of curvature at the stagnation 
region is determined to be 0.78 inch or 0.037c. 

Instrumentation. Principally, flow visualization by means 
of introducing kerosene smoke into the airstream was used to 
study the flow features around the airfoil. The cascade tunnel 
has plexiglass walls which permit the use of high-speed 
stroboscopic lighting to illuminate the smoke of kerosene 
vapor. Smoke patterns with various features of interest were 
photographed by a 35-mm camera and a 16-mm Fastex high­
speed movie camera at film speeds up to 4000 frames/s. The 
majority of the test runs was conducted with air inlet 
velocities (upstream of cascade) between 22 and 43 fps, 
corresponding to chord Reynolds numbers between 8 X 105 to 
1.5x10 s . 

Results 

Trailing Edge Vortex Study. Kerosene vapor was injected 
in the entrance section of the cascade tunnel in the midspan 
plane of the test blade. After impinging the stagnation point, 
the smoke stream followed the contours of the pressure-side 
and suction-side surfaces and merged in the trailing-edge 
region. Figure 5 illustrates the path of the smoke stream and 
the two areas in which visual studies were conducted; i.e., the 
concave side of the blade for boundary layer visualization and 
the trailing edge plane for vortex study. Static photographs 
with strobolight and high-speed movies at 1500-4000 
frames/s were taken of the smoke stream in the midspan 
plane of Fig. 5. Figures 6 and 7 are examples of those still 
records. 

Program originated from Pratt and Whitney and was supplied by Dr. 
Kervyn Mach of AFAPL. 

Nomenclature 

c 
d 
f 

arc length of a constant 
curvature surface, or lon­
gitudinal spacing of trail­
ing edge vortices 
chord length of airfoil 
diameter of curvature 
frequency, Hz. 

G(52) 

P 
Po 

Gortler parameter R 
(U82/v)-J8^/R Rec. 
transverse spacing of trailing 
edge vortices U 
pressure 
stagnation pressure Ue 

(p^ + 'ApUj) 
free stream pressure 

radius of curvature 
chord Reynolds number 
(Uec/u) 
local boundary layer edge 
velocity 
average velocity in the 
trailing edge section, cascade 
exit 
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2Measured value. Reference [5] reponed a value 01'0.73 in. calculated from
smoothed coordinates.

Fig. 7 Cascade wake vortex street, Ree = 7.4 x 104

Fig.6 Cascade wake vortex street, Ree = 7.9 x 105

against the trailing edge cross-sectional velocity. Linearity of
the data points implied a constant Strouhal number. In order
to contrast and compare with the phenomenon of vortex
shedding from a circular cylinder, a Strouhal number based
on (jd/ Ue ) is formulated. A trailing edge diameter of cur­
vature (0.56 inY was used. This resulted ina value of 0.36, a
value in considerable excess of that for a circular cylinder. To
forestall any doubt as to the validity of the measurements
reported here, a cylinder was mounted in the upstream section
of the cascade tunnel. The measurements resulted in a
Strouhal number of 0.23, which is in line with the copious
amount of data available in the literature.

It is of interest to note the similarities and differences
between these two configurations - cylinder and trailing edge
with a finite curvature. Vortex shedding in both cases is
governed by a periodic separation of the flow. Hence, the
local transverse dimension should characterize the Strouhal
number. In the cylinder case, the boundary layer at the
separation point is solely affected by the cylinder diameter;
whereas in the present case the boundary layer reaching the
separation point is governed by its prior history. The
dominant factor in this regard is, of course, the distance or
the chord length over which a boundary layer has evolved. In
other words, vortex shedding at the trailing edge of an airfoil
has one more geometrical parameter, perhaps (d / c), affecting
the Strouhal number.

The same cascade arrangement has been used in an earlier
work [5) by the authors in which the wake velocity profiles
were surveyed. It was conducted along the exit plane, in­
dicated by the dashed line in Fig. I, with a hot-wire probe.
The time-averaged velocity distributions at successive
downstream positions are typified by those shown in Fig. 9.
Of course, the discrete influence of the vortex system on the
order of I kHz in affecting the wake velocity distributions is

SMOKE STREAM
I

I
~

I

~.,

o

Table 1 Airfoil coordinates (dimensions in inches)

X y X Y X Y

0.000 0.000 12.000 2.340 9.000 5.670
0.300 -0.180 13.500 2.025 6.900 5.880
0.600 -0.222 15.000 1.650 4.500 5.550
1.200 0.000 16.500 1.200 3.000 4.830
1.800 0.390 18.000 0.750 2.250 4.320
3.000 1.140 19.300 0.355 1.500 3.690
4.500 1.890 19.500 0.315 0.750 2.880
6.000 2.400 21.000 0.300 0.000 1.680
7.500 2.640 19.500 1.200 -0.220 1.050
8.400 2.685 16.500 2.580 -0.240 0.660
9.000 2.670 13.500 3.960 -0.165 0.300

10.000 2.550 10.500 5.220 -0.027 0.030

3 6 II I
I G (82 ) I

5 I (Rec' 1.5 x 106
) I

I
I

i
I

I I
4 I I

I
II

U ~3 I I
"- I
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Fig. 4 Curvature distribution and the Gortler parameter on pressure·
side of airfoil

TRAILING EDGE
VIEW PLANE

Fig. 5 View directions and sites on test blade

Quantitative Deductions. From the photographic and
movie records, transverse and longitudinal vortex spacings
were determined. With the trailing edge cross-sectional
velocity varying from 75 to 140 fps, the longitudinal spacing
was found to have an average value of 1.9 in. with a scatter of
± 10 percent. The vortex distribution appeared stretching and
spreading with increasing distance from the trailing edge at a
fixed velocity. At lower speeds near 74 fps, the spacing ratio
(h/a) (i.e., transverse-to-Iongitudinal pitch ratio) agreed
reasonably with Karman's stability value of 0.281 [7). At
higher speeds, however, the data points presented in Fig. 8(0)
indicated considerable scatter.

The vortex frequency was measured by two different
methods: one was to examine and analyze the movie film
taken at a speed of 1500 frames/so By a frame-by-frame
analysis, the frequency of these visible vortices can be in­
ferred. A second method employed a hot-wire probe em­
bedded in the wake axis. A spectrum analysis of the hotwire
signals revealed the principal vortex frequency. These two
independent measurements corroborated each other within 5
percent.

Because of the enormous labor required for these
procedures, only a few runs were analyzed; the results are
shown in Fig. 8(b), with the measured frequency plotted
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not discernible but must have been instrumental in the wake 
development. The influence of the vortices in the wake upon 
heat transfer on the downstream blades can therefore be 
hardly ignored in its final reckoning. Additionally, gradual 
filling of the wake deficit is accountable for the longitudinal 
stretching of vortex spacing, as mentioned earlier. 

Qualitative Observations. Based on the visual records, 
some qualitative remarks can be made. First, the vortex 
contours of those shed from the pressure side were much 
sharper and more well defined than those emanating from the 
suction side. The authors inferred from this observation as 
evidence of stronger vortex shedding from the pressure side, 
which the classical lift theory would require. Secondly, the 
smoke-stream traces, as exemplified by Fig. 7, showed an 
interesting interaction phenomenon between the Gortler 
vortices and the Karman vortices in the trailing edge zone. At 
the risk of being, perhaps, overly suggestive, the smoke traces 
in Fig. 7 resembled two oppositely curled ribbons being 
stretched axially. A close scrutiny of the smoke paths in­
dicated two adjacent streams, both of which rotated about a 
common axis transverse to the main flow. Simultaneously, 
both streams counter-rotated about an axis parallel to the 
main flow. It should be pointed out that such a flow structure 
was visible only in the region occupied by the smoke. 
Elsewhere in the span direction, similar flow structure was 
most likely to occur, not necessarily in unison with that in the 
smoke zone. 

Events described in the preceding section are pictorially 
illustrated in Fig. 10 where two counter-rotating Gortler cells 
are represented by ± G vectors. Upon emerging into the 
trailing edge zone, these Gortler vectors interacted with the 
Karman vortical vector, K, resulting in two skew vectors, 
K ± G . The latter resulted in the smoke traces shown in Fig. 7. 

1.2 

0.8 

0.6 

(F) DISTANCE BEHIND TRAILING EDGE IN INCHES-

PRESSURE SIDE 
J I I I 

-3.0 -2.0 -1.0 0.0 1.0 2.0 3.0 
DISTANCE ALONG TRAVERSE PLANE ( inch) 

Fig. 9 Airfoil wake velocity distributions 

Fig. 10 Interaction of vortices in the trailing edge zone 

Thus, it becomes plausible that the ideal linear Karman 
vector, K, is given a three-dimensional characteristic which 
becomes one of the many mechanisms rendering a highly 
turbulent wake flow. 

It must be emphasized that the flow interaction as depicted 
had not been observed as a steady phenomenon owing, 
chiefly, to the intermittent nature of the Gortler vortices, as 
will be discussed in the next section. During the period when 
Gortler votices were absent in the wake region, the flow 
picture was observed to be quite similar to that described by 
Morkovin [8] in his excellent review of the subject matter. 

The Boundary Layer on the Pressure Side. Under steady-
state lighting, smoke traces on the concave side of the blade 
revealed conventional characteristics without any unusual 
features. When Strobolight was directed to the region marked 
in Fig. 5, scenes of observable disorder were visible. Aside 
from the unsteady characteristics, smoke traces were observed 
to resemble two counter-rotating corkscrews advancing along 
the blade surface. Naturally, this was only confined to the 
extent of the smoke introduced. And within this width, 
usually two cells adjacent to one another were visually quite 
discernible. Illustrated pictorially in Fig. 10 as the Gortler 
vortices, such a still photographic record of the motion 
described is contained in Fig. 11, typical of the records ob­
tained in this investigation. 

In that figure, Tap 16, as defined in Fig. 2, is located at a 
surface distance of about 0.5 of the chord length where the 
local curvature is very near the most severe value. High-speed 
movies were also taken of these events and analyses of the 
movie frames were performed to obtain quantitative in­
formation. 

Qualitative Observations. Generally speaking, one tends 
to term these counter-rotating pairs as the Gortler vortices, 
since they appear to possess the essential features attributed to 
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Fig. 13 Comparison of Gertler wavelengths with stability theory due
to Tobak [16]

downstream, grow, and eventually break down into complete
turbulence. Another group of waves did not form until a brief
period of time passed during which no traveling waves were
observed. Although these wave groups emerged at relatively
random time intervals, approximately thirty occurrences
could be observed each second at Rec = 7.0 x 105

•

The sequence of events just described for the traveling
waves bears a remarkable resemblance to the events described
by Knapp and Roache [17] for Tollmien-Schlichting transition
along an ogive-nosed circular cylinder. They reported a
sequence in which a group of amplified Tollmien-Schlichting
waves proceeds downstream and eventually breaks up into
fully turbulent flow, followed by a period of time during
which the transition region is essentially laminar prior to the
emergence of the next group of vortices. However, none of
the prediction methods reviewed in [14] indicated that
Tollmien-Schlichting instability would occur along the airfoil
pressure surface in absence of Gortler vortices. Thus, it can be
concluded that traveling waves are part of the breakdown
process for the Gortler vortices, and not just superimposed.
Because Bippes and Gortler [I 8] also observed traveling waves.
accompanying Gortler vortex deformation in hydrodynamic
flows, it can be further concluded that this occurrence is not

'unique to the present test configuration.
Returning to the Gortler vortices and their observed

existence on the turbine airfoil, it is difficult to ascertain their
origin. Morkovin [9] reported that even along a constant­
pressure flat plate it is not unusual to observe transition
initiated by counter-rotating vortices. Another possible origin
lies in the stagnation region where the transverse vorticallines
inherent in the on-coming stream are deformed and bent as
the main flow encounters the stagnation region of an ob­
stacle - in this case, the turbine airfoil. Analytically, this
phenomenon was studied by Kestin and Wood [10] on the
basis of vortex amplification. Their thesis was subsequently
corroborated by a thorough experimental study by Sadeh et
al. [I1J. On the other hand, it is widely known that the
concavity of a surface gives rise to the Gortler vortices which
would cause instability of the main flow, and would sub­
sequently lead to transition. The experimental work of
Wortman [12] amply demonstrated the phenomenon
discussed.

Quantitative Observations. Transition from a laminar

Uco,f Is Ag,in. 82 , ft. G(82 ) (21T82/A g)
0 .... 22.2 0.69 4.8xlO-4 0.71 0.052

100 '\1 .... 33.7 0.56 3.8 0.78 0.052
6 .... 36.3 0.62 3.6 0.79 0.044
0· ..·42.8 0.59 3.5 0.87 0.044
I

0.1
0.01

N
ro-

Fig. 12 GertJer vortex pair on turbine blade pressure surface,
Rae = 7.9 x 10

them. Usually, the locations at which these vortices became
~harply observable were at positions of 0.3 to 0.4 of the chord
length where the curvature was severe. From there, these
counter-rotating cells were convected downstream with an
increasingly less distinct outline and were eventually diffused
into a cloud. These are all quite discernible in Fig. 11. As a
fixed site, however, Gortler vortices emerged in spurts, in­
terposed by a long period of quiescence. Not infrequently,
two successive groups of Gortler vortices emerged from
approximately the same spot with little intervening time in
between. Each group contained ten or more visible cells in the
main flow direction and the two groups were identifiable in
some of the high-speed movie records at two different sites
with a quiet space gap in between. Far more flow details were
revealed in frame-by-frame analyses of these movie records.

Not only were the Gortler vortices identifiable, but also
packets of superimposed traveling waves with features similar
to the Tollmien-Schlichting type were observed in the course
of examining the movie films. Pictorially, the existence of the
T-S type waves is evidenced in Figs. 11 and 12 where the
smoke stream appeared to have regularly spaced crests.

Further downstream, the interaction of the T-S waves with
the Gortler vortices led to complete transition into turbulent
flow. The entire transition process, although a complex event,
consisted mainly of intermittent appearances of transverse
waves of the Tollmien-Schlichting type superimposed on the
Gortler vortices with their resultant deformation and
decomposition. In Fig. 11, the two Gortler vortices visible in
the photo are being deformed through the action of traveling
waves which appear as two rows of sawteeth. Analysis of the
high-speed motion pictures on a frame-by-frame basis showed
that a group of these waves numbering from three to fifteen
would become visible at a surface distance between 0.3 and
0.5 of the chord length. This group of waves would proceed
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boundary layer to a turbulent one is naturally a topic of acute 
interest in turbine blade cooling analysis. In an earlier work 
[14], major factors influencing the transition process have 
been summarized for turbine blade applications. Instability 
due to Gortler vortices has, of course, been studied ex­
tensively, particularly by the detailed computations of Smith 
[15] for surfaces with uniform curvature. For turbine airfoils, 
however, surface curvature varies and the analysis by Tobak 
[16] appears more appropriate. His calculated stability curves 
are for concave surfaces of a finite extent bounded by surfaces 
of zero curvature on both sides. This finite nature is 
characterized by a parametric ratio (a/52) where a is the arc 
length and 82 is the momentum thickness. 

To ascertain the transition possibility on the concave side of 
the airfoil in this study, parameters used in Tobak's work 
were calculated at the commencing section of concave cur­
vature where Gortler vortices were first observed. This oc­
curred at a surface position about 0.1 of the chord length. The 
momentum thickness, 52, w a s obtained by calculating the 
developing two-dimensional laminar boundary layer starting 
from the stagnation point. The Gortler wave length, \g, was 
taken from the photographic records by photogrametric 
projection. From these sources, the Gortler parameter G(52), 
the Gortler wave length number (27rS2/Ag), and the curvature 
number (a/82) were obtained. For the four sets of processed 
data, the points are shown in Fig. 13. The fact that these four 
points all lie within the neutral stability envelope lends 
credence to the argument that incipient transition commences 
at that location. Indeed, by a detailed examination of the 
movie frames, the breakdown of the vortical structure 
downstream from that location was quite visually prominent. 

As to how the Gortler vortices originated in the present 
study, it appeared that those vortices were caused by con­
cavity of the surface. The Gortler wave length, \ , (defined as 
the repeating length) was measured photogrametrically in this 
study. For chord Reynolds numbers of 1.5 x 106 and 8 x 105, 
wavelength values of 0.59 and 0.7 in., respectively, were 
obtained from the photographic records. According to the 
criterion of Kestin and Wood [10], the calculated wavelengths 
turned out to be 0.07 and 0.1 in. This disparity tends to 
suggest that the observed Gortler vortices were not those 
originating in the stagnation region. On the other hand, it is 
quite likely that the spacing or wavelength of the Gortler 
vortices tends to increase as the vortices travel downstream 
along the blade surface, as suggested by Martin and Brown 
[13], thus partially accounting for the differences noted 
above. 

Concluding Remarks 

The complexity of turbine airfoil aerodynamics is of course 
well recognized; the research reported herein represents one of 
the few efforts, to the author's knowledge, to observe ex­
perimentally the phenomena of Gortler's vortices on the 
pressure-side and Karman's vortices in the trailing edge 
region. The latter has, of course, important bearings on the 
downstream cascade as it traverses through the wakes. Two 
general observations appear warranted: 

First, the transition process on the pressure-side of a tur­
bine airfoil seems to be more governed by the breakdown of 
the Gortler's vortical cells with the Tollmien-Schlichting 
waves as a superimposed influence. Secondly, the Karman 
vortices in the trailing-edge region, which in their ideal form 
are two-dimensional, are given a three-dimensional structure 
by the convected Gortler's vortices. More specifically: 

(/) The Karman vortex spacing (h/a) in the near wake 
region increases with increasing distance from the trailing 
edge owing to the reduced velocity deficit in the wake. 

(/;) Transition of the boundary layer on the concave side of 
the airfoil are strongly influenced by the curvature-induced 
Gortler's vortices. For the airfoil studied, transition begins at 
s/c = 0.1 at which G(52)>0.58. 
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The Low-Temperature Properties 
of Aviation Fuels 
A review is presented of work on the low-temperature properties of aviation turbine 
fuels that has been carried out in recent years at Thornton Research Centre. Details 
of both simulated full-scale aircraft tank tests and laboratory evaluations are in­
cluded. Zero holdup is considered as a low-temperature specification parameter and 
a novel method for measuring its value is described. Experimental results are 
presented which demonstrate that a change from a freezing point to a flow criterion 
could provide an increase in fuel availability without prejudicing flight safety. 

Introduction 

The aviation fuel market is one of the few areas in the 
petroleum industry where an increase in future demand can be 
predicted with a reasonable degree of certainty [1]. However, 
this growth in demand is likely to be influenced by two major 
constraints, price and availability. At present aviation fuel 
represents only a relatively small portion of the barrel, but 
any increase in this fraction is limited by the need to meet 
specification requirements and competition from other 
products. The changing pattern in product demand is focusing 
attention on secondary refinery processes to maximize output 
of distillate fractions and on the use of alternative non-
petroleum sources of fuel. In both of these approaches, 
significant upgrading of the initial product, involving both 
large capital outlay and high operating costs, may be 
necessary to produce final products within current 
specification limits. Under these conditions it is desirable to 
identify ways of easing specification requirements that will 
increase flexibility, but at the same time maintain product 
quality [2]. 

One of the important specification requirements that can 
constrain fuel availability is the freezing point. For Jet A-l 
fuels this limit has been relaxed recently from -50°C to -
47°C. Analysis of a broad spectrum of in-flight fuel tem­
peratures indicates that this relaxation corresponds to the 
maximum freezing point permissible before the temperatures 
experienced by the fuel could closely approach its freezing 
point [3]. Potential problems could be overcome by changes in 
fuel management procedures or modifications to aircraft fuel 
systems [4-7]. However, these approaches are not without 
their drawbacks. While they will certainly feature in scenarios 
for future utilization of higher freezing point fuels, they will 
in no way invalidate efforts directed at understanding the low-
temperature behavior of the fuels themselves. 

Research into the low-temperature properties of aviation 
fuels has been carried out by several organizations for more 
than three decades. This paper presents an overview of 
research carried out at Shell Research Ltd.'s Thornton 
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MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 3, 1981. Paper No. 82-GT-48. 

Research Center and highlights the consequences that the 
results have for future considerations of the low-temperature 
specification requirement. 

The Need to Redefine the Low-Temperature Specifi­
cation Requirement 

Currently the low-temperature specification requirement 
for an aviation turbine fuel is defined by its freezing point. 
The advantages of using this parameter include the relative 
ease with which it can be measured for conventional fuels, the 
reasonable degree of repeatability and reproducibility, and 
the margin of safety it ensures. This last factor is a con­
sequence of the definition of freezing point. The ASTM 
D2386/IP 16 method that is currently used determines the 
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Fig. 1 Shell cold-flow tester - sectional elevation 
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Table 1 Shell cold-flow rig studies: Features of test tanks 

Tank 

1 
Z. 

3 

Type 

Ex-BAC lightning 
Ex-BAC lightning 
Rectangular 

Baffled 

Yes 
Yes 
No 

Capacity 

-100 gal. 
-100 gal. 
-100 gal. 

Type 

BP18Mk 1 
BP 18 Mk 1 
SPE15160/AC 

Booster pump 

Mounting 

Tank base 
Tank base 
Underside 

Protecting filter 

15 mesh gauge 
15 mesh gauge 
20 mesh gauge cap 

RECEIVER 
I 

PUMP 

PASSAGEWAY 
i — 

RECEIVER 
2 

TANK I TANK 2 TANK 3 
Fig. 2 Schematic layout of aircraft tanks in the cold room for pump-
ability tests F/S = filter separator 

Table 2 Low-temperature properties of jet A/A-l fuels 

Fuel 
Freezing point, 

"C 

Tank test 
zero hold-up 

temperature, °C 

Cold-Flow Test 
zero hold-up 

temperature, °C 
1 
2 
3 
4 
5 
6 
7 
8 
9 

10 

- 4 8 
- 5 1 
- 5 1 
-51.5 
-52.5 
-51.5 
-50.5 
- 5 0 
- 6 0 
- 4 5 

- 4 8 
- 5 0 
- 5 2 
- 5 5 
- 5 0 
- 5 0 
- 5 0 
- 5 1 
- 6 0 
- 4 7 

- 4 8 
< - 5 1 

- 5 0 
- 5 2 
- 5 0 
- 5 0 
- 5 0 
- 5 0 
- 6 0 
- 4 5 

2 2 

O UJ 

FUEL-

COLD TANK TESTS 

^^777]i^^^^p^k77?irrr^JJJ2pa=V//A_ 

temperature at which crystals disappear when a sample is 
allowed to warm up from low temperature under controlled 
conditions. The major disadvantage of the use of a freezing 
point specification is that it bears little relation to the property 
that actually limits fuel usage under operating conditions, 
namely its ability to flow [8, 9]. A cold-flow property limit 
could reflect the practical low-temperature flight conditions 
more accurately than the established freezing point limit. 

Past Shell Studies of the Low-Temperature Behavior of 
Aviation Turbine Fuels 

Laboratory tests. The Shell Cold-Flow Test was developed 
as a result of early studies [8-10] that identified the need for a 
suitable procedure to characterize the low-temperature flow 
behavior of aviation turbine fuels. The procedure does not 
measure any fundamental Theological property, although the 
test conditions have been designed to represent as closely as 
possible those to which the fuel is subjected while flowing 
within a fuel tank towards the booster pump. The apparatus 
comprises two cylindrical chambers connected by a spring-
loaded puppet valve (Fig. 1). The fuel sample is introduced 
into the upper chamber and the apparatus is immersed in a 
closely controlled low-temperature bath until the fuel and 
bath temperatures equilibrate. The poppet valve is then 
opened for a specified time, after which it is closed and the 
apparatus is removed from the bath. The volume of fuel 
remaining in the upper container is measured after the ap­
paratus has warmed up to assess the flow characteristic of the 
fuel at the test temperature. (The poppet valve orifice is 
reasonably large; this ensures that the result obtained depends 
principally upon the rigidity of the fuel and to only a minor 
degree on the flow rate.) 

The Cold-Flow Test was evaluated in some detail during an 
Institute of Petroleum program, and the method was adopted 
as a standard procedure (IP 217/66T) [11]. The method was 
withdrawn after 1972, owing to lack of interest in the need for 
a change in the low-temperature specification. However, 
more recent events have refocused attention on the influence 

& 

S3 

w o u- Q: 
U- UJ 

LABORATORY COLD-FLOW TESTS 

Fig. 3 Cold-flow studies: difference between flow-limiting tem­
perature (zero hold-up temperature) and freezing point for a series of jet 
A/A - 1 fuels 

of specification requirements on aviation turbine fuel 
availability, and the Cold-Flow Test has been used in­
creasingly during the past few years to complement the results 
of tank studies carried out at Thornton Research Center and 
elsewhere. 

Tank Studies. Tank studies started at Thornton Research 
Center in the mid-1950s; this work became part of an Institute 
of Petroleum program, and the results are discussed in detail 
elsewhere [12]. Most of the LP. work was concerned with 
determining the accuracy of laboratory tests and their 
correlation with rig tests. It was considered that a 30 percent 
fuel hold-up in rig testing would best define the aircraft 
pumpability temperature limit and that the Shell Cold-Flow 
Test (30 percent hold-up) was the preferred method for 
determining this limit. A 30 percent hold-up condition means 
that almost one-third of the fuel is unable to flow from the 
tank. Irrespective of the time that such a condition prevails, 
the fuel would be unusable for that period, and the chances of 
experiencing operation problems would increase markedly. A 
more realistic criterion than the 30 percent hold-up condition 
would be the 'zero hold-up' temperature, even though it is 
more difficult to measure experimentally. This temperature 
represents the lowest temperature at which all the fuel can be 
recovered, i.e., a flow-limiting temperature and is obtained by 
extrapolation. For this reason, later tank tests and related 
laboratory studies have focused on the 'zero hold-up' tem­
perature and the variation of this parameter with the nature of 
the fuel. 
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A SHALE-OIL-DERIVED FUELS 
(See text for data source) 

Fig. 4 Cold-flow studies: difference between flow-limiting tem­
perature (zero hold-up temperature) and freezing point for a series of 
experimental extended fuel blends 
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Fig. 5 Correlation between cold tank test, zero hold-up temperature 
and (a) Freezing point, (b) Laboratory cold-flow test zero hold-up 
temperature 

More recent studies have been carried out using one of three 
tanks (Table 1) placed in a cold room capable of operating 
down to -60°C (Fig. 2) [13]. After filling the test tanks with 
fuel (via a coalescer to ensure the removal of free water) the 
cold-room temperature was reduced to the required value. 
Conditions were controlled to maintain the desired test 
temperature throughout the fuel (the time taken to reach these 
conditions varied between 36 and 72 hrs, depending on the 
degree of approach to the cold-room limiting temperature). 
Upon reaching the required test temperature, the boost pump 
was operated to empty the test tank and the fuel was collected. 
Conditions were arranged so that cavitation occurred at the 
boost pump, and the variation of this condition with tem­
perature was measured allowing the zero hold-up temperature 
to be determined. 

Tests have been carried out on a range of conventional 
aviation turbine fuels with specifications within the limits for 

4.0 4.4 

Fig. 6 Correlation between concentration of the last member of 
straight-chain paraffin series for kerosines and the measured freezing 
point 

Jet A/A-l fuels. Comparison has been made between the 
freezing point (ASTM D2386/IP 16), cold-flow test zero hold­
up temperature, and the tank test zero hold-up temperature 
(Table 2). There is good agreement between the zero hold-up 
temperature determined in both the tank tests and the Cold-
Flow Test. In addition these results agree well with the 
freezing point, the difference being within experimental error 
(Fig. 3). The results establish that for most purposes either of 
the two criteria (i.e., freezing point or flow-limiting tem­
perature) could be used to define the low-temperature 
specification requirement for these fuels. 

However, in order to identify the most significant 
parameter that controls fuel behavior at low temperature it 
was important to study fuels for which the freezing and flow-
limiting temperatures were well separated. This separation 
was achieved by a series of "experimental high density" fuels, 
prepared by blending varying quantities of heavier com­
ponents into the kerosine fraction. The results of extensive 
tests with these experimental fuel blends established that the 
zero hold-up temperature obtained from both tank and 
laboratory tests were in good agreement and that these 
temperatures do not correlate with the freezing point (Table 
3), but that the former temperature can be as much as 20°C 
below the freezing point (Fig. 4). Over the full range of fuels 
studied, only the cold-flow test results show a good 
correlation with the tank tests (Fig. 5), demonstrating that the 
zero hold-up temperature provides a more realistic indication 
of the limiting temperature for unrestricted flow of the fuel 
under severe low-temperature conditions than does the 
freezing point. 

Effect of Fuel Composition on Low-Temperature 
Properties 

Support for the above conclusion and insight into the 
factors influencing the observed results can be gained from 
closer examination of the relationship between fuel com­
position and performance in both freezing point and flow-
related tests. It is known that of the molecular structures 
present in kerosine, the straight-chain paraffins, and in 
particular the least soluble paraffins (i.e., the longest-chain 
components) strongly influence the measured "freezing 
point" [13]. From a simplistic viewpoint of solubility, the 
concentration of these paraffins will be related to the ob­
served "freezing point" according to the relationship: 
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\n (concentration <x (freezing point) ' 

This relationship is supported experimentally, as shown in 
Fig. 6, for fuels in which n-heptadecane is the longest straight-
chain paraffin present. There is good agreement between the 
Shell results and other available data for three jet fuels 
derived from shale oil [13], providing further support for the 
validity of this approach. Such evidence suggests that the 
"freezing point" is related to a solubility characteristic of the 
fuel (in fact the term "low-temperature solubility point" 
would be more correct than freezing point), and it is not 
perhaps surprising that a parameter that depends on the 
solubility of components present in low concentration in the 
fuel does not necessarily reflect the bulk performance of the 
fuel. 

ZERO 
FREEZING HOLD-UP 
POINT, °C T°C 

The shape of the straight-chain paraffin distribution for a 
fuel with similar freezing point and flow-limiting tem­
peratures differs markedly from that for a fuel for which the 
parameters are dissimilar (Fig. 7). The flow characteristics of 
fuels are also influenced by the straight-chain paraffins 
present. Typically, extraction of these components from a 
sample of kerosine reduces its flow-limiting temperature from 
in the region of - 50°C to values below those that can be 
determined experimentally. This suggests that the flow-
limiting temperature is determined by the formation of a gel 
between the paraffin crystals and the remaining liquid, and 
offers an explanation for the observed differences between the 
freezing point and the flow-limiting temperature in some fuels 
but not others. Gel formation would be expected to be 
associated with a higher concentration of straight-chain 
paraffin crystals than would the freezing point. For fuels in 
which the slope of the straight-chain paraffin profile is steep, 
precipitation of a significant quantity of crystals would be 
expected to occur close to the freezing point temperature 
(Fuels A and B, Fig. 7), whereas for fuels with the asym­
metrical profile, precipitation of sufficient crystals to induce 
gel formation would not be expected until the fuel was cooled 
significantly below the freezing point (Fuel C, Fig. 7). Efforts 
are still continuing in this area to clarify the role of other 
components which may influence performance. Nevertheless. 
the results already obtained provide considerable insight into 

Table 3 Low-temperature properties of 'experimental high-
density fuel' blends 

Fig. 7 
flow-lim 

Effect of straight-chain paraffin content on freezing point/no 
iting temperature 

Fuel 
11 
12 
13 
14 
15 
16 
17 
18 
19 
20 
21 
22 
23 
24 
25 
26 
27 

Freezing point, 
°C 

- 4 0 
-30.5 
- 3 9 
-31.5 
- 3 7 
- 3 0 
- 3 8 
- 3 2 
- 4 1 
- 3 5 
- 2 6 
- 2 5 
- 1 5 
- 4 1 
- 3 7 
- 3 9 
- 2 5 

Tank test 
zero hold-up 

temperature, °C 
- 4 3 
- 4 0 
- 5 0 
- 4 7 
- 5 0 
- 4 9 
- 5 0 
- 4 3 
- 4 9 
- 4 5 
- 4 4 
- 4 6 
-

- 5 1 
- 4 5 
- 4 5 
- 3 9 

Cold-Flow Test 
zero hold-up 

temperature, °C 
- 4 6 
- 4 0 
- 4 9 
- 4 8 
- 5 2 
- 4 9 
- 4 9 
- 4 4 
- 4 8 
- 4 5 
- 3 8 
- 4 4 
- 3 0 
- 5 0 
- 4 6 
- 4 9 
- 3 9 

Table 4 Determination of the no-flow temperature of fuels using the Air Probe Flow Monitor and comparison with other 
low-temperature characteristics of the fuels 

Fuel 
n-decane 
tetradecane 
n-nonane 
Jet A-l 
JetA-1 
Jet A-l 
JetA-1 
EHDF'' 
EHDF' 
EHDF'' 
EHDF'' 
EHDF 
ERBSrf 

ERBS'' 
ERBSrf 

APFM 
no-flow T., 

°C 
-29.2 
+ 5.7 

-52.5 
-52.8 
-49 .4 
-51.5 
-53.3 
-49.0 
-49.1 
-42 .0 
-52.9 
-51 .9 
-33.6 
-33 .9 
-33.7 

ASTM D2386/IP 16 
freezing pt., 

°C 

-29 .7" 
+ 6 " 

- 5 1 " 
- 5 1 
-50.5 
- 5 1 
- 5 0 
- 3 9 
- 3 5 
- 2 6 
- 3 7 
- 3 0 
-26.0 
-24.5 
-25.0 

Cold-Flow Test 
zero hold-up T., 

°C 

— 
-
-

- 5 1 
- 5 0 
- 5 2 
- 5 0 
- 4 9 
- 4 5 
- 3 8 
- 5 2 
- 4 9 

— 
-
-

Setapoint 
no-flow T., 

°C 

__ 
_ 
-

-51 .6 
-53 .9 ( -51 .9 )* 
-52.1 
-51.5 
-48.7 
-48.5 
-48.2 (-43.9)* 
-53.3 
-49.8 
-34.1 
-31.8 
-33.2 

"literature freezing point 
400 mesh filter; all other values of Setapoint, no-flow temperature obtained with 325 mesh filter. 

''EHDF-experimental high density fuel 
'ERBS-experimental referee broadened specification fuel 
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Fig. 8 Layout of the air probe flow monitor ('Allows the use of more 
than one probe) 

PRESSURE DOWNSTREAM 
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INCREASING 
TEMPERATURE 

AIR FLOWS 
AGAIN 

I SAMPLE 
I WARMING 

the nature of the measured performance criteria and the 
reasons underlying the advantages of using a flow-related 
measurement rather than freezing point as an indicator of 
low-temperature performance. 

Current Efforts 

A drawback of the Cold-Flow Test is that the zero hold-up 
temperature cannot be determined directly; the usual 
procedure is to plot the temperature dependence of the hold­
up factor over a range of readily determined values (typically 
between 10-90% hold-up) and to extrapolate to zero hold-up 
to obtain the corresponding zero hold-up temperature. To 
minimize errors in the measurement of the zero hold-up 
temperature several determinations are necessary, particularly 
in the region of low hold-up factors. Ideally, it would be far 
better to characterize directly the temperature at which fuel 
will cease to flow. This objective has been achieved using a 
newly developed technique - the Air Probe Flow Monitor 
(APFM). The APFM is based on pulsing a small bubble of air 
through a sample of the fuel, which is cooled at a constant 
rate (Fig. 8). The uniform fluctuations of air pressure up­
stream and downstream of a glass capillary are monitored, 
the capillary acting as a fine control on the air pulse pressure. 
A change in the observed pressure profiles (Fig. 9) is observed 
when the air ceases to flow through the sample, and the 
temperature at which this occurs is recorded as the no-flow 
temperature. The inability of air to flow through the sample is 
a direct indication to the loss of sample fluidity. 

Initial evaluation of the APFM indicates that the results 
relate closely to those from other more laborious and less 
versatile flow tests, and that this flow monitor provides a 
straightforward and rapid method for characterizing a wide 
range of distillate fuels (typical results are shown in Table 4). 
Several features emerge from the results to date. There is good 
agreement between the APFM no-flow temperature and the 
literature freezing point for pure straight-chain paraffins. 
This demonstrates that the APFM provides a sound 
measurement of the no-flow temperature, since for a pure 
material the freezing point and the no-flow temperature 
would be expected to be indistinguishable. For conventional 
Jet A-l fuels the APFM results are reasonably close to the 
measured freezing points. This observation is consistent with 
the results of the past work described above, and provides 
further support for the practice of describing the low-
temperature behavior of conventional fuels by either a flow-
related criterion or freezing point. For "experimental high-
density fuel" blends the APFM results bear no relation to the 
freezing points (an observation that is also consistent with 
past work), but there is reasonable agreement between the 
APFM no-flow temperature and the zero hold-up temperature 
for both conventional and experimental fuels (Fig. 10). Thus 
the APFM achieves one of the major requirements of any new 
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flow test-viz. , the ability to measure the flow-limiting 
temperature directly. 

The no-flow temperatures of samples of experimental 
referee broadened specification (ERBS) fuels have been 
determined, and the results are included in Table 4. It is of 
interest to note that the freezing point and no-flow tem­
peratures are well separated, and the results indicate that these 
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fuels remain fluid at temperatures significantly below the 
freezing point. 

Stanhope-Seta, Ltd. have recently developed an instrument, 
the Setapoint detector, that measures a similar characteristic 
to the APFM, but by means of an entirely different principle 
of operation [14]. Table 4 compares the no-flow temperatures 
measured by the two devices. Although the agreement is 
reasonable it should be interpreted with caution. The 
Setapoint technique involves cooling a sample of fuel while at 
the same time forcing the fuel forwards and backwards 
through a filter. The pressure developed across the filter is 
sensed, and when it exceeds a predetermined value the tem­
perature is recorded as the no-flow temperature. The presence 
of the filter in the system introduces an additional com­
plication, in that the pore size can influence the observed 
result. Thus the Setapoint measurement may not be solely a 
flow-related measurement, but may also be influenced by the 
filter-plugging characteristics of the fuel. 

In addition to its use as a laboratory method to characterize 
the low-temperature behavior of fuels, the APFM shows 
considerable potential for studying in-situ the flow charac­
teristics of fuels in tank tests (a situation that cannot be 
achieved with other flow tests currently available). Recent 
tank tests designed to simulated temperature profiles ex­
perienced in flight [15] have highlighted the need to be able to 
make this type of measurement during the test cycle. The 
Cold-Flow Test was designed to evaluate bulk flow charac­
teristics of the fuel under isothermal conditions and cannot 
cope satisfactorily when temperature gradients have been 
established in the tank. The APFM on the other hand offers 
the capability of monitoring fluidity at various locations 
subjected to different local temperature regimes. In the longer 
term it may be possible to adapt the APFM to provide a 
means of monitoring the condition of the fuel in aircraft tanks 
during flight. 

Consequences of Utilizing a Flow-Related Low-
Temperature Specification Requirement 

The results of the research program described above 
question the validity of using a freezing point requirement to 
specify the low-temperature performance of jet fuels. The 
extensive laboratory and tank tests support the premise that a 
flow-related measurement would be a more realistic criterion 
than freezing point. It is important that the specification 
requirements reflect as closely as possible the desired per­
formance characteristics, in order to maintain optimum fuel 
quality and avoid any confusion in the future. For con­
ventional fuels the use of freezing point or a flow-related 

criterion would be equally applicable. However, for less 
conventional fuels the freezing point could be unnecessarily 
restrictive as evidenced by fuels used in the present studies 
that have satisfactory flow characteristics at temperatures 
well below their freezing point. (It should be noted that the 
use of heated filters downstream of the fuel tank avoids 
problems related to filter-blocking by any crystals present in 
fuels.) For such fuels (perhaps representing future products) a 
no-flow specification requirement (possibly based on a 
technique such as the air probe flow monitor) would allow 
significant increases in the jet fuel yield to be obtained from 
refineries otherwise restricted by the need to meet a freezing 
point requirement. 
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Deposit Formation in Hydrocarbon 
Fuels 
A high-pressure fuel coking test apparatus was designed and developed and was 
used to evaluate thermal decomposition (coking) limits and carbon deposition 
rates in heated copper tubes for two hydrocarbon fuels, RP-1 and commercial-
grade propane. Tests were also conducted using JP-7 and chemically-pure propane 
as being representative of more refined cuts of the baseline fuels. A parametric 
evaluation of fuel thermal stability was performed at pressures of 136 atm to 340 
atm, bulk fuel velocities in the range 6-30 mis and tube wall temperatures in the 
range 422-811 K. In addition, the effect of the inside wall material on deposit 
formation was evaluated in selected tests which were conducted using nickel-plated 
tubes. The results of the tests indicated that substantial deposit formation occurs 
with RP-1 fuel at wall temperatures between 600 and 800 K, with peak deposit 
formation occurring near 700 K. No improvements were obtained when 
deoxygenated JP-7 fuel was substituted for RP-1. The carbon deposition rates for 
the propane fuels were generally higher than those obtained for either of the 
kerosene fuels at any given wall temperature. Finally, plating the inside wall of the 
tubes with nickel was found to significantly reduce carbon deposition rates for RP-1 
fuel. 

Introduction 

The performance characteristics of advanced technology 
hydrocarbon-fueled rocket and gas turbine engines may be 
enhanced by operating at higher combustion pressures and 
utilizing more of the heat sink capability of the fuel to ac­
commodate the increased heat fluxes that result from high-
pressure operation. Regenerative cooling with hydrocarbon 
fuels is feasible up to a point where the coolant wall tem­
perature reaches a limit defined by a thermal decomposition 
or "coking" temperature. Deposit formation on the coolant 
wall surface, which usually occurs when the thermal 
decomposition temperature is reached, causes an increased 
thermal resistance, a progressively increasing wall tem­
perature and, ultimately, failure. Therefore, it is desirable to 
establish (/) the maximum heat fluxes that can be ac­
commodated by determining the minimum wall temperature 
limits for incipient deposit formation under a variety of 
coolant flow conditions, (ii) what rates of formation will 
prevail, and (iii) the nature of the deposit, as it affects the heat 
transfer limits. 

Hydrocarbon fuel stability and deposit formation (coking) 
has been a subject of investigation for many years and the 
results of many of these previous studies have been sum­
marized in [1, 2]. The rates of fuel decomposition and deposit 
formation have been found to be functions of the tem­
perature, pressure, velocity, composition and physical state of 
the fuel. Although the exact mechanism of deposit formation 
has not been clearly defined, it usually results from the 

pyrolysis of organic molecules which make up the fuel. Free 
radicals are generated thermally and, because of their affinity 
for atoms such as nitrogen, oxygen, and sulfur which might 
be in the fuel, stable complex solids are formed. Studies have 
shown that additional processing of the fuel to remove these 
deposit forming precursors has improved thermal stability 
and decreased deposit formation [3]. 

Because of its superior thermal conductivity, copper has 
been the preferred material for forming the regenerative 
cooling passages in the high heat-flux regions of high-pressure 
rocket thrust chambers. However, studies of the effect of wall 
materials on deposit formation [4, 5, 6] have indicated that 
deposit rates on copper can be very high, although no data 
was available for the particular fuels and test conditions of 
interest. Therefore, to permit more accurate determinations 
of the maximum allowable wall temperatures, a fuel coking 
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test apparatus was designed and developed and was used in 
experiments directed toward (/) evaluating the thermal 
decomposition (coking) limits and rates of deposition in 
heated copper tubes for two hydrocarbon fuels, RP-1, and 
propane, and (//') investigating the effect of further refining of 
these fuels, to reduce the concentration levels of deposit-
forming precursors, on improving their thermal stability [7]. 
Tests were conducted using RP-1 and commercial-grade 
propane as the standard hydrocarbon fuels and deoxygenated 
JP-7 and chemically pure propane (99.4 percent pure) as being 
representative of more refined cuts of these fuels. A 
parametric evaluation of fuel thermal stability was performed 
at pressures of 136 atm to 340 atm, bulk fuel velocities in the 
range 6 to 30 m/s, and tube wall temperatures in the range 422 
to 811 K. In addition, the effect of the inside wall material on 
deposit formation was evaluated in selected comparative tests 
which were conducted using nickel-plated tubes. 

Test Facility and Test Hardware 

The test apparatus, shown schematically in Fig. 1, consisted 
of: (/) a fuel supply tank, including a porous metal nitrogen 
sparger and a zeolite-type molecular sieve for removing 
dissolved oxygen and water from the JP-7 fuel; (ii) a fuel 
delivery system consisting of two piston-type accumulators 
which were pressurized with nitrogen and used to drive fuel 
through the test section; (Hi) a resistance-heated test tube 
connected to a 40-kVA high-amperage a-c power supply; (iv) 
an in-line filter for collecting any solid particles which might 
form in the bulk flow or break off from the test tube wall 
during test; (v) a fuel cooler; (vi) a turbine-type flowmeter; 
(vii) an electrically-driven metering valve which was used to 
control the fuel flow through the test section; and (viii) a fuel 
dump tank. 

To permit testing at pressures up to 340 atm and tube wall 
temperatures up to 1000 K, a duplex tube wall configuration, 
shown schematically in Fig. 2, was selected. In the duplex tube 
configuration, an inner wall of an oxygen-free, high-
conductivity copper (No. 102; 99.95 percent pure; electrical 
conductivity = 0.0586 Megmho-cm) provided the desired test 
surface for studying the rates of deposit formation on copper 
while an outer wall of Inconel 600 provided the necessary 
high-temperature tensile strength. The duplex tube was 
manufactured by threading a 0.254-cm i.d. x 0.366-cm o.d. 
copper tube into an oversized Inconel outer sheath, and 
subsequently drawing the Inconel tube through a die to obtain 
a sheath thickness of 0.056 cm and an overall duplex tube o.d. 
of 0.478 cm. This configuration had the advantage that, while 

the structural load was carried by the outer sheath, the 
majority of the power (~95 percent) was conducted through 
the copper and, as a result, the tube radial temperature 
gradient was small. 

To verify the condition that no significant electrical or 
thermal resistance at the interface of the two metals, stem­
ming from oxidation, contamination or local separation, had 
developed, tube samples were subjected to various tests which 
included: metallographic examination using a scanning 
electron microscope and microprobe, shear tests, and thermal 
cycling in a high-temperature oven. The results indicated that 
the copper closely followed the contour of the Inconel surface 
and the interface was free of contamination and/or air gaps. 
In addition, any tendency for separation at the copper/In-
conel interface would be opposed during testing by the 
combined action of internal pressure forces and the higher 
rate of thermal expansion of copper relative to Inconel. 

The test tube assembly is also shown schematically in Fig. 2. 
The test tube was silver soldered to a copper bus ring which in 
turn was bolted to copper ring adaptors. Ten thermocouples 
were spotwelded to the outer Inconel wall at equal spacings of 
2.54 cm starting at a location 1.27 cm from the bus ring. The 
surface of the tube was coated with Sauereisen cement at the 
thermocouple junctions to electrically insulate the ther­
mocouple wire from the tube, and the wire was wrapped once 
around the tube and coated with additional Sauereisen cement 
to insure good thermal contact and minimize conduction 
losses. By use of an a-c power supply, thermocouple errors 
resulting from a voltage drop across the thermocouple bead 
were minimized. The test tube assembly was supported on 
teflon lined cradles that were designed to accommodate the 
bus rings and to permit thermal expansion by providing a low 
coefficient of sliding friction. The teflon also acted as an 
electrical insulator and prevented grounding of the test tube. 
In addition, nonconductive flexible hose was installed at the 
entrance and exit of the test tube assembly to allow thermal 
expansion and to electrically isolate the tube from the other 
components of test apparatus. 

Experimental Results and Discussion 

Prior to actual testing, the test tube inner wall temperatures 
were calculated from outer wall temperatures using a com­
puterized, multielement heat transfer analysis (TCAL) in 
which a finite difference representation of the heat conduction 
equation is solved by a relaxation technique. The calculated 
differences between the inner and outer wall temperatures of 
the duplex tube ranged from approximately 1 to 15 K over the 
entire range of test conditions. These temperature differences 
were, for the most part, within the expected experimental 
accuracy of the temperature measurement and, therefore, the 
measured outer (Inconel) wall temperature was considered 
representative of the inner (copper) wall temperature. 

The experimental program began with a sequence of 
calibration tests to corroborate the results of the heat transfer 
analysis and to verify the absence of a significant thermal 
resistance at the Inconel-copper interface. Tests were per­
formed with a specially instrumented test tube which allowed 
direct measurement of the temperature at the Inconel/copper 
interface as well as at the Inconel outer wall. The results-of 
these tests indicated that there was excellent agreement be­
tween the two wall temperature distributions. The largest 
temperature difference measured was only 10 K, thereby 
verifying (in a general sense) the temperature predictions as 
well as confirming the absence of a significant resistance at 
the interface between the two metals. 

Kerosene Fuel Tests. Testing began with RP-1 fuel at a 
fluid velocity of 6.1 m/s and a wall temperature of 422 K. No 
significant temperature rise was observed along the tube 
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during the 10 min test duration, suggesting the absence of 
significant deposit formation. Subsequent sectioning of the 
tube and microscopic inspection of the inner copper surface 
confirmed that deposits had not been formed; therefore, no 
additional testing was done at a wall temperature of 422 K. 
The remaining tests with RP-1 fuel were conducted at wall 
temperatures between 589 and 811 K, at a pressure of 136 
atm, and for fluid velocities ranging from 6.1 to 30.5 m/s. 
The input heat flux to the tube was varied between 173 and 
1460 W/cm2 , in order to achieve the desired wall temperature. 
In addition, selected tests with deoxygenated JP-7 fuel were 
also conducted at test conditions which indicated significant 
deposit formation with RP-1 fuel. 

Typical temperature distributions obtained with the 
kerosene type fuels at the maximum and minimum test 
velocities (i.e., 6.1 and 30.5 m/s) are shown in Fig. 3. These 
results indicated that substantial changes in the heat transfer 
processes were incurred as the flow, power, and wall tem­
perature were varied. As can be seen in the figure, the highest 
wall temperatures occur near the tube entrance, and the wall 
temperature decreases along the length of the tube. This 
seemingly anomalous trend stems from the variation of bulk 
fuel properties with temperature, and results in a local heat 
transfer coefficient which is lowest at the tube entrance, where 
the fuel is cold, and increases as the fuel is heated. At low 
velocity conditions, and particularly at high power, the wall 
temperature increased with length near the tube entrance, 
reached a maximum value, and thereafter decreased con­
tinuously to the end of the tube. The wall temperature 
distribution noted at low velocity appears to indicate laminar-
like flow at the tube entrance followed by a transition to 
turbulent flow. This entrance effect could be expected to be 
minimized at the higher Reynolds numbers associated with the 
higher flow rates. It can also be seen that over the 10 min 
duration, significant wall temperature rises occurred during 
the RP-1 fuel tests while smaller increases in wall tem­
peratures were observed with the JP-7 fuel. This trend was 
generally observed over the entire range of test conditions. 
The results indicated that the maximum temperature rises that 
were measured during the 10 min tests occurred at tube 
locations where the wall temperatures were initially between 
700 K and 750 K. There appeared to be no significant effect of 
fluid velocity on the magnitude of the peak temperature rise. 

A measure of the rate of carbon deposition which occurred 
during a test is the deposit thermal resistance buildup rate 
(Rc), which is defined as: 

Rr 
A7\„ 

(Q/A)(t) 
where ATW is the wall temperature rise (deg K) observed 
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Fig. 4 Variation of thermal resistance buildup rate with wall tem­
perature 

during the test, Q/A is the heat flux (W/cm2) maintained 
during the test, and t is the test duration (min). The thermal 
resistance buildup rates calculated for tube sections which 
exhibited temperature rises during testing with RP-1 fuel are 
shown in Fig. 4. It can be seen that the thermal resistance 
buildup rate reached a maximum at tube locations where the 
initial wall temperature was approximately 700 K. In ad­
dition, as the fluid velocity was increased, the magnitude of 
the peak thermal resistance buildup rate appeared to decrease. 
The magnitude of the rates obtained for a fluid velocity of 
30.5 m/s are in good agreement with experimental data 
obtained by other investigators [8] for RP-1 at velocities in the 
range 46 to 76 m/s. 

During testing, deposit formation was indicated by a 
significant change in the tube axial wall-temperature 
distribution when the system pressure, fluid velocity, and tube 
heating rate were held constant. After each test in which there 
was a positive indication of coking, the test tube was sectioned 
and prepared for microscopic examination and deposit 
analysis. Inspection of the inside surfaces of longitudinal 
sections of the tubes tested with RP-1 fuel revealed that the 
deposit coverage was generally very nonuniform and ranged 
from specks, to connected islands of deposits, to essentially 
full coverage. No particular pattern could be established with 
test conditions and the nonuniform deposit coverage made a 
determination of the point of incipient deposit formation 
impossible. Also, the deposits observed were multicolored 
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Fig. 5 Rate of carbon deposition for RP-1 fuel 

and took on various shades of red, black, and sometimes 
gray. All three colors could sometimes be seen on samples 
taken from a single tube; however, it was difficult to associate 
color with a particular run condition or wall temperature. The 
deposits appeared to vary in degree of roughness but were 
generally hard and did not break loose from the tube surface 
very easily. From the general appearance of the inner surfaces 
of the tubes, it was concluded that the formation of deposits 
on copper is a very complex process, leading to various in­
termediate compounds which can take on various colors and 
textures and which will likely affect the local heat transfer 
processes. 

The primary measure of the deposit formation rate with the 
various test operating conditions was made by burning off the 
tube deposits and measuring the quantity of C 0 2 evolved. A 
special laboratory bench-type apparatus was employed for 
this task, wherein a metered flow of air was passed at a 
constant rate through heated sections of the test tube. The 
product gases resulting from the burnoff were subsequently 
passed through a nondispersive infrared analyzer which 
provided a continuous measurement and record of the 
concentration of C 0 2 in the effluent gas. Integration of the 
data over the total burnoff time gave the total volume of C 0 2 

evolved, from which a carbon weight and deposition rate were 
calculated. 

The rates of carbon deposition determined for RP-1 are 
presented in Fig. 5 as functions of the average initial wall 
temperatures. The open symbols represent data obtained 
from 3.8-cm-long tube sections while the closed symbols 
represent a composite of the smaller sections, or a tube 
average value. Although there is considerable scatter in the 
data, believed to result from the combined effects of ex­
perimental error and the nonuniformity of the deposits on the 
tubes, some general trends can be observed. The deposit rate 
data appear to substantiate the conclusions drawn previously 
from the deposit thermal resistance buildup rates (see Fig. 4); 
i.e., the rate of carbon deposition increases with increasing 
temperature, reaches a maximum at an initial wall tem­
perature of approximately 600 to 700 K, and then falls off as 

temperature is increased further. Also, the carbon deposition 
rates decrease with increasing fluid velocity. 

Deposit burnoff tests were also conducted on the tube 
sections obtained from the deoxygenated JP-7 tests. Since 
only a limited number of tests were performed with JP-7, not 
enough test data was acquired to graphically indicate the 
trends with test conditions. However, the data do indicate that 
the deposit formation rates are generally of the same 
magnitude as was determined for RP-1. Since JP-7 typically 
has an order of magnitude lower sulfur content than RP-1 and 
because it must meet a stringent thermal stability 
specification, it was assumed that JP-7 would be a good 
simulator of refined quality RP-1 and demonstrate improved 
thermal stability. Also, since the dissolved oxygen con­
centration in the JP-7 was reduced to less than 5 ppm by 
sparging with nitrogen, and because the temperature rises 
obtained with JP-7 were generally lower than those obtained 
with RP-1, it was expected that less deposit would be found 
with JP-7. However, when the tubes used in the JP-7 tests 
were sectioned, microscopic examination revealed that there 
was significant deposit formation and that the deposits ap­
peared darker and more uniform than the RP-1 deposits. A 
diagnostic test was conducted with unsparged JP-7 fuel to 
determine if the presence of antioxidant and lubricity im­
proving additives, in the absence of dissolved oxygen in the 
sparged JP-7 fuel, might have promoted higher rates of 
deposit formation. When the results of this test indicated 
similar deposit formation, additional testing with JP-7 was 
suspended because the JP-7 did not appear to offer any 
benefit in terms of increased thermal stability. A 
measurement of the actual difference in the thermal stability 
between the two fuels (i.e., the breakpoint temperatures) was 
made in a series of tests using a Jet Fuel Thermal Oxidation 
Tester (JFTOT). The results of this evaluation revealed that 
both the JP-7 and RP-1 met the thermal stability requirement 
for JP-7, but the RP-1 was even more stable than the 
nominally higher quality JP-7. Also, a comparison of cer­
tified analyses of the compositions of the two fuels indicated 
that the actual difference in sulfur contents was only a factor 
of 2.3, and not the order of magnitude expected. Therefore, it 
can be concluded that there is little difference in carbon 
deposition rates and probably no particular advantage in 
using JP-7. 

A limited number of tests were conducted with RP-1 fuel at 
pressures up to 340 atm. The results indicated that there was 
no significant change in the tube wall temperature 
distributions as a consequence of increasing pressure, 
suggesting that the rate of deposit formation is relatively 
independent of pressure over the pressure range of 136 to 340 
atm. Microscopic examination of the deposits obtained from 
these tests also revealed that there was no substantial dif­
ference in the deposit appearance. The rates of carbon 
deposition determined from deposit burnoff tests showed the 
usual data scatter; however, the overall deposition rates fell 
within a relatively narrow band and indicated that the deposit 
formation rate increased slightly with pressure. 

Propane Tests. All deposit formation tests with com­
mercial-grade and chemically pure propane were conducted at 
a pressure of 136 atm. Test data was obtained at fluid 
velocities ranging from 6.1 to 36.6 m/s and for tube wall 
temperatures ranging from 422 to 811 K. Most of the tests at 
the higher temperatures (700 to 811 K) had to be terminated 
prematurely; i.e., before the full 10 min test time was 
achieved, because the wall temperature fluctuated excessively 
and eventually exceeded the maximum allowable level (866 
K). The erratic wall temperature behavior was repeatable and 
was observed in tests where the initial wall temperature was 
set at 700 or 811 K. Minor temperature fluctuations were also 
observed during many of the tests which were conducted at 
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Fig. 6 Comparison of temperature distributions for propane 

wall temperatures of 589 K; however, they were not severe 
enough to necessitate premature shutdown. It should be noted 
that at the higher tube wall temperatures, the bulk tem­
perature of the propane exceeded the critical point (366 K), 
suggesting that the temperature fluctuations may be due to a 
change in character of the propane when the critical tem­
perature is exceeded. Moreover, when severe temperature 
instabilities were observed, the measured bulk fluid tem­
perature was generally between 400 and 500 K, a temperature 
range in which the specific heat of propane at 136 atm 
pressure changes very rapidly and passes through a maximum 
[9]. Therefore, it would appear likely that other transport 
properties of propane (such as density, viscosity, and thermal 
conductivity) may also be changing very rapidly and that these 
properties changes could lead to the unusual heat transfer 
characteristics that were observed. 

The wall temperature distributions obtained for both 
grades of propane are not appreciably different and are 
compared in Fig. 6. It can be seen that unlike the results 
obtained for the distillate fuels RP-1 and JP-7, the wall 
temperatures observed in the propane tests at the start of the 
test run exhibited a more or less monotonic increase in 
temperature from the inlet end to the exit end of the heated 
tube. This behavior is to be expected from a fluid whose local 
heat transfer coefficient is nearly constant over the tube 
length. In contrast to the test runs conducted with the 
kerosene fuels, a continuous drop in local wall temperature 
with increasing test time is shown in the figure. This behavior 
was noted with the propane fuels at most of the test con­

ditions, suggesting that deposit formation may have 
significantly increased the turbulence level in the flow, and 
thereby, increased the heat transfer rates. 

Microscopic examination of the deposits obtained with 
both types of propane indicated heavier, blacker and more 
uniform deposits than those observed with the kerosene-type 
fuels, especially at the higher tube temperatures. The carbon 
deposition rates determined for propane in the burnoff tests 
confirmed this observation, and the deposit levels were 
generally higher than those obtained for either of the kerosene 
fuels at any given tube wall temperature. An interesting 
phenomenon that was observed in many of the higher wall 
temperature propane tests was the appearance of dendritic or 
tree-like formations in which the deposits appeared to grow 
out from the copper surface as filaments. Scanning electron 
microprobe analysis (discussed below) revealed that the 
filament composition was primarily copper, with some carbon 
concentrated at the base of the tree-like structure. The 
presence of copper in the deposit may have also contributed to 
the enhancement of the heat transfer with increasing test time. 

Since most of the high wall temperature (> 589 K) tests 
with propane were terminated prematurely, the deposit 
burnoff data for propane could not be used in a graphical 
presentation of the dependence of the rates of carbon 
deposition on wall temperature. The rate data for wall 
temperatures of 422 and 589 K indicated that the deposit rates 
for both grades of propane fell in the range 400 to 600 
fig/cm2-hr, and generally overlapped. Although there was 
some scatter in the data, the carbon deposition rate for 
propane fuel appeared to decrease slightly with increasing 
fluid velocity for each tube wall temperature condition. 

Nickel-Plated Tube Tests. The results of the experiments 
for kerosene and propane fuels appear to corroborate and 
extend the findings of earlier experimental studies which 
indicated that deposit rates on copper can be very high. 
Furthermore, it would appear that a copper surface probably 
promotes deposit formation to as great an extent as any 
deposit forming precursor contained in the fuels. Therefore, 
in order to obtain an indication of the importance of the tube 
wall material on deposit formation, tests were conducted 
using tubes in which the inside (copper) surface had been 
plated with nickel by means of an electroless process. All of 
the tests were run using RP-1 fuel at conditions which resulted 
in high rates of carbon deposition on copper. The tube wall 
temperature distributions obtained with the nickel-plated 
tubes were very similar to those obtained with the copper 
tubes; however, the temperature rises obtained with the 
nickel-plated tubes were significantly lower than those ob­
tained with copper, suggesting a substantial decrease in 
deposit formation. A scanning electron microprobe analysis 
of the inner surfaces of representative tube sections revealed 
little or no deposits (1600X magnification), and an elemental 
analysis indicated the presence of nickel and phosphorous (the 
major constituents in the electroless plating solution) but no 
copper, carbon, oxygen, or sulfur. Also, the results of deposit 
burnoff tests indicated that very little carbonaceous material 
was deposited on the nickel surface during testing. The 
average rates of carbon deposition were approximately 50 
fig/cm2-hr, an order-of-magnitude lower than corresponding 
rates on copper. Therefore, it can be concluded that a sub­
stantial decrease in deposit formation occurred when the 
copper tubes were replaced with nickel-plated tubes. 

Deposit Morphology 

In order to characterize the complex structure of the 
deposits observed, a scanning-electron microscope (SEM) was 
used to study the deposits. The SEM is particularly useful for 
examining solid specimens whose surface structures are 
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right side of the figure. It can be seen that the dendritic
formation is not as obvious at this lower wall temperature
condition (589 K) and that clusters of packed particles are
spread across the length of the tube. These clusters appear to
overlay a fused layer of deposits and consist of packed
spherical particles that are similar to those observed in the
kerosene fuel deposits.

The photomicrographs shown in Fig. 7 indicate that the
deposits accumulated on the tube surfaces are generally not
smooth, continuous films of uniform structure and com­
position. Instead, they indicate that discrete particles,
spherical or dendritic in shape, accumulate over a fused
substrate to produce a highly variable three-dimensional
structure. The deposit surface appears to be sufficiently rough
to significantly increase turbulence and thereby affect heat
transfer. However, there also appears to be areas on the tube
where the surface appears smoother after deposit formation.
From the SEM photomicrographs, it is obvious that surface
roughness and deposit homogeneity can be expected to change
along the length of a test tube and may significantly affect the
local heat transfer characteristics.

A limited qualitative elemental analysis of the deposits was
made utilizing a Scanning Electron Microprobe (SEMP). The
SEMP incorporates an X-ray energy-dispersive spectrometer,
to identify elements which are present in the deposit, and a
selective wavelength spectrometer, for X-ray mapping of
selected elements. The presence of the selected element is
indicated by clusters of white dots on a dark background that
matches the standard photomicrograph of the sample and
allows easy identification of the areas of local concentration
of the particular element. The results of the selected
wavelength analysis made with the SEMP are shown in Fig. 8.
In the figure, the upper series of photographs correspond to a
tube deposit obtained with lP-7 fuel. The first photograph
shows a SEM photomicrograph of the deposit sample. This
region was selectively scanned for the presence of copper,
carbon, oxygen, and sulfur, and, if present, these elements
would be indicated by an agglomeration of white dots against
the dark background. It can be seen that the copper surface of
the tube is clearly outlined but that no significant copper is
contained in the area occupied by the deposit. The deposit,
however, contains a heavy concentration of carbon and a
smaller concentration of sulfur. The SEMP analysis of RP-I
fuel deposits gave essentially the same result as the lP-7
analysis, except that a small concentration of oxygen was also
present.

The bottom set of photographs represent a SEMP analysis
of the microstructure of deposits obtained with propane at a

JP·7
V=30.5 mlsec
TWALL=700 K

C.P. PROPANE

V=18.3 mlsec
TWALL = 589 K

MAG =500C x

RP·l
v= 7.2 mJsec

TWALL=700 K

v=30.5 m/sec
TWALL=644 K

•
COMMERCIAL PROPANE

Fig.7 Microstructure of fuel deposits on copper

rough, because it has a considerably greater depth of focus
compared to a conventional reflected-light microscope. When
viewed with a SEM, amorphous materials (such as asphalt)
show no particular form, crystalline materials (such as
graphite) have sharp geometric outlines, and carbonized
materials (such as coke) tend to group together in tightly
packed aggregates of spherical particles.

SEM analyses were performed on four deposit samples, one
for each fuel, which were obtained from tests conducted with
copper tubes. The photomicrographs, shown in Fig. 7, were
taken at a magnification equal to 5000X and reveal the
deposit microstructures. The RP-I deposit (shown in the
upper left) comprises a large number of spherically shaped
agglomerated particles which are approximately 0.5 J.!m
diameter. It appears that the top film of deposit fractured,
exposing a highly fused substrate which has been overlayed
with the tightly packed spherical agglomerates.
Photomicrographs taken near the exit of the tube revealed a
type of microstructure that had a more vitreous and amor­
phous appearance. The SEM photographs of lP-7 fuel
deposits (shown in the upper right) again indicate a
microstructure of tightly packed spherical agglomerates
typical of coke deposits. Compared to the RP-I deposits, the
JP-7 deposits appear to be more uniform and there is not
much evidence of deposit fracturing. Photographs taken at
other tube locations indicated that there were areas where the
deposits appeared to be more flocculent and porous, and
areas where the particles appeared to have fused together,
forming a knobby surface. The microstructure of com­
mercial-grade propane deposits (shown in the lower left)
reveals typical dendritic formations which were dispersed
randomly along the entire length of the tube. The photograph
does not show the aggregates of spherical particles that were
observed with the kerosene type fuels and that are charac­
teristic of coke formation, but instead shows distinctly
smooth, finger-like structures. The microstructure of deposits
obtained with chemically pure propane is shown in the lower
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high tube wall temperature (-700 K) condition and show a 
typical dendritic formation. It can be seen that the dendrite 
contains a high concentration of copper, suggesting that tube 
material was forced up and away from the surface. Most of 
the carbon image results from the composition of the potting 
material, but some carbon is also evident at the base of the 
treelike deposit structure. A very small concentration of 
sulfur is also indicated in the deposit but no oxygen was 
observed. Analysis of a tube deposit obtained with chemically 
pure propane at a lower wall temperature ( — 589 K) revealed 
no obvious dendritic formations; however, the deposit 
material contained significant amounts of copper and sub­
stantially more carbon than was found in the dendritic 
structure. 

Concluding Remarks 

The thermal decomposition (coking) limits and rates of 
carbon deposition in heated copper tubes were investigated 
for two standard hydrocarbon fuels, RP-1 and commercial-
grade propane. In addition, tests were conducted using 
deoxygenated JP-7 and chemically pure propane as being 
representative of more refined cuts of the standard fuels. The 
apparatus developed for these tests permitted independent 
variation and control of tube wall temperature, fluid pressure, 
and fluid velocity in order that the effects of each parameter 
could be investigated independently. 

The results of the experiments with RP-1 fuel were as ex­
pected, in that there was previous evidence that copper 
promotes deposit formation in kerosene-type fuels. However, 
the relatively high deposition rates of between 400 and 600 
/ig/cm2-hr at wall temperatures of 500 and 800 K for only a 10 
min test duration were not anticipated. Peak deposit for­
mation occurred at tube wall temperatures near 700 K, which 
is consistent with results obtained with kerosene-type aviation 
fuels. The deposit coverage was generally nonuniform and 
ranged from specks, to connected islands of deposits, to 
essentially full coverage. No particular pattern could be 
established with test conditions, and the nonuniformity of 
deposit coverage made a determination of the point of in­
cipient deposit formation impossible. Plating the inside wall 
of the tubes with nickel was found to significantly reduce 
carbon deposition rates for RP-1 fuel. 

It was believed that JP-7, which has a lower sulfur content 
(typically an order of magnitude lower) and meets a stringent 
thermal stability specification, would be a good simulator of 
refined quality RP-1 and demonstrate improved thermal 
stability. However, no benefit in terms of increased stability 
was realized with JP-7. 

Deposits obtained with propane fuels were heavier, blacker 
and more uniform than those observed with the kerosene-type 
fuels and there appeared to be little difference between 
commercial-grade and chemically pure propane with regard to 
type and quantity of deposit. The carbon deposition rates for 

the propane fuels were generally higher than those obtained 
for either of the kerosene fuels at any given wall temperature. 
An interesting phenomenon observed in the deposits formed 
from propane was the appearance of dendritic or treelike 
formations which seemed to grow out from the copper surface 
as filaments. The filament composition was primarily copper, 
with some carbon concentrated at the base of the treelike 
structure. 

Post-test photomicrographic examination of the tube 
surfaces indicated that the deposits were generally not formed 
as smooth, continuous films of uniform structure and 
composition. Instead, discrete particles, spherical or dendritic 
in shape, accumulated over a fused substrate to produce a 
highly variable three-dimensional microstructure. The deposit 
surface appeared to be sufficiently rough to significantly 
increase turbulence and thereby affect heat transfer. 
However, there were instances where the surface became 
smoother during deposit formation. It was obvious from the 
photomicrographic analysis of the deposits that surface 
roughness and deposit homogeneity can be expected to change 
along the length of a test tube and may significantly affect the 
local heat transfer characteristics. Finally, deposition rate 
appeared to change with time and, therefore, test duration is 
an important factor to consider in deposit rate correlations. 
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Effects of Unsteady Free-Stream 
Velocity and Free-Stream 
Turbulence at a Stagnation Point 
An analysis is presented to investigate the combined effects of transient free-stream 
velocity and free-stream turbulence at a stagnation point on a cylinder situated in a 
crossflow. A model has been successfully formulated for the eddy diffusivity in­
duced by the free-stream turbulence. The governing momentum equation has been 
integrated by the steepest descent method. Numerical solutions are provided for the 
unsteady wall shear stress function for specific free-stream transients. The results 
are correlated by a new turbulence parameter. It has been found that the wall 
friction increases with increasing free-stream turbulence intensity. In the case of 
flows involving unsteady free-stream velocity, the friction factor increases with 
increasing values of the reduced frequency of oscillations. 

Introduction 

There exists a need for a systematic and detailed theoretical 
and experimental study of the effects of the upstream flow 
disturbances on the flow and heat-transfer characteristics of a 
gas turbine blade. The flow disturbances at the exit of the 
stationary vanes are pulsatile in character and so the velocity 
and temperature distribution as well as the local skin friction 
and heat-transfer coefficients become transient. 

It is known that free-stream turbulence augments the 
friction factor significantly in flows with large streamwise 
pressure gradients. Sutera et al. [1] and Sutera [2] simulated 
the free-stream turbulence by a distributed vorticity in the free 
stream and showed that the stretching of the vorticity com­
ponent parallel to the surface caused a substantial increase in 
the heat-transfer rate, while the increase in the wall shear was 
relatively small. This theory provides a qualitative ex­
planation of the phenomenon; but, because the free-stream 
vorticity was not related to the turbulence intensity, it does 
not enable an independent prediction of the wall shear stress 
augmentation. Smith and Kuethe [3] employed a more direct 
approach and postulated an expression for the eddy dif­
fusivity induced by the free-stream turbulence. Their model of 
the eddy diffusivity involves an unknown constant, which was 
determined from their experimental data. Galloway [4] at­
tempted to provide a rationale for Smith and Kueth's eddy 
diffusivity model. Recently, Traci and Wilcox [5] presented a 
two-equation model of turbulence along with the other 
conservation equations. In order to complete the analysis, use 
was made of empirical information from the experiments of 
Smith and Kuethe [3]. By means of a similarity type solution, 
they evaluated the friction factor at the stagnation point of a 
cylinder in a uniform crossflow. 

Early theoretical investigators [6, 7] predicted that free 
stream oscillations would have little or no effect on the mean 
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boundary layer heat-transfer or shear stress. These studies 
resulted in a good qualitative understanding of the flow 
mechanisms involved, but they do not provide a capability for 
quantitative predictions. 

Junkhan and Serovy [8] reported experimental data con­
cerning the effects of free-stream turbulence intensity on the 
flow and heat transfer from an isothermal flat plate with a 
favorable pressure gradient. Their data indicates that there is 
no effect of free-stream turbulence intensity on heat transfer 
through a laminar boundary layer with zero pressure gradient. 

There exist several practical applications in which wakes 
evolve in the presence of free-stream turbulence. One such 
situation exists in multistage turbomachinery, in which the 
wake of a blade following the first row of blades always 
evolves under the influence of the turbulence present in the 
wake of the previous row of blades. An extensive search of 
literature on general two and three-dimensional wakes is 
reported by Raj [9], Pal and Raj [10] have investigated the 
effect of free-stream turbulence on the characteristics of a 
turbulent wake developed from the trailing edge of a thin and 
smooth flat plate both analytically and experimentally. They 
found that the free-stream turbulence increases the wake 
recovery and growth rates. 

No analyses have been reported in the literature to study the 
combined effects of free-stream turbulence and transient free-
stream velocity on the unsteady flow behavior on a body. The 
proposed study has been undertaken in order to investigate 
the combined effects of free-stream turbulence and time 
dependent free-stream velocity on the unsteady flow 
characteristics of a stagnation point on a circular cylinder. 
The basic study is expected to enable understanding the 
complex flow phenomenon in the real turbomachinery en­
vironment to a first degree of approximation. No such 
analyses have been reported in the literature so far. 

Analysis 

Assuming an incompressible flow with constant properties 
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and negligible dissipation, the governing boundary layer 
equations may be written as: 
mass, 

du dv 

ox dy 

momentum, 

du du du 1 dP 
—— +U _ _ + l>—- = + 
dt dx dy p dx 

Ida 

pdy 

(1) 

(2) 

S=-
v 

The transformed boundary conditions are 

/ ' ( T , 0 ) = /(r,0) = 0 

/ '(r,oo) = 1 (7) 

In the above equations, primes indicate differentiation with 
respect to rj and the dot with respect to T. 

In the above equations, x and y represent the distances 
along the streamwise direction and normal direction, u and v 
the velocity components in x and ^-directions, / the time, and 
p the density of the fluid. The shear stress term in equation (2) 
may be written as 

o=p(v + em)-
du 

0) 

In equation (2) P is for pressure. 
In the present problem, the fluid transients are assumed to 

arise from a free stream velocity Ue which is initially steady 
but at some instant of time begins to undergo continuous 
change in magnitude with time. That is, the free-stream 
velocity is assumed to be of the form 

Ue(x,t) = Kx-G(t) 
where G(t) represents unsteadiness of the free stream. It must 
be noted that A' is a proportionality constant and is equal to 
2uca/R for a cylinder, where uoo is the reference velocity and 
R the radius. It is assumed that G(t) = 1 for / < 0 . The initial 
and boundary conditions for equations (1) and (2) are 

u(x,0,t) = v(x,0,t) = 0 

U(x,00,t) = U<x(X,t) (4) 

Proceeding with the analysis we define u = d\j//dy and v = 
-d\p/dx. It may be verified that the continuity equation is 
automatically satisfied. 

We introduce the following transformations: 

T = K't 

17 = y^JKG/v 

i> = xslKGvfiw) (5) 

Eddy Dif f usivity Formulation 

It must be noted that by substituting d /dr=0 amd (7=1 
into equation (6) and solving it, one obtains the steady-state 
velocity field. The momentum equation for the steady-state 
problem is given by 

[(1 +sV"] ' + / / " + [ l - < / ' ) 2 ] = 0 (8) 

It must be noted that / = / ( T / ) only in equation (8). The ap­
propriate boundary conditions are given by 

/ (0 )= / ' (0 ) = 0 and / ' (« . ) = 1 (9) 

The steady-state friction factor becomes 

717-^=13-838 4 {Vipuoo2) D .Re-M/*(0) (10) 

where 

Re = Reynolds number ( 
uaoD\ 

v ) 

Equation (8) is solved on a computer using the fourth-
order, Runge-Kutta numerical procedure. The double 
precision arithmetic was used in all the computations. The 
selection of the integration step size depends upon the desired 
level of accuracy. After some computational trials, a step size 
of ?/ = 0.001 was chosen. 

In the present paper, we restrict ourselves to the case of 
homogeneous and isotropic free-stream turbulence. This will 
be realized in the turbulence produced by grids at locations 
sufficiently downstream from the turbulence promoters. We 
have assumed the following expression for the eddy dif-
fusivity in the present work. 

= Sl(r, + V
2) (11) 

Substituting the expressions in (5) into the momentum 
equation we may write the transformed momentum equation 
as follows: 

*i+ ( / ' ) 2 - i ) (6) 

where 

where 

sl = constant proportional to the turbulence intensity 

and 

i) = dimensionless distance normal to the surface. 
A review of the literature suggests that there are several 

uncertainties in the published experimental data including 
tunnel blockage, variation of physical properties, effect of 
turbulence scale, and inaccuracies in the measurement of 
turbulent intensity. Restricting the discussion to the 

N o m e n c l a t u r e 

«Z(T) 

D 
G(i) 

K 
R 

Re 

transient wall shear function 
skin friction coefficient 
aw/(V2pu<x2) 
diameter of cylinder 
time variation of free-
stream velocity 
proportionality constant 
radius of cylinder 
Reynolds number (u<xD/v) 

t = time 
Tu = turbulence intensity 

(w'/uoo) 
u,v = velocity components 
u' = rms velocity fluctuation 
Ue = free-stream velocity 

x,y = coordinates 
p = density 

em = momentum eddy diffusivity 

T = 

a — 
fl = 

Subscripts 
Vf = 

00 = 

dimensionless time 
shear stress 
dimensionless frequency of 
free-stream oscillations 

wall conditions 
ambient conditions 
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stagnation point, it has been found convenient to use the 
single correlation parameter (Tu-ReL/l). This parameter has 
also been suggested by Smith and Kuethe [3] on the basis of a 
semi-empirical theory. 

Figure 1 shows the results for the steady-state friction 
coefficient as a function of the correlation parameter 
(Tu-Re^1)- The constant s, in the present eddy diffusivity 
model has been adjusted so as to have a best fit of the present 
numerical predictions with experimental data available in the 
literature. It has been found that the following expression for 
5] makes the predictions of the present analysis to be in good 
agreement with the published data over the entire range of 
(Tu'Re1-4) within 15 percent error: 

51=0.018(Tu.Re' / l) (12) 

The results from the present analysis are seen to agree with the 
experimental data of Smith and Kuethe [3] within 15 percent. 
In addition to the data of Smith and Kuethe, the predictive 
curves of Smith and Kuethe [3], Galloway [4] and Traci and 
Wilcox [5] are also shown in Fig. 1. 

Traci-Wilcox 

0 10 20 30 

Tu Rev! 

Fig. 1 Effect of turbulence intensity on friction factor 

Solution 

The governing momentum equation (6) for the unsteady 
problem will now be integrated by the steepest decent method. 
Toward this end, we let 

(13) 

Substituting the expression for f{T,rj) into equation (6) and 
collecting coefficients of like powers of r/, we find that 

«3 = - [s{a2 + \+ —2j 

2Ga3 a, 
«5 = -3sla4+a2+ -^- + — 

L 9-
~2 G2 

a6 = -4s , f l 5 + — —2a4+ — +2a,.a, 
«4 

G 
(14) 

etc. 
The unknown coefficient a2{r) is determined through the 

use of boundary and initial conditions. When once #2(7) is 
determined, the remaining features of the flow field such as 
the transient velocity profiles may be readily evaluated. The 
time-dependent wall shear stress and friction factor may be 
written as 

/ du \ 

KG 
= n-KxGJ a2(T) 

v V 

aw 
CS = 

(*f-) 
KG 

•a2{T) (15) 

We now define an integrating factor: e1(T^ 

where 

M.'(n7) ( • ' • ' -* ! J* <"> 
Momentum equation then becomes upon integration 

where 

»^W + Io,TTi"[|^-1>+JS-+^2-1]<ft' 
In order to arrive at the boundary condition at the outer edge 
of the boundary layer, momentum equation is integrated 
fromr; = 0 to 00. 
Thus 

(
00 /• 00 

f"di)=\ e-'^'a^dr, 

(17) 

We observe that the integrand of equation (17) for all 
values of time is proportional to the shear stress within the 
boundary layer. Under the boundary layer approximation it is 
a rapidly decreasing function of i). This implies that the main 
contribution to the integral in equation (17) comes from the 
region close to the wall. Thus the finite radius of convergence 
of the series for/(r,ij) is not important. 

To evaluate the integral in equation (17), the series for 
f{r,TJ) is to be inverted. We now define a new variable 7 such 
that 

G r 
7=1(7,7/)+ —2 Y 

G 

G 

2s, -s2 

Sit | Si '1V1 

(*LZ£lW=£Cn.,r3 (18) 

where 

Co = 

C, = 

c, = 

a2 2 2 

JT~JSi 

«3 _£lf[2_+.£l_ 
4! 8 4 

«4 SiOi 2 2 V 

6 L 4! 
- , l f l 4 + ^ + ( j i 4 3)(2 •25,3)(2i1 

Inversion of series for 7 in equation (18) is given by 

Am 

m + \ . y 
,(m+l)/3 

2G2)l 

(19) 

Upon applying Cauchy's residue theorem, we get 

Am 
2ITJJ 

-(m+l)/3 drj 
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where /' = V ^ l . T h e integrations are carried out three times in 
the y plane to dispose of the fractional powers of y once in the 
7] plane. We now have 

1 = \ f"dr,= [ e-*-iP(r),T)> - ^ - 'dy 
JO JO @y 

where 

n - 0 " • 

B0=a2 

1 + G \ / . G 

(20) 

5 l = -(-^)(1+S '-4^)^ l f l2 

/ G \ ( G a2\ 
52 = ( 1 + S ' - 4 G O ' ( G ^ + G ) 

+ te\(\+ &){l+si-
•) 4G2, 

+ 2 f l 2 ( ^ " i l + S ' 2 ) 

i ] = 2 ( i + , r 4 ) ( ^ . + A+42») 
3 V ' 4 G 2 / V 2G2 2G / 

-35'(1+il-4l)(|-fl2+|) 
- 6 ( l + | ) ( l + , 1 - 4 - | ) ( 4 - | - , 1 + , 1

2 ) 

:V 2 24 G2 1251 J 
+ 6a, (21) 

etc. 
From equation (20) we recall that 

MTI,T)- - ^ = 7 - 2 / 3 V) dm'ymn 

dy n=0 

where 

<*o=f .C„"» 

1 
rf1 = y . C 0 " . ( i . 1 - 4 l » o - c r - ) 

</,= 
1 

[ - f l 0 C 2 C 0 - 2 +fi0C,2C0 -
3 

rf, = — I — B0 C3 C0 + — B0 C, C2 C0 

10 

3 
^3 

i ^ - C ^ B o C o ^ - | B , C 2 C 0
 T 

14 
+ "7T B\ C\ ^o 

- j B3 
B2C\CQ + — G0 

etc. 
Equation (20) will now be integrated in terms of the 

complete gamma functions to yield 

^<-)-£*-r(fT1)-' <*> 

Upon applying Euler's summation procedure to the above 
series, we have 

5 1 
+ T2-d2(T)+—-V 

16 16 
(j)'di(T) (24) 

After substituting expressions for d0, dly d2 and d3 into the 
above equation, we obtain a first-order ordinary differential 
equation for a2(r). Equation (24) has been integrated 
numerically by means of a fourth-order, Runge-Kutta 
procedure. A discussion of the results will be presented in the 
next section. 

It should be noted that the transient velocity profiles may 
be determined when once a2(j) is determined. The velocity 
profiles are given by the equation 

(25) 

where Ty is the incomplete gamma function. The friction 
factor is given by equation (15). 

Discussion 

It must be noted that the analysis is performed for 
predicting the transient response behavior at the stagnation 
point due to the combined effects of an arbitrary time 
dependent free-stream velocity and free-stream turbulence. 
No assumption has been made for G(f) that represents the 
unsteadiness of the free stream. In fact, the present analysis is 
valid for any arbitrarily varying continuous G{r). There exist 
in the literature some experimental data and some predictive 
methods to analyze separately the wall shear factor at a 
stagnation point under steady-state conditions in the presence 
of free-stream turbulence and the friction factor due to 
transient free-stream velocity with no free-stream turbulence. 
Neither experimental nor analytical work has been reported to 
investigate the combined effects of unsteady free-stream 
velocity and free-stream turbulence at a stagnation point. 

Many modern turbine blade sections, even at the high 
Reynolds numbers at which they operate, manifest con­
siderable areas over which the boundary layer remains 
laminar. The superimposition of mainstream velocity fluc­
tuations associated with artificially induced mainstream 
turbulence is known to affect dramatically the fluid flow and 
performance characteristics. Clearly such effects can be 
important in turbine blade design for, as rotor speed changes, 
so will the frequency of the perturbations in flow velocity 
which the blades experience. 

In order to illustrate the application of the present analysis 
to investigate the title problem and also to assess its accuracy, 
we have chosen two different cases of time-dependent, free-
stream velocity. 

The first case corresponds to G(T) = (1 + T) with no free-
stream turbulence present. Physically, this implies that at time 
T = 0 the inviscid flow begins to change with constant positive 
temporal acceleration. Yang [11] investigated this problem by 
approximate integral methods. The results for a2(r) from the 
present analysis are compared with those of Yang [11] in Fig. 
2. The quasi-steady solution given by Yang incorrectly 
predicts a discontinuity in the wall shear at T = 0 . The results 
from the present analysis start at a2(0)-1.23259. After 
reaching a maximum value of a2 initially as r increases, a2 

decreases with increasing T towards the quasi-steady solution. 
The present analysis is seen to yield physically more realistic 
results than Yang's integral analysis for r < l , during which 
time the flow is experiencing its greatest unsteadiness. The 
agreement between the present results and those of Yang is 
within 2 percent f or T > 1.0. 
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G(T)= 1+T 
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Fig. 2 Shear stress function versus ^ for G(T) = 1 + T 
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Fig. 3 Shear phase advance versus dimensionless frequency for 
G(T) = 1+Asin(i)T) 

The second case corresponds to G{T) = 1 + A sin(Qr). This 
represents a stagnation point flow in which the free-stream 
oscillates with amplitude A and dimensionless frequency fl 
about a mean velocity. Lighthill [6] studied this problem using 
a perturbation method and integral approach. Lighthill's 
analysis was valid for fl—oo. Ishigaki [7] studies the same 
problem retaining second-order terms in the perturbation 
analysis. The results from the present analysis for the shear 
phase advance are compared with those of Ishigaki and 
Lighthill in Fig. 3. The agreement between the present results 
and those of Ishigaki was seen to be within 5 percent. 
Lighthill's asymptotic result as 0-~oo is also in Fig. 3. 

Figures 4 and 5 illustrate variation of the shear stress 
function a2(j) under the combined effect of transient free-
stream velocity and free-stream turbulence. For the sake of 
illustration, G(T)= 1 + A sin(Qr) only was chosen. It is seen 
that any existing transients die out within 1 oscillation of the 
free stream. After about 1 oscillation, the shear stress func­
tion a2{r) assumes a periodic shape. The amplitude of the 
oscillations is a strong function of the turbulence parameter 
(Tu'Re'/2). It must be noted that a2(j) increases substantially 
from the steady-state solution for wall shear stress. 
Physically, a2(r) corresponds to the wall shear stress at given 
instant of time as given by equation (15). It may be observed 
that even after all starting transients have died out the wall 
shear does not fluctuate with equal amplitude about the 
steady-state value. This nonsymmetric fluctuation of the wall 
shear is the result of acoustic streaming near the wall. 

It must be noted that the dimensionless frequency 
parameter fl may be written as (irfR/u&>) where / is the 
frequency of disturbance, R the cylinder radius and «co the 
free stream velocity. The grouping (fR/uco) is the Strouhal 
number. Ishigaki [12] dervied from his theoretical analysis 
that the parameter Q1/2Tu,/4 is a controlling parameter to 

Tu x Re J = 1 2 

Tu x Ro i = 3.5 

Fig. 4 Shear stress function versus r for G(T) = 1 + A sin(ilT) 

Fig. 5 Shear stress function versus T for G(T) = 1 + /lsin(ilT) 

describe heat transfer in turbulent oscillating flows. Bayley 
and Priddy [13] reported heat-transfer measurements around 
a gas turbine blade by controlling the frequency and am­
plitude of turbulence. The Nusselt number data was 
correlated by then in terms of a parameter (fC/uoo)Vl. 
Tu2«Re where C was the chord length of the blade. For the 
title problem including both unsteady free-stream velocity and 
free-stream turbulence, a2(j) could not correlate well with the 
parameter (Tu«Re1/!). It may be recalled that the steady-state 
friction factor data has been successfully correlated by the 
parameter (Tu«Re'/j) as shown in Fig. 1. Utilizing the analogy 
between heat and momentum transfer mechanisms, it was 
hypothesized that (Q'/2Tu2Re) may be a suitable correlation 
parameter. Figure 6 illustrates variation of the maximum 
value of a2{r) and d2(r)0 may be successfully correlated in 
terms of (fi'/2Tu2Re) within an error of 5 percent. The 
recommended correlations are as follows: 

«2(T) = 0.005(fl'/lTu2Re)+ 1.28 

Max.a2(7-) = 0.005(fl1/!Tu2Re)+1.34 
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Concluding Remarks 
The method of approach used in this paper to the analysis 

of the combined effects of free-stream transient velocity and 
free-stream turbulence at a stagnation point reduces the 
governing equations to a single first-order ordinary dif­
ferential equation. The method is capable of yielding results 
for any arbitrary time-dependent nature of the free stream 
velocity. The solutions are not restricted by small per­
turbation assumptions. A successful formulation has been 
performed to obtain an expression for the eddy diffusivity 
induced by the free-stream turbulence intensity. The solution 
of the governing unsteady momentum equation with the 
proposed eddy diffusivity model yielded predictions for the 
skin friction coefficient in the presence of the combined action 
of free-stream turbulence and transient free-stream velocity. 
A new correlation parameter is suggested to correlate the 
friction factor results for the title problem. It has been found 
that the wall friction increases with increasing free-stream 
turbulence intensity. In the case of flows involving unsteady 
free-stream velocity, the friction factor increases with in­
creasing values of the reduced frequency of oscillations. 
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Gas Turbine Airflow Control for 
Optimum Heat Recovery 
Gas turbines furnished with heat recovery equipment generally have maximum cycle 
efficiency when the gas turbine is operated at its ambient capability. At reduced gas 
turbine output the cycle performance can fall off rapidly as gas turbine exhaust 
temperature drops, which reduces the heat recovery equipment performance. This 
paper reviews the economic gains which can be realized through use of several 
control modes which are currently available to optimize the cycle efficiency at part 
load operation. These include variable inlet guide vane (VIGV) control for single-
shaft units, and combined VIGV and variable high-pressure set (compressor) speed 
control for two-shaft units. In addition to the normal control optimization mode to 
maintain the maximum exhaust temperature, a new control mode is discussed which 
allows airflow to be modulated in response to a process signal while at constant part 
load. This control feature is desirable for gas turbines which supply preheated 
combustion air to fired process heaters. 

Introduction1 

Integration of gas turbines into industrial plant energy 
supply systems is not a new concept. It is a practice which has 
been used by many industrial operators within the past 
quarter century as an economic method of meeting their 
energy requirements. 

The use of gas turbines in the process industries has in­
creased primarily because, in addition to shaft power, the 
process plant designer has found economic uses for energy in 
the gas turbine exhaust gases. For exhaust heat recovery 
applications, the ability to control gas turbine airflow may 
offer significant advantages at gas turbine part load con­
ditions. 

Maximum Airflow Control 

Providing no design or application limitation exists, 
maximum gas turbine airflow and power generation 
capability vary directly with ambient air temperature as 
shown in Fig. 1. Maximum airflow control is normally used 
for simple cycle gas turbines or gas turbines operated at their 
ambient capability. A typical gas turbine fuel control system 
for a gas turbine operating on maximum airflow control is 
shown in Fig. 2. The control system performs startup 
(shutdown), speed control and temperature override func­
tions. The speed control employs magnetic pickups on the 

Conversion factors for tables and figures 
kW = hp x .7457 

kg/hr = lbs/hr x .4536 
•C = C F - 3 2 ) X 5/9 

kj/hr = Btu/hr X 1.055 
kPa = in. H 2 0 X .2488 
kPa = (psig + 14.7) x 6.895 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 7, 1982. Paper No. 82-GT-83. 
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Fig. 1 Typical gas turbine maximum airflow and output capability 
versus ambient temperature 
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Fig. 2 Fuel control system for single shaft gas turbine, maximum 
airflow control 
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Fig. 3 Gas turbine exhaust characteristics MS6001(B), 37,500-kW ISO, 
single shaft gas turbine. Basis: (/) natural gas fuel; (//) 4 in. H 2 0 inlet A 
P; (/») 10 in. H 2 0 exhaust A P; (iv) sea level. 
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Fig. 4 Gas turbine position control system used for fuel control and 
VIGV control and turbine nozzle control 

machine to produce an a-c voltage signal with frequency 
proportional to shaft speed. The temperature control loop 
limits the startup and operating temperature to safe values by 
sensing exhaust temperature. Variable angle inlet guide vanes 
are furnished on those machines that require them to ensure 
that the gas turbine compressor does not enter the surge or 
pulsation region during gas turbine starting conditions. This 
region of unstable flow typically commences about 55 percent 
corrected compressor speed and extends up to about 80 
percent corrected compressor speed. Intermediate stage bleeds 
to atmosphere are also used to assist in increasing flow 
through the early stages of the compressor that are most 
susceptible to surge and rotating stall. 

Inlet guide vanes are normally held in the partially closed 
position until normal operating speeds of about 92 to 95 
percent are attained. On shutdown, the inlet guide vanes are 
closed prior to the gas turbine dropping through the 88 to 90 
percent speed range, and are kept closed until the previously 
mentioned conditions are again reached on the subsequent 
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FUEL 
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Fig. 5 Fuel and air flow control system for single shaft gas turbine, 
maximum exhaust temperature control 

COMPRESSOR 

VIGV's 

Fig. 6 MS5002(B) cross section 

startup. This relatively simple two-position mode of operation 
is achieved using a four-way solenoid actuated, double acting 
hydraulic cylinder, with one or two limit switches as checks, 
to insure that the appropriate position has been achieved. 

Maximum Exhaust Temperature Control 

For exhaust heat recovery applications where the gas 
turbine will be operated at less than its ambient capability, 
there is an economic advantage in maintaining part load 
exhaust temperatures at the highest possible levels. This is 
accomplished by varying airflow, within a given operating 
range, as the required load varies. 

Single-Shaft Gas Turbine. For single-shaft gas turbines, 
airflow control is accomplished by modulating the variable 
inlet guide vanes (VIGV). The exhaust characteristics for a 
single-shaft gas turbine based on maximum airflow control or 
VIGV control are shown in Fig. 3. These data are based on a 
37,500-kW, ISO rated gas turbine, General Electric Company 
model MS6001(B). At a given ambient temperature, the gas 
turbine output can be reduced to about 80 percent of its 
ambient capability by reducing airflow (i.e., maintaining the 
design gas turbine firing temperature). Further reductions in 
output would require a reduction in gas turbine firing tem­
perature. The higher exhaust temperatures available with 
VIGV control are readily apparent from Fig. 3. For example, 
Fig. 3 shows the MS6001(B) gas turbine, at an output of 
25,000 kW on a 90°F (32.2°C) ambient day, would have an 
exhaust temperature of about 1065°F (574°C) with VIGV 
control compared to 900°F (482°C) if the turbine is operated 
with maximum airflow. 
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Fig. 8 Part load performance MS5002(B) two-shaft gas turbine 

To allow inlet guide vane modulation to occur, the four-
way solenoid value mentioned earlier is replaced by a ser-
vovalve, and position feedback is added to the hydraulic 
actuator. This position feedback is most usually in the form 
of linear variable differential transformers (LVDT's), in a 
dual configuration for added reliability. The dual coil ser-
vovalve and dual LVDT feedback provide the added feature 
of being able to maintain control in spite of a single failure, 
and even alarm on a difference of signals to provide self-

TURBINE 
SPEED 

Fig. 9 Fuel and airflow control system for two-shaft gas turbine, 
maximum exhaust temperature control 

monitoring of potential problems. This arrangement is shown 
in Fig. 4. 

The command signal for the inlet guide vane position 
control loop is derived from the same exhaust temperature 
control signal that is used to limit fuel flow to the gas turbine 
to prevent excessive firing temperatures. In the case of inlet 
guide vane control, the circuits are designed to close the inlet 
guide vanes until the rated exhaust temperature, less an ap­
propriate offset, is reached. Independent electronic stroke 
limits on the position command signal prevent this system 
from calling for inlet guide vane positions beyond the normal 
operating range. This arrangement is shown schematically in 
Fig. 5. 

Two-Shaft Gas Turbine. Two-shaft gas turbines make use 
of a first stage, or high-pressure turbine to drive the gas 
turbine's axial flow compressor, and an independent power 
turbine or second stage turbine that drives the load equipment 
connected to the output shaft. In this type of arrangement, it 
is common for the axial flow compressor to vary in speed as 
output power varies. Many industrial General Electric two-
shaft gas turbines also incorporate variable area second stage 
turbine nozzles in the hot gas path ahead of the second stage 
load turbine wheel. By varying the area of the second stage 
nozzle, the pressure ratio across the high-pressure and low-
pressure turbines, and therefore the division of available 
energy between the two turbine stages, can be varied in­
dependently. This provides a means of controlling compressor 
speed independently of output shaft speed over a limited 
range of operation. The variable inlet guide vanes and 
variable area second stage nozzles are shown for a model 
MS5002(B) gas turbine in Fig. 6. 

By using a combination of reduced high-pressure set 
(compressor) speed and variable inlet guide vane control, gas 
turbine airflow can be controlled over a wider range of tur­
bine output than with a single-shaft gas turbine with VIGV 
control only. This can be seen by comparing Fig. 7, the 
exhaust characteristics for the two-shaft, 35,000 hp, ISO, 
General Electric Company model MS5002(B) gas turbine with 
the single-shaft unit characteristics shown in Fig. 3. Variable 
airflow control for the two-shaft unit is available from about 
75 percent site capability, or 25,500 hp at 59°F (19.0 MW at 
15.0°C), to 100 percent site capability or 33,800 hp at 59°F 
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.,„ ,, .. . „„«,„ . „c„ . , . . j . Fig. 11 Unfired HRSG performance 850 psig/825 F steam MS6001(B), 
Fig. 10 Unfired HRSG performance 250 psig/saturated steam 37,500-kW ISO single-shaft qas turbine 
MS6001(B), 37,500-kW ISO single-shaft gas turbine a a • 

(25.2 MW at 15°C). As with the single-shaft gas turbine, 
variable airflow (maximum exhaust temperature) control 
results in significantly higher exhaust temperatures than with 
maximum airflow operation as shown on the upper part of 
Fig. 7. 

Figure 8 shows the relationship of turbine firing tem­
perature, compressor speed, VIGV angle, and second stage 
turbine nozzle angle to turbine output with variable airflow 
(maximum exhaust temperature) control on the two-shaft 
MS5002(B) gas turbine. The basis shown in Fig. 8 is 59°F 
(15 °C) ambient temperature. In general, the effect of ambient 
temperature on the part load characteristics shown in Fig. 8 is 
to expand or contract the abscissa, relative to the curves, by 
0.4 percent/°F (.72 percent/°C) of ambient temperature 
change. This scaling of the abscissa is indicated for two ad­
ditional temperatures, 30°F ( - T C ) and 90°F (32.2°C) on 
Fig. 8. 

The second stage nozzle position control is functionally 
equivalent to that for the variable inlet guide vanes (see Fig. 
4), except that hydraulic cylinders and servovalves are larger 
to better match the higher aerodynamic force levels en­
countered. 

Control of the variable area second stage nozzles for two-
shaft gas turbines is accomplished through use of a com­
pressor speed governing loop, in which nozzle position is used 
to maintain the compressor speed at a predetermined setpoint. 
This setpoint is generated as a function of the exhaust tem­
perature control signal in much the same way as is the 
command signal for variable inlet guide vane position. The 
compressor speed setpoint uses a different offset than that of 
the variable inlet guide vane control so as to insure that the 
compressor speed is held at its minimum value until after the 
inlet guide vanes are fully open. 

Upper and lower speed limits are imposed on the output of 
the speed setpoint generator to insure that the control does not 
call for compressor speeds that are outside the normal 
operating range. Since the gas turbine, at part load con-

NUM8ERSAP.E FLOWS IN I000LBS/HR 

UNLESS NOTED OTHERWISE. 

OESUPERHEATING 

/ 
Fig. 12 Estimated schematic MS6001(B) gas turbine combined cycle. 
Basis: (/) 90°F ambient, sea level; (//') natural gas fuel; (///) 4 in. H 2 0 inlet 
A P; (iV) 10 in. H 2 0 exhaust A P; (v) power generated 42.6 MW; (W) fuel 
532.3 MBtu/hrHHV. 

ditions, is operating at the designed maximum steady state 
exhaust temperature while on active nozzle control, it is 
necessary to transiently offset the fuel control exhaust 
temperature limit to allow the extra power required to ac­
celerate the compressor to a higher speed, upon an increase in 
power output demand. This is accomplished by biasing the 
exhaust temperature setpoint for fuel control upwards by 4°F 
(2.2°C) for each percent that the compressor speed is below its 
design speed. The net result is a maximum transient increase 
in exhaust temperature of 30°F (16.7°C), and in firing 
temperature of 50°F (27.8°C) above the normal steady-state 
values when the compressor is at its 92.5 percent minimum 
running speed as shown in Fig. 8. It is not necessary to 
provide a similar bias to the inlet guide vane system, since 
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Table 1 Gas turbine, heat recovery steam generator 
example, assumed energy system requirements 

Process heat required 
@ 250psig, 406°F 
@ 50psig,298°F 

Power required 
Minimum 
Maximum 

Fuel 

125,000 lbs/hr, 132MBtu/hr 
125,000 lbs/hr, 129MBtu/hr 

30,000 kW 
46,000 kW 
natural gas 

NUMBERS ON CURVES ARE 
AMBIENT TEMPERATURE 

60 70 80 90 100 

GAS TURBINE SITE CAPABILITY (%) 

Fig. 13 Savings in system fuel with gas turbine VIGV control, 
MS6001(B) single-shaft gas turbine. Basis: see Fig. 3 and Table 1. 
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90F 

NUMBERS ON CURVES ARE 
FUEL COST IN $ /M BTU 

\ \ 

20 25 30 

GAS TURBINE OUTPUT (MW) 

35 

Fig. 14 Annual savings in energy costs with gas turbine VIGV control 
MS6001(B) single-shaft gas turbine. Basis: (/) 8400 hr/yr operation; (//') 
incremental power credited at 4c/kWh (see Fig. 3 and Table 1). 

opening the inlet guide vanes increases airflow through the 
machine and transiently lowers exhaust temperature, thus 
allowing an increase in fuel flow. A functional schematic of 
the complete two-shaft control system is shown in Fig. 9. 

Economics of Maximum Exhaust Temperature Con­
trol. The economics of gas turbines in process applications 
usually depend on effective use of the exhaust energy. The 
most common use of this energy is for steam generation in 
heat recovery steam generators (HRSG), unfired as well as 
fired designs. However, the gas turbine exhaust gases can also 
be used as a source of energy for unfired and fired process 
fluid heaters as well as for combustion air for power boilers. 

Unfired HRSG. Figure 10 shows the performance of an 
unfired HRSG generating 250 psig (1825 kPa) saturated steam 
using the exhaust of the MS6001(B) gas turbine. Steam 
production rates available with and without VIGV control at 
ambient temperatures of 59°F (15°C) and 90°F (32.2°C) are 
shown. If we assume that the turbine will be operated at 25 
MW on a 90°F (32.2°C) ambient day, VIGV control will 
result in 19,000 lbs/hr (8618 kg/hr) additional steam 
production compared to operating without VIGV. If the 
additional steam production is displacing a similar amount of 
steam being produced in an 84 percent efficient fuel fired 
boiler using natural gas at 5 dollars/M Btu, VIGV control will 
reduce boiler fuel costs 114 dollars/hour. Using the same gas 
turbine output at 59 °F (15°C) ambient temperature, fuel 
savings would be 126 dollars/hour. Figure 11 shows unfired 
HRSG steam production at 850 psig/825°F (5962 
kPa/441 °C) using the same MS6001(B) gas turbine-generator. 
Notice how the use of VIGV gas turbine control results, in 
addition to higher steam production rates, in significantly 
higher superheated steam temperature at reduced gas turbine 
loads than does the conventional maximum airflow 
operation. 

Combined Cycle Example. To demonstrate the potential 
economic benefits of variable inlet guide vane control in a 
combined gas and steam turbine cycle, plant energy 
requirements as shown in Table 1 were assumed. A simplified 

308.9M BTU/HR 

MS5002(B) 

905.2 
936 F 

CJ 
~7~ 

127 M BTU/HR 

T 50 PSIG 

/DESUPERHEATING 

NUMBERS ARE FLOWS IN 1000 LBS/HR UNLESS NOTED OTHERWISE. 

Fig. 15 Estimated schematic MS5002(B) gas turbine HRSG cycle. 
Basis: (/) 90°F ambient, sea level; (//') natural gas fuel; (///) 4 in. H 2 0 inlet 
A P; (iv) 10 in. H 2 0 exhaust A P; (v) power generated 29,750 hp; (W) fuel 
435.9 M Btu/hr HHV. 

schematic of the combined cycle system at the design con­
dition of 90°F (32.2°C) ambient temperature is shown in Fig. 
12. For this energy supply system, the supplementary fired, 
convective type HRSG has a firing temperature of about 
1400°F (760 °C) at the design condition which is shown on 
Fig. 12. 

The fuel savings in the gas turbine and HRSG if this 
combined cycle system is operated with maximum gas turbine 
exhaust temperature (reduced airflow) control, compared to 
maximum airflow control, is indicated on Fig. 13. Figure 13 
shows that at gas turbine outputs of 80 percent of site 
capability, or less, system fuel savings of 3 to 4 percent are 
available with maximum exhaust temperature control when 
compared to maximum airflow control. At part loads greater 
than 80 percent, fuel savings range from 3 to 4 percent down 
to zero at site capability. The annual (8400 hr) savings in 
energy costs for this combined cycle system with the gas 
turbine operating on maximum exhaust temperature control is 
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Table 2 Annual fuel savings with maximum exhaust temperature control, 
gas turbine-HRSG example 

G.T. horsepower 
Ambient temp -
°F 
Annual savings 
($1000) 

Fuel cost 
$3/M Btu 
$5 
$7 

20,000 

59 90 

480 380 
800 630 

1120 890 

24,000 

59 90 

460 280 
770 470 

1070 650 

28,000 

59 90 

310 90 
520 150 
720 210 

32,000 

59 90 

100 -
170 -
230 -

Basis: (/) Model MS5002(B) gas turbine, 
35,000 hp ISO 

(«) Sea level 
(Hi) Natural gas fuel 
(iv) 4 in. H 2 0 inlet AP 
(v) 10 in. H 2 0 exhaust AP 

(w) 8400 hr/yr operation 
(vii) See Fig. 15 for schematic 

PLANT SUPPLYING 
HEAT ONLY 

XJ 
FUEL (I) 

AUX POWER (I) 

PLANT SUPPLYING 
POWER AND HEAT 

FUEL (2) 

-KW(2) 

STEAM 

ro 
HRSG 

AUX POWER (2] 

FCP = 
FUEL (2)-FUEL (I) 

KW (2)-AUX POWER (2) + AUX POWER (I) 

Fig. 16 Fuel chargeable to power 

MAX. AIRFLOW CONTROL 

WAX. EXHAUST 
TEMPERATURE CONTROL 

GAS TURBINE OUTPUT (1000 HP) 

Fig. 17 
(See Fig. IS for schematic) 

Fuel chargeable to power MS5002(B) two-shaft gas turbine 

shown on Fig. 14. If the average annual gas turbine output 
required is 27,000 kW, Fig. 14 shows that annual energy cost 
savings with VIGV control is about 540,000 dollars if the 
average ambient temperature is 90°F (32.2°C) and natural gas 
fuel is valued at 5 dollars/M Btu. If the average ambient 
temperature is 59°F (15°C) at the same conditions, the annual 
savings would increase to 890,000 dollars. 

Gas Turbine-HRSG Cycle Example. Using the same 
process heat requirements listed in Table 1, Fig. 15 shows a 
model MS5002(B) two-shaft gas turbine exhausting into a 
fired HRSG generating saturated steam at 250 psig (1825 kPa) 
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OUTPUT POWER-PER CENT 

Basis: 59°F ambient 
(See Kg. S) 

Fig. 18 Part load performance MS5002(B) two-shaft gas turbine 

to supply process requirements at 250 psig (1825 kPa) and 50 
psig (446 kPa). Gas turbine capability at 90°F (32.2°C) 
ambient temperature and sea level is 29,750 hp (22,180 kW). 

The relative efficiency of cycles which supply both process 
heat and power can be measured using a yardstick called Fuel 
Chargeable to Power (FCP). This parameter, illustrated in 
Fig. 16, is the extra increment of fuel required for the plant 
supplying process heat and power versus the fuel required for 
process heat only. These performance data should include all 
energy related factors, such as boiler efficiency, boiler 
blowdown, and auxiliary power requirements. 

The FCP in Btu/hph, for the MS5002(B) gas turbine HRSG 
example is plotted in Fig. 17 for both maximum exhaust 
temperature control (solid lines) and maximum airflow 
control (dashed lines). The favorable FCP with maximum 
exhaust temperature control is apparent. At a gas turbine 
output of 25,000 hp (18,640 kW) and 59°F (15°C) ambient, 
the FCP is about 5000 Btu/hph (7074 kj/kWh) if the gas 
turbine is on maximum airflow control or 4270 Btu/hph (6041 
kj/kWh) for the reduced airflow controlled gas turbine-
HRSG system. The 730 Btu/hph (1033 kj/kWh) improvement 
represents a savings of about 14.5 percent in the FCP. 
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Table 3 Use of gas turbine exhaust as preheated combustion air, assump­
tions and economic results 
Gas turbine 
Avg. output (hp) 
Exhaust 

Flow (1000 lbs/hr) 
Temperature (°F) 

Fuel (M Btu/hr HHV) 
Gas turbine 
Incremental furnace 

Total incremental fuel 
Annual savings in energy costs 
with gas turbines ($ Million/year) 

Purchased power 

4<P/kWh 
4<t 
41 
5<t 
5<t 
5<r 

Fuel 

$4/M Btu 
$5 

$5 
$6 
$7 

MS5002(B) 
27,000 

768.5 
973 

284.6 
-164.9 

119.7 

$3.5 
2.5 
1.5 
4.4 
3.4 
2.4 

Basis: (/) 59°F ambient temperature, sea level 
(iV) Natural gas fuel 

(//'/') 4 in. H zO inlet AP 
( i v ) lOin. H2Oexhaust AP 
(v) 8400 hrs/year operation 
(vi) 90% electrical system transmission 

and distribution efficiency 

LIMITS 

> X 
T 

STROKE 
LIMITS 

- 1 
T 

NOZZLE 
CONTROL 

V/GV 
CONTROL 

TURBINE 
SPEED 

SPEED 
- H -

ACCEL. 
W — 

STROKE 
LIMITS 

FUEL 
CONTROL 

Fig. 19 Fuel and airflow control sytem for two-shaft gas turbine, 
variable exhaust condition control 

Annual savings in fuel cost for the reduced airflow control 
versus maximum airflow controlled cycle is shown in Table 2. 
At an average annual gas turbine output of 28,000 hp (20,880 
kW) at 59°F (15°C) ambient, savings in fuel costs if natural 
gas costs 5 dollars/M Btu, is about 520,000 dollars. 

Variable Exhaust Condition Control 

In the airflow control system examples discussed so far, 
comparisons have been made with the gas turbine operated 
either on maximum airflow control or maximum exhaust 
temperature control and exhausting into a HRSG supplying 
steam for process use. The primary control input for these 
systems is a power command which is entered via a setting on 
the digital setpoint as shown on Figs. 2, 5, and 9. There are, 
however, some processes that have a requirement for heated 

air, and therefore can make direct use of the gas turbine 
exhaust. These include, but are not limited to, drying 
processes, unfired process fluid heaters and fired heaters such 
as reformers. In this type of situation, the digital setpoint 
could be responsive to the air requirements of the process 
rather than a power output demand. If the power excess or 
deficiency cannot be absorbed by additional connected 
sources of electrical power, then a scheme of combined power 
output control and exhaust condition control may be 
required. 

This is exactly the situation that arises in most two-shaft 
applications, since the two-shaft gas turbines are almost 
always applied to mechanical drive equipment where process 
drive requirements change independently of the process 
thermal loads. The balance of this discussion will concentrate 
on the two-shaft gas turbine; however, it should be remem­
bered that the same concept of combined control can be 
accomplished with the single-shaft gas turbine, with the 
proviso that the range of airflow control is somewhat less, 
since the gas turbine compressor speed is constant. 

As a matter of simplicity, simple cycle gas turbines operate 
at essentially constant airflow over the load range. As 
mentioned previously, for single-shaft gas turbines, inlet 
guide vanes are opened to the full position prior to reaching 
operating speed. In the case of the two-shaft gas turbine, inlet 
guide vanes are opened, and the compressor speed is brought 
to 100 percent as soon as load demand is sufficient to support 
full compressor airflow with an acceptable combustor 
temperature rise. If the part load characteristics of this simple 
cycle (maximum airflow) control scheme are overlaid on those 
of the maximum exhaust temperature control scheme shown 
in Fig. 8, the two sets of operating lines form the boundaries 
of a set of operating regions, which are shown in Fig. 18. 
Since the same gas turbine design can be operated on either of 
the two sets of lines shown in this figure, it can also be 
operated at any single point within the regions defined be­
tween the two sets of lines. 

In terms of the control implementation of this scheme, this 
is accomplished by providing a second offset to the tem­
perature control setpoints for both nozzle control and 
variable inlet guide vane control. By providing this second 
offset from a digitally driven setpoint control, similar to that 
for the fuel control speed governor, all of the advantages such 
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as local/remote and auto control are also obtained. This 
system is shown schematically in Fig. 19. In essence, this 
system provides independent control of power output and 
exhaust temperature or exhaust flow within the limits shown 
in Fig. 18. It should be remembered that the range of variable 
exhaust conditions for the two-shaft turbine decreases from a 
maximum at approximately 75 percent of rated output power, 
to essentially zero at 100 percent of output power. 

Gas Turbine Exhaust as Preheated Combustion Air 
Example. The use of gas turbine exhaust as preheated 
combustion air may result in favorable economics compared 
to conventional ambient air-fired furnaces and purchased 
power. Table 3 lists the annual savings in energy costs which 
can result from using the MS5002(B) gas turbine exhaust as 
preheated combustion air for a fired heater. For the specific 
operating point listed, annual (8400 hr) savings in fuel and 
purchased power costs range from 1.5 million dollars with 
4H7kWh purchased power and 6 dollars/M Btu fuel, to 3.5 
million dollars with 4<t power and 4 dollars/M Btu fuel. 

Other Considerations 

There are some situations in which the use of reduced 
airflow control systems may be overridden by other con­
siderations. The most notable of these is the existence of a 
system requirement for rapid load pickup capability in 
isolated generator drive applications. The load pickup 
capability of a gas turbine is greatest when operating in the 
maximum airflow mode of operation since this results in the 
lowest part load exhaust temperature and therefore the 

greatest allowable fuel increase, before being limited by 
temperature control. Therefore, if rapid increases in power 
output are a requirement of a specific application, this fact 
must be taken into consideration in choosing the method of 
exhaust condition control. 

Also, in HRSG applications the maximum allowable level 
of HRSG firing temperature for a particular design may limit 
the reduction of gas turbine airflow for a given steam 
production requirement. If, for example, an application 
required a HRSG firing temperature of, say, 1500°F (816°C) 
with the part-loaded gas turbine operating on maximum 
exhaust flow, use of maximum exhaust temperature (reduced 
airflow) control would result in a higher HRSG firing tem­
perature and may dictate a change in HRSG design from a 
convective type heat exchanger to a primarily radiant heat 
exchanger. The annualized added cost of the HRSG in this 
particular case might offset the fuel advantage of the reduced 
airflow control. 

Summary 

This paper has discussed the performance, economics, and 
control flexibility of single-shaft and two-shaft gas turbines in 
industrial heat recovery applications. Three modes of part 
load operation have been discussed, including maximum 
exhaust temperature control, maximum airflow control, and a 
new combined mode of control. This latter mode of operation 
is unique in that simultaneous dual control of both power 
output and exhaust flow or exhaust temperature is achievable 
under part load conditions. This again points up the flexibility 
and adaptability of gas turbines in meeting unique industrial 
process requirements. 
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Liquid Particle Dynamics and Rate 
of Evaporation in the Rotating 
Field of Centrifugal Compressors 
A model is presented which consists of injecting a liquid coolant into the gas or 
superheated vapor of centrifugal compressors via slots in the rotating blades. The 
aim of the injection is minimization of required compression work. The three-
dimensional analysis determines the relative velocities and trajectories of the liquid 
particles, and their rate of vaporization as a function of the prevailing flow field 
and inlet conditions. Inertia, viscous drag, centrifugal and Coriolis forces are all, 
included. The analysis rests on the assumption of low volumetric liquid/gas ratios 
so that the aerodynamics of the flow is not appreciably disturbed. The computer-
obtained results show that for optimum conditions, and to avoid collision with the 
blades, it is desirable that injection occur at the suction side of the blades and close 
to the hub, that low rather than high initial particle velocities are preferred, and that 
small droplet sizes are required both to avoid blade erosion and to assure the highest 
rate of vaporization. 

Background 
Improvement in the performance of compression cycles is 

usually achieved by discrete interstage cooling which is a 
stepwise approximation to an isothermal process. Of course, 
the larger the number of cooling stages, the closer the ap­
proximation to isothermal compression. In actuality, 
however, it is impractical and even unprofitable to have a 
large number of stages. A more direct method of achieving 
isothermal conditions would be a quasi-continuous cooling by 
the injection of a coolant from the rotating blades along the 
path of compression. By full or partial vaporization, the 
injected liquid would cool the gas, or superheated vapor, and 
keep it below adiabatic compression temperatures. 

The particular attraction of such an injection system in 
centrifugal compressors is that no special equipment is needed 
for the delivery and compression of the coolant. As shown in 
Fig. 1, the liquid admitted at atmospheric conditions to the 
rotating shaft is pumped by centrifugal force outward along 
channels cut in the blades or the other adjacent surfaces. Due 
to high speeds of rotation, the liquid can be raised to con­
siderable pressures so that the dimensions of the channels and 
discharge orifices can be kept extremely small. 

The process of liquid injection into the compression path 
involves at least four areas of investigation, as follows: 

(a) Liquid Injection. This relates to the centrifugally 
generated pressures and flow of the liquid in terms of the 
radial spokes of the rotating system and the orifice restriction 
at the discharge end. A good treatment of this subject is given 
in [1]. However, this region is of little interest for our pur-
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poses. Given a predetermined rate of injection, together with 
slot dimensions, this flow will determine the required pump­
ing pressure, p0, at the inlet to the compression path. 

(b) Particle Dynamics. This relates to the relative velocities 
and trajectories of the liquid particles in the rotating field. 
The flow map of these particles is a function of many 
variables: the initial conditions, that is, point of injection, 
particle size, velocity, etc.; the flow field of the gas into which 
the droplets are injected; the geometry of the blades; and on 
the angular velocity of the rotor which imparts (via the 
rotating fluid) centrifugal and Coriolis forces on the particles. 

(c) Rate of Vaporization. Since the aim is to reduce the 
temperature by particle evaporation, the expected rate of 
vaporization must be determined as a function of particle 
dynamics and the state of the gas. In turn, particle 
vaporization, which brings about a variation in particle size, 
has a direct bearing on particle dynamics. 

(d) Two-Phase Flow. As mentioned in parts {b) and (c), the 
underlying flow map has an important bearing on particle 
trajectory and rate of vaporization. While this flow map, i.e., 
velocities, pressures, temperatures, etc., can initially be taken 
from an aerothermodynamic analysis applied to the gas alone, 
the presence of droplets will tend to alter this map. Should the 
volumetric liquid/gas ratio be very high, a new map of 
pressures and velocities must subsequently be obtained on the 
basis of a two-phase flow system. 

There are a number of referenced works dealing with gas-
particle flows, but these contain only elements of the problem 
under study here. Perhaps the closest in subject matter and 
scope is the work of [2] which is concerned with the trajec­
tories of entrapped solid particles in turbine cascades, the 
emphasis being on minimizing collision with the stationary 
and moving surfaces. The present case, of course, deals in-
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ENLARGED SECTION 
OF WATER PATH 

Fig. 1 Water injection in centrifugal compressor 

stead with deliberate particle injection, and instead of solids it 
deals with liquid particles which, due to evaporation, undergo 
continuous variation in size. The particular system studied 
here deals with water droplets injected into the field of 
superheated steam, and it is confined to cases where the 
volumetric (droplet/steam) ratios remain sufficiently low so 
as not to alter appreciably the aerodynamics of compression. 
The emphasis here is on droplet dynamics aimed at providing 
guidelines for the optimum positioning, sizing, and metering 
of the required injection system. 

Equations for Particle Dynamics 

Particle Flow in a Rotating Fluid. To account for the 
spatial configuration of a centrifugal compressor, the 
equations will be written in three dimensions of a cylindrical 
coordinate system. The coordinates are fixed in the rotating 
system, with z along the axis of rotation and constant 6 
representing a meridional plane as shown in Fig. 2. All 

MERIDIONAL 
'STREAMLINE 

VzABS 

V'ABS 

Fig. 2 Coordinate system and velocities 

velocities are relative to the rotating blades and the other 
bounding surfaces. However, as is clear from Fig. 2, the 
radial and axial velocities are also absolute velocities, whereas 
the relative circumferential velocity, u, differs from the 
absolute circumferential velocity by the quantity ru>. 

In this scheme the three relevant momentum equations are 

/ dd \ dr cP8 
PVr~nr dt2 

pV-
dh 

~dt2 --Fr + PVr (
 d e \ 

vd2z 
= F7 

(\b) 

(lc) 

Above, F is the viscous drag force, the last term in equation 
(la) is the Coriolis force, and the last term in equation (1£>) is 
the centrifugal force, both imparted on the particle by the 
drag of the rotating fluid. No pressure forces are included 
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because these are small by comparison, as can be seen from 
the following: 

dp dp 

~dr ~~ dR 
. . ( 

1 pU2\ 
— 1 — ( 0 b o r d e r of) 
2 r2 J 

so that the pressure force acting on a particle is 

1 pU2 
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2 r2 

The viscous drag force on a spherical particle is [3] 

F>1 = 6-KIXRU 

Thus 

2 V 2 -
TTR3 

(2) 

(yttlxRU 

1 pUR 

12 
UR ( R \ Re / R \ 
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Fig. 3 Rate of droplet vaporization 

Now the Reynolds number is of the order 1 to 100 whereas 
R, the particle radius, is of the order of 1 to 100 microns, 
yielding for the (Fp/F^) ratio values anywhere from 1 0 " 2 to 
10~ 6 . 

The viscous force,/7can in general be represented by 

F=CD.~PAUl 

where the coefficient CD is a function of the Reynolds number 

PuDUR Re = 
M„ 

and UR, the relative velocity between the vapor and particle, 
is given by 

d8 \ 2 I dr \ 2 / dz ^2^'A f / dB \ <• ( dr \ l I dz\1^ 
Uo = 

•[URe
2 + URr

2 + UKz
2]'< (4) 

The component drag forces in equations (1) thus become 

Fe = (Ur6/UR)F (5a) 

Fr = (URr/UR)F (5 b) 

Fz=(URz/UR)F (5c) 

Normalizing all velocities by r2w; all distances by r2 ; and 
writing 

- 3 C » (T ) (S : )< * 
pr2u 

T=tco 

we obtain the normalized form of equations (1) 

d2f 
r[ 

/ d2e \ puRcD / de \ 

d2f (3URCD 

dr2 

d2z $URCD 

dr1 R 
(wv - w) 

(6b) 

(6c) 

where 

UR = [(«„ - u)2 + (vv - v)2 +(wv - w)2]'A 

3 / P „ ' '-T (m.) 

In equation (6), R = (R/R0) where R0 is the particle size at 
point of injection, and CD is a function of the Reynolds 
number (URD/vv). All subscripts v refer to the superheated 
vapor , whereas the unsubscripted quantities refer to the 
droplets. The trajectory coordinates 6, r, z and velocities 
u=f dd/dr, v = dr/dr, w = dz/dr are the unknowns to be 
solved, for all relative to the rotat ing blades. For purposes of 
numerical evaluation the dependence of CD on Re was put in 
equation form, as follows 

24 
j — for < 0 . 6 
^ e 

(7) 

•Re 

CD = ^ 0 . 0 5 exp [6.193 R e - ° 1 4 9 6 ] for 0 . 6 < R e < 1 5 0 0 

^ 0 . 3 9 8 for Re > 1500 

which is a close representation of CD as given in [3], 

Evaporation of Liquid Particle. In all the previous 
equations the size of the droplet , R, is a variable and a func­
tion of t ime. The evaporation of the particle is in fact the 
main objective of this injection scheme. The variation in 
droplet size can be obtained from a heat balance between the 
heat required for evaporat ion and the rate of heat transfer 
occurring between the superheated vapor and droplet. The 
amount of heat required to induce a given rate of vaporization 
is 

dq_ 

dt 

dm 

~d7 
dV 

^fg^r=(gP)h/g dt (8) 

Above, it is assumed that the liquid injected into the vapor 
is at a temperature corresponding to the saturation tem­
perature of the local pressure, and the only heat required is 
the vaporization enthalpy, hjs. If the liquid is below that 
temperature, it would first have to be heated requiring 

dqs 

dt 

dT 
I 

dt 

with T going from T0 to Ts, T0 being the inlet temperature. 
This quanti ty , however, is bound to be small as compared 
with that given by equation (8). 

The heat required for vaporization has to be transferred 
from the superheated vapor to the liquid particle by con­
duction, or 

dq 
-^- =\A(TU-TS) (9) 
dt 

Writing A = 4irR2, V= 4 /3 R3 and equating the two rates of 
heat transfer, we obtain 

dR 

di 
HTV - T,) 

gPhfs 
(10) 
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Now the film coefficient, A, can be related to the heat 
conductivity between the vapor and water droplet, via [4] 

\D 
= 0.37 Re0 

The above inserted into equation (10) and properly nor­
malized, yields 

- dR 
R—=-yRtai[Tu-Ts] 

dr (11) 

where 

0.74 k 
y= 

gpD2
0whfg 

If the variation in Tv is not very large then y is ap­
proximately constant, with only Re and AT varying. If AT„ 
varies over a wide range then certainly hfg, and to some degree 
also k, would vary and equation (11) should more properly be 
written as 

dR 0.74 rkRe°-6(Tv-Ts)-\ 
R-

dr r'/g 

0.74 

gf>D2
0< 

-F(e,r,z) (12) 

The above differential equation for R(T) must be added to 
the set of equations (6) for a complete solution of the problem 
of evaporating droplets moving in a rotating high-speed fluid. 

Method of Solution. As derived in the previous section, 
we have a set of four differential equations to solve, namely 

.(d2 &URCC 

dr2 '¥(.'•->£)<>-$) 
dr 

~d7 

d2r 

1? R '"• c ' -( ' . -£)•'(••£)• 
d2z (3URCD / . dz\ 

dr2 R 

R-
dR 

~dT 
- 7 R e ° - 6 [ r „ - 7 ; ] 

(13a) 

(136) 

(13c) 

(14) 

As indicated above, UR, CD, and Re are functions of r 
since they all depend on particle velocity. The solution sought 
is of course the position of the particle P(6,r,z), and its radius 
R as a function of time, which would, via the time derivatives, 
also provide the particle velocities u, v, and w relative to the 
blade. The history of particle flow, in particular its trajectory 
and rate of vaporization, can then be mapped in detail. 

Equations (13) and (14) contain as parameters uv, vv, ve„ 
and Tu. These are the characteristics of the superheated vapor 
which represent input data to be taken either from equations, 
tables, graphs or any other available separate solution. In 
most cases the presence of droplets should not influence the 
underlying flow so as to affect droplet dynamics too much, 
even though they may modify to some degree the vapor flow 
itself. However, should the resulting two-phase flow modify 
the original flow in a substantial way, some iteration between 
the particle equations and the pure vapor solutions may be 
required. 

Equations (13) and (14) constitute an initial value problem 
and we need starting conditions in order to proceed. These 
conditions are supplied by the mode of injection, namely. 

T=0 

Point of injection d0, r0, za 

Velocity of injection u0,v0, w0 

Particle size R0 = 1 
Relevant constants Re0, (3, y 

1.7-Fy" / 

j f ^ S = CONST 

SATURATION LINE 

COMPRESSION WITH m ADMBATiC EFFICIENCY 
ADIABATIC COMPRESSION 

-* COMPRESSION WITH CONTINUOUS OESUPERHEAT 
INTERC00UN6 AT p = CONST. 

Fig. 4 Path of continuous desuperheat 

With Re = Re0 URR and CD, as given by equation (7) 
evaluated at each point in time, the solution can then proceed 
in such time intervals AT as to provide solutions of sufficient 
accuracy. The equations were solved on a computer using a 
fourth order Runge-Kutta method. For particles in the range 
of 50-100,um, time intervals of A T = 0 . 0 1 gave sufficiently 
accurate results. However, as particle sizes of the order of 1 
fixn were approached, a finer time mesh was required, in 
which case AT'S of the order of 0.001 were used. 

Parametric Solutions 

Two sets of solutions will be presented here. The first serves 
as a brief introductory survey of the basic behavior of droplet 
flow in a rotating system. The second and main series deals 
with an actual compressor whose characteristics are described 
in detail in [5], along with its aerothermodynamic flow 
conditions. All cases deal with water being injected into 
centrifugally compressed superheated steam. 

Preliminary Runs. In order to bring out some of the basic 
features of droplet behavior, a few preliminary runs were 
made under the following conditions: 

•uv = vu = wv=0 

• i>„ = 0.5;w„ = w„ = 0 

The first represents a case where the gas moves integrally 
with the blades. The results show that the drag imposed on the 
droplet tends to keep it at a nearly constant radius, in phase 
with the gas. Thus, the Coriolis and centrifugal forces seem to 
play a small part as compared to the viscous drag, at least for 
the 10 /mi particle considered in this example. The second set 
of conditions represents a situation of constant gas velocity in 
the radial direction only. Small particles are completely 
dominated by the viscous drag; however 30 jixn particles have 
sufficient inertia to remain in the flow field until they are 
caught up and struck by the upstream blade. 

The rate of change in particle diameter due to evaporation, 
as shown in Fig. 3, seems to go through three stages. It is high 
at the beginning of injection, probably because at that point 
the relative velocity is high; it then tapers off, to increase 
again toward the end of the path. The latter increase is due to 
the decrease of particle size, which, as will be seen later on, 
yields higher rates of evaporation. Since the variation in mass 
is proportional to (1 - R)7,, the above variation in slope will be 
even more pronounced for the particle's rate of change of 
mass. 
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Centrifugal Compressor. 
Compressor Characteristics. The required performance 

of the centrifugal compressor under consideration here is 
mapped out in Fig. 4. Other relevant data are as follows: 

Mass of vapor flow - 0.9 kg/s (2 lb/s) 
Angular speed - 3142 rad/s (30,000 rpm) 
Maximum blade radius - r2 =0.14 m (0.455 ft) 
Tip speed - 437 m/s (1433 ft/s) 
Number of blades -17 or a = 20 deg 

Values of the velocities, pressures, and temperature 
throughout the flow field are documented in some detail in 
[5]. In summary fashion, their main characteristics are as 
follows: 

• The static pressure rise in the compressor is 60 percent, 
yielding maximum superheat temperatures of the order of 
28°C(50°F). 

8 Most of the compression occurs in the outer reaches of 
the blade, so that in the present context the inner half of the 
blade is of little interest. 
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• In the outer half of the blade, the circumferential vapor 
velocities vanish and both the radial and axial components 
reach values equal to blade tip velocity. 

• Velocities are higher on the suction side than on the 
pressure side; and higher near the shroud than near the hub. 

• The circumferential velocities («„) are all negative; that 
is, they are all directed toward the pressure side of the blade. 
They decay rapidly as the straight radial portion of the 
passage is approached, so that they vanish at r>0.55. The 
radial velocities (y„), on the other hand, are low in the curved 
portion and approach a maximum at about r = 0.8. 

Particle Trajectory and Evaporation. Solutions were 
obtained for particle injection at three different planes: on the 
pressure side with injection in the direction of rotation (6 = 0); 
at the suction side with injection against the rotation (0 = 20 
deg); and from the hub surface (z = 0.55). Several injection 
radii were examined. The advantage of a low radius is that it 
provides the droplet with a longer trajectory in the channel 
and thus higher evaporation; however, it also increases the 
likelihood of collision with the walls, which is to be avoided. 
For the higher radius the conditions are reversed. Then, too, 
at any given radius the particle can be injected closer to the 
hub or to the shroud, that is at various values of z0 • 

Aside from the location of injection point, the next 
parameters of importance are the injection velocity and 
direction. Two velocities, 20 and 50 percent of tip velocity, 
were chosen which correspond to the pressure differentials 
that the centrifugal forces are likely to generate in the water 
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column. Finally, three particles sizes were examined: 2, 10, 
and 50 microns in diameter. 

A summary of the more relevant results is contained in 
Figs. 5 through 8. The particle dynamics tied to the prevailing 
vapor velocities suggests the following: 

• Injection from Pressure Side. Physically this mode of 
injection means that the particle has little opportunity to 
move away from the plane of injection. As a result, small 
particles whose.inertia is low are, in most cases, struck by the 
pressure side of the blade. Thus no results are offered for 
particle sizes of 2-10 /xm. Increasing the u0 velocity from 0.2 
to 0.5 did not seem to make much difference. Likewise, runs 
in which the angle of injection was varied from 90 to 45 deg, 
i.e., with v0 = ±w0, did not improve the exiting chances, and 
in some cases made the situation worse . 

• Injection from Suction Side. Injection against rotation, 
i.e., with the injection plane moving away from the particle, 
provides satisfactory trajectories, enabling the particles in 
most cases to exit from the chamber. Here, as seen from Fig. 
6, lighter particles are preferred, as with the Do=50 /mi 
particles the vapor does not succeed in sweeping them out the 
channel before they are struck by the approaching upstream 
blade. The very light particles are swept out of the channel 
along a path nearly parallel and very close to the injection 
plane (#o=20 deg). Here, in contrast to the situation with 
0O=O, the lower the injection velocity the better the exiting 
chances. Thus, as seen in Fig. 7, by reducing the injection 
velocity to nearly zero, and placing the injection point at 
z0 = 0.5 5 even the £>„ = 50 /on particles succeed in exiting. For 
the large particles collision with the pressure side of the blade 
occur whenever \u0 I >0.55. 

• Injection from the Hub Wall. Here injection near the 
pressure side of the blade (fi0 =6-1/2 deg) results in un­
satisfactory trajectories due to the stagnant flow pockets 
prevailing there; injection near the suction side (0O = 13 deg) 
improves the chances of particle exit. As shown in Fig. 8, the 
small particles tend to be lodged in stagnant pockets of vapor 
and remain there. A radius of injection higher than r0 =0.5 
and particle sizes larger than D0 = 10 /mi are required to 
assure particle exit, provided its injection is near the suction 
side of the blade. 

• Particle Vaporization. Overall levels of vaporization 
are low for all cases, less than 5 percent. This is due primarily 
to the low levels of AT available, (~ 50°F). The smaller 
particles yield higher percentage levels of vaporization. Even 
though the actual mass of vaporization per particle is a 
product of the percentage Am and m„, still for a fixed rate of 
water injection the number of smaller particles present will be 
correspondingly higher. Consequently, the percentages 
represent the total mass of vaporization. For suction side 
injection the highest values are of the order of 4 percent; for 
hub wall injection (excluding the stagnant particle data which 
are meaningless) the highest values are of the order of 5 
percent. 

Optimum Injection System. Based on the results of the 
parametric study the design of the injection system for the 
prototype compressor could then proceed subject to the 
following considerations: 

9 The lower the injection point in the compression passage, 
the longer the droplet residence time, and thus better 
vaporization. However, low injection points raise the risk of 
droplet collision with, and erosion of, the passage walls. 

9 A large number and dispersion of orifices are desirable in 
order to maximize the spatial distribution of the droplet 
sprays within the compression passage. But here again, good 
dispersion of the droplet spray increases the risks of wall 
impingement; in addition, many orifices require a large 
number of radial channels in the blade, which the blade may 
not be able to accommodate. 
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Fig. 10 Particle trajectories for orifices No. 1 and No. 2 

9 Higher injection velocities yield better atomization, 
higher evaporation rates, and better chances of traversing 
stagnant flow pockets; however, they also increase chances of 
collision and require more input power for centrifugal 
pressurization. 

Based on the above, five injection ports were selected at the 
locations and initial conditions as shown in Fig. 9. This 
arrangement yields the following flow characteristics: 

9 As seen in Fig. 10, the heaviest particles in orifices 1 and 
2 just impinge on the upper tip of the pressure side of the 
blade. This was done intentionally in order to extend the 
droplet fan over the widest possible area. For all other cases 
the droplets succeed in emerging from the passage without 
colliding with any of the surfaces. 

9 The smallest particles, D0<2 /im, are swept out of the 
channel along a path nearly parallel and close to the injection 
surface. The heaviest particles, due to their larger inertia, 
penetrate the deepest in the blade passage. 

9 For trajectories of the particle in the z-plane, i.e., in 
plane at the blade (the previous plots were in the plane of 
rotation dz), there is no variation in the axial excursion 
between the large and small particles. 
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• The residence time of the particles decreases with an 
increase in injection radius, f, as expected. Also, the heavier 
particles have a longer residence period, as can be surmised 
from the T = constant plots in Figs. 10 and 11. The residence 
times range from about 7 = 0.5 to T = 1 . 3 which for co = 3152 
rad/s yields 

0.16 x 10~3 s <t<0.31 X 10"3 s 

• Near the exit from the path, the small particles, 2 /xm < 
D0 <10 /jm, have a nearly zero relative circumferential 
velocity (iij — 0); whereas the particles in the 50 /urn range have 
relative velocities of the order of 30 percent. This is of some 
significance from the standpoint of erosion as the smaller 
particles, even where they impinge on the blade, would do so 
carrying negligible momentum and thus cause no damage. 
This once again emphasizes the great importance of obtaining 
small particle sizes. 

Effect of Injection Angle. We shall consider the effects of 
varying the injection angle, while keeping the total velocity 
constant, i.e., 

Uo = [uo
2 + v2

o + w2
o]'/'=0.2 

In discussing the results for various injection angles we 
shall maintain the following convention: 

• 4>e = 0 is the injection normal to the suction plane or 
t / o = - 0 . 2 

• <t>t = 45 deg refers to a velocity vector tilted in the n?-plane 
45 deg toward the exit, i.e., toward positive f 
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• 4>g = - 4 5 deg is the same as above but with a tilt away 
from the exit ( - f) 

8 </>z = 45 deg refers to a velocity vector tilted in the (6z)-
plane 45 deg toward the hub (+ z) 

8 </>,= - 45 deg is the same as above with a tilt toward the 
shroud ( - z) 

For small particles D0~2 ^m, varying the injection angle 
has no effect whatsoever. Also the vaporization rates are little 
affected by varying the orientation of the velocity vector. 
Furthermore, as shown in Fig. 11, the effect of varying <£<, on 
the droplet trajectories are also minor. Thus the only area of 
possible interest is that pertaining to the effect of varying the 
angle 4>z on the behavior of the larger droplets. 

The effects of orienting the flow 45 deg either towards the 
hub or towards the shroud are shown in Fig. 12. First, it will 
be noted that for either plus or minus values of 4>z the 
trajectories of the particles below 10 /xm are very close to that 
of normal injection. However, there are important effects on 
the trajectories of the heavier particles. For 4>z = +45 deg the 
result is that the larger particles collide with the wall of the 
hub. However directing the flow toward the shroud, 4>z= - 4 5 
deg, produces in both orifices #1 and #3 a significant ex­
cursion away from the 0 = 0 solution. 

Comparing the results of Figs. 11 and 12 with the results for 
normal injection, the conclusion is reached that orienting the 
water jet towards the shroud (r/>z=45 deg) can at times be 
extremely useful for the following reasons: 

• Whereas normal injection produces sheetlike sprays in 
the rz-plane, that is, particles of various sizes follow the same 
trajectory, orientation towards the shroud produces a wide 
and satisfactory fanlike spray also in the plane of the blade. 
This, of course, is of importance in that such a fanlike 
distribution inundates the maximum space with liquid 
droplets and maximizes vaporization. 

• Whereas in orifice #1 normal injection led to collision 
with the pressure side of the blade for D0 = 50 fim, an angle of 
4>z= - 4 5 deg eliminates that danger yielding a trajectory in 
which even the heaviest particles exit the chamber with ease. 

To give a comprehensive view of the spatial domain that the 
sprays from the five orifices are expected to cover, the 
trajectories from all the orifices were superimposed on each 
other. Figure 13 gives the expected domain of various particle 
spectrums in the plane of rotation (r6); while Fig. 14 gives the 
expected domains in a plane passing through the axis of 
rotation (zd). Finally, Fig. 15 gives the expected rates of 
droplet vaporization as a function of size for the various 
orifices. 

Conclusions 

Injection System. 
• Orifices. A large number should be used, so that their 

diameter is as small as possible while their length/diameter 

ratio is high. The orifices, barring other considerations, 
should be located at points of high gas velocity. 

8 State of the Injected Coolant. Liquids of low viscosity 
and at the highest possible temperature should be used. It 
should have high enthalpy of vaporization and low surface 
tension. The lowest possible ratio of (liquid/gas) flows should 
be aimed for. 

Mode of Injection. 
9 Injection from the pressure side nearly always leads to 

collision with the injection surface and is not recommended. 
9 Injection from the hub wall leads to particle arrest due to 

stagnant velocity pockets and is also not recommended. 
8 Injection from the suction side at fo>:0.5 is the most 

satisfactory mode. 
• Angles of injection slanted towards the shroud are useful 

in widening the spray in the meridional plane and in reducing 
the chances of collision for larger drops. 

8 High injection velocities do not change substantially the 
particle trajectory for large particles; lower injection 
velocities are, in fact, preferable. 

8 Small size particles, below 10 /xm in diameter, increase 
the chances of particle exit. 

Evaporation and Particle Size. 
8 Droplet size is probably the most crucial parameter in a 

liquid injection system. Smaller particles have the highest 
rates of vaporization, whereas large drops are also more likely 
to collide with walls. 

8 For a Ar=28°C (50°F) and D0=2 nm the maximum 
values obtained (for particles with assured exit from the 
channel) were 4 percent of the original mass; for A7=280°C 
(500°F) evaporation of the order of 20 to 30 percent of 
original mass can be realized. 
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Combustion Turbine Deposition 
Observations From Residual and 
Simulated Residual Oil Studies 
Burning residual oil in utility combustion turbines and the consequent deposition on 
blades and vanes may adversely affect reliability and operation. Corrosion and 
deposition data for combustion turbine materials have been obtained through 
dynamic testing in pressurized passages. The deposition produced by the 1900°F 
{1038°C) combustion gases from a simulated and a real residual oil on cooled 
Udimet 500 surfaces is described. Higher deposition rates for the doped fuel than 
for the real residual oil raised questions of whether true simulation with this ap­
proach can be achieved. Particles 4-8 \i m in diameter predominated in the gas 
stream, with some fraction in the 0.1 -12 p,m range. Deposition rates seemed to be 
influenced by thermophoretic delivery of small molten particles, tentatively 
identified as magnesium pyro and metavanadates and free vanadium pentoxide, 
which may act to bond the larger solid particles arriving by inertial impaction to 
turbine surfaces. Estimated maintenance intervals for current utility turbines 
operating with washed and treated residual oil agreed well with field experience. 

Introduction 
The fuels traditionally used to power utility combustion 

turbines, natural gas and distillate oil, are becoming less 
desirable because of rising costs and governmental restrictions 
on their use. In the future, crude and residual oils and coal-
derived liquids and gases will probably fuel combustion 
turbines. These fuels will contain elements that can affect the 
reliable operation of the combustion turbine by causing 
corrosion of the turbine hot parts and/or by leading to in­
creased deposition of combustion products on the turbine 
vanes and blades, resulting in lower efficiency and power 
output. 

To understand better the problems associated with burning 
lower-grade fuels, Westinghouse and the Electric Power 
Research Institute (EPRI) developed a program to obtain 
deposition and corrosion data for combustion turbine 
materials through dynamic testing in pressurized passages. 
The threefold objective of this research was to: 

8 Optimize metal component temperatures based on 
corrosion/deposition considerations 

• Establish trade-offs between metal temperature, per­
formance, maintenance, and reliability 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 7, 1981. Paper No. 82-GT-87. 

• Develop a predictive model for deposition rates in 
combustion turbines burning low-grade, ash-bearing fuels 
that is capable of integrating laboratory data and field ex­
perience 

Results from initial, short-term tests with washed and 
unwashed residual oil, describing deposition and corrosion 
screening studies, were the subject of a previous paper [1]. 
The second test series, described in this paper, covers par­
ticulates in the gas stream and the resulting deposits from the 
1900°F (1038°C) combustion gases produced in the com­
bustion of simulated and real residual oil. A deposition 
modeling approach has enabled turbine maintenance intervals 
to be estimated from these deposition data and to be com­
pared with current operating experience. 

Two additional, long-term tests (> 150 h) burning residual 
oil at gas temperatures of 2300 °F (1260°C) have recently been 
completed and the resulting deposition information analyzed 
12]. 

Background on Residual Fuel Combustion and Usage 

A recent survey conducted with users of over 100 com­
bustion turbines burning residual or crude oil [3] concluded 
that improperly washed or inhibited fuel or impurities in the 
inlet air were responsible for the limited hot gas path 
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Table 1 Fuel types and trace element analyses (ppm) 

Fuel Mg 
Washed residual oil with 255 
KI-16 magnesium additive 
Simulated residual oil 
No. 2 distillate oil plus 171.9 
the standard dopant 
No. 2 distillate oil plus 171.9 
the zero Ca containing dopant 

"weight percent 

corrosion observed. Of the many problems that were 
presented, however, deposition was a prime concern. 

Much of the available data in the open literature on the 
effects of residual fuel oil combustion on deposition consists 
of field experience from utility operation [5-7]. Controlled 
experiments have been performed by several companies using 
simulated residual oil in the form of a doped No. 2 distillate 
oil [8-9], but there is some question on the direct comparison 
between data obtained in this way and that from testing 
residual oil. Parametric studies oriented to gas turbine rather 
than boiler applications are not readily available. One 
example is the General Electric study on a deposition com­
parison of synthetic and real residual oil [10] which was for 
real residual fuel, unfortunately limited to firing temperatures 
of 1800°F (982°C). Another example is the work of Nomura 
et al. [11] in which deposition from unwashed, untreated 
residual fuel oil was examined. Deposits were found to be 
principally sodium-vanadium-containing compounds. The 
current study, therefore, is designed to satisfy some of the 
deficiencies in the data base regarding the effects of the 
combustion of residual fuel oil. Some of the initial data were 
very encouraging [1] in that corrosion was not evident with 
treated fuel, but deposition from treated residual oil was such 
that a better understanding is required if reliable, continuous 
turbine operation is to be attained. 

Currently, Florida Power and Light (FPL) is burning 
washed residual oil in their 500-MW combined-cycle plant 
located in Palatka. An evaluation [5,12] of corrosion and 
deposition on various components from this plant concluded 
that the combination of fuel treatment, corrosion inhibitors, 
and metal surface temperature control can effectively inhibit 
vanadium-induced corrosion. Deposition of magnesium 
vanadate and sulfate was not excessive, and, indeed, FPL has 
now converted all four units to residual oil operation. The 
combustion turbines are operated at full power, and high 
starting reliability and overall availability have been achieved. 

Although confidence has been generated through thousands 
of hours of successful operation with Westinghouse turbines, 
deposition will always be a concern when residual fuels are 
burned because of the high ash concentration in the fuel and 
the magnesium added to control vanadium corrosion. The 
deposits formed can be removed by water washing the tur­
bine, but only with the unit off line and with consequently 
reduced unit availability. On-line cleaning techniques, such as 
nutshell injection and thermal cycling, have not been as ef­
fective as water washing in removing deposits, but they will 
continue to be developed to avoid the loss of availability. 

Currently, burning residual fuels may generate problems in 
corrosion, deposition, fuel handling, and combustion, for 
which there are or will be solutions, but the decision to burn 
residual oil will probably be dictated by economic con­
siderations. 

Materials and Experimental Techniques 

The washed residual oil obtained from the Putnam station 
of FPL was treated with KI-16 magnesium additive (supplied 
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Ca V Pb Na K S" 
"09 85i) 05 3i) (X2 066 

5.7 57.3 - 0.6 - 0.33 

0 57.3 - 0.6 - 0.33 

by the Tretolite Division of Petrolite) to inhibit vanadium 
corrosion. The magnesium-to-vanadium ratio was three on a 
weight basis. The two doped distillate fuels used were 
prepared by blending given quantities of dopant (supplied by 
Tretolite) and No . 2 diesel fuel. The dopant was supplied with 
a magnesium-to-vanadium ratio of three on a weight basis. 
Trace element analyses for both fuels are detailed in Table 1. 

These fuels were burned in the Westinghouse Research and 
Development Center pressurized-turbine test passage (303.9 
kPa [3 atm]), which utilizes preheated compressed air in 6-in. 
(15.24-cm) dia, film-cooled combustor . Fuel is injected into 
the primary combustion zone and burned with compressed 
air. Combust ion gases are then mixed with secondary cooling 
air to attain the desired turbine inlet temperature. Down­
stream of the combustor exit thermocouples, the flow area is 
reduced and the gas velocity increased to - 6 0 0 fps ( — 183 
m / s ) . At this location, - 2 4 in (61 cm) from the combustor 
outlet, duplicate test specimens are exposed to the combustion 
gases. These cylindrical Udimet 500 (54Ni, 18Cr, 18.5Co, 
4Mo, 3A1, 3Ti) alloy specimens (2-in. [5.1-cm] long x 1-in. 
[2.5-cm] dia x 1/8-in. [3.2-mm] wall thickness) were cooled 
with ambient compressed air introduced from the top and 
instrumented with thermocouples in the specimen wall that 
measured metal temperature. 

Typically, the test passage was fired up with the desired fuel 
while the specimens were held in a retracted position from the 
gas stream. When test conditions were reached, the specimens 
were lowered into the gas stream. The procedure was reversed 
during a shutdown. The number of shutdowns within a given 
test was a function of factors such as fuel mixing and 
equipment maintenance. The overall average metal tem­
perature was maintained constant by adjusting the cooling 
airflow rate, but the temperature distribution external to the 
specimen was dependent on the gas temperature pattern 
factor. 

A water-cooled, isokinetic, retractable sampling probe 
provided information on particulates in the gas stream. It 
consisted of inner and outer tubes with cooling water cir­
culating in the annular region. A ceramic sampling substrate 
supported on a perforated stainless steel disk was contained in 
a cavity at one end of the probe body. During operation, the 
probe was inserted directly into the hot, pressurized test 
passage and the appropriate sampling volumetric flow rate 
for isokinetic conditions established on a rotameter in the 
sampling train. Exposure periods were varied from 15 to 45 
min and a minimum of three samples procured per test series. 

Great care was necessary in evaluating the Udimet 500 
specimens because of the fragility and tenuous adherence of 
the deposition products . After determining weight change, we 
measured deposit thicknesses at different locations on the 
specimens to relate deposition-to-gas impingement and flow 
perturbat ions. Both X-ray diffraction and scanning electron 
metallography were used to provide information on deposit 
chemistry and morphology. Selected specimens were 
examined metallographically for corrosion and deposition 
using a kerosene lubricant in the sample preparat ion to 
prevent loss of water /a lcohol soluble components from the 
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Table 2 Deposition characteristics for Udimet 500 specimens exposed t(' the combustion of
washed residual oil and doped no. 2 distillate oil

Exposure Deposition Maximum deposit
Test No. Gas temp., Metal temp., time, rate, thickness,

°FCC) °F(°C) h mg/h mils(!-tm)

Washed residual fuel oil (with KI-16 Mg additive)

6 1900(1038) 1350(732) 17.5 15 8(200)
7 1900(1038) 1350(732) 20 25 9(225)

Doped No.2 distillate fuel oil

5 1900(1038) 1250(677) 20 60 26(650)
Std.

dopant
25(625)"8 1900(1038) 1350(732) 20 23

Zero Ca 28 56(1400)"
dopant

"These represent high points in the deposit; typical thicknesses were 1 to 5 mils (25 to 125 !-tm).

. .
, '.,.

~ \" 1 0." {. .... . ... .

.,.
••• , - • '\~hf:" ~ ...

~
0.002 in

(a) Surface DeJX)sition

BackFront

(b) Subsurface Corrosion

Fig. 1 Surface appearance of Udimet 500 specimens after exposure to
hot combustion gases generated Irom the combustion of a washed
residual fuel (KI·16 Mg additive) in test 7 (Max. deposit thickness: 8.2
mils; Tgas = 1900"F (1038"C); Tmetal = 1350"F (732"C) 29.1 mg/h)

deposit. These experimental data on deposition were com­
pared with theoretical predictions to permit calculation of
turbine maintenance intervals and comparison to field ex­
perience.

I 50 lJffi I

0.002 in
Fig. 2 Cross·sectional micrographs of a Udimet 500 specimen ex·
posed to hot combustion gases in test 7 (washed residual with KI·16 Mg
additive). Section taken - 3/4 in (- 2 em) from bottom of sample at the
front impingement region.

Results

The deposition characteristics for both types of fuels
examined in this study are summarized in Table 2.

Washed Residual Oil. For tests 6 and 7, generated at
1900°F (1038°C) gas temperature and 1350°F (732°C) metal
temperature, deposition rates of 15 to 25 mg/h, obtained
from weight change determinations, were comparable to
those obtained in our previous studies [I]. The buildup of
deposit on the leading edge of the specimens reached a
maximum, as shown in Table 2, but it was typically 3 to 6 mils
(75 to 150 /-tm) for the residual oil tests.

Visual examination of the deposition revealed colors
varying from white to yellow-brown to greenish yellow, and
reference to Fig. I clearly shows their fragility and tenuous
adherence to the substrate. The deposits have apparently
flaked during either the test, the thermal cycle, or the
disassembly. Any interpretation of significant differences in
deposition values, therefore, must take this into con­
sideration.

In typical cross-sectional photomicrographs taken close to
the bottom end of a specimen shown in Fig. 2, deposition is
shown to be concentrated on the front or gas impingement
face of the sample. Less deposition was observed in this test,
however, than in test 5 for the No. 2 distillate fuel with

standard dopant (Le., simulated residual oil). Hot corrosion
attack of the Udimet 500 substrate was also evident.

X-ray diffraction analyses of the deposits are summarized
in Table 3. Principal constituents in deposits from test 7 were
MgO, hydrated MgS04 and Mg 3 VzOs, with the possibility of
a calcium-containing vanadate. The previous test (No.6),
which burned the same residual fuel, resulted in comparable
deposit chemistries, except that a VzOs phase was present,
and the calcium was found to be associated with the MgS04
phase rather than the Mg 3VzOs phase.

Electron microprobe analyses performed on polished cross
sections of deposits from these washed residual fuel tests
confirmed the presence of magnesium, vanadium, sodium,
nickel, and chromium as major constituents, together with
significant quantities of oxygen, calcium, and sulfur. In test 6,
a near-surface region of the deposit was found to exhibit a
higher concentration of sulfur, silicon, calcium, and
aluminum.

Simulated Residual Oil. For these doped No.2 distillate
fuel tests, apart from the dopant chemistry differences with
respect to calcium, the metal temperature for the standard
dopant test (No.5) was 1250°F (667°C), versus 1350°F
(732°C) for the zero calcium dopant test (No.8). These
differences are reflected in the much higher deposition rates
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Table 3 X-ray diffraction analyses of deposits from specimens exposed to hot combustion
gases in the pressurized test passage

Temperature, 'FCC)

Test No. Gas Metal

Time

(h)

Deposit chemistry

Major Minor

Residual fuel with KI-16 Mg additive

[contains 255 Mg, 85V, 0.9 Ca (ppm) and 0.7 wt 0J0 Sj
6 1900 1350 17.5

(1038) (732)
Mg3VzO g

CaMg3 (S04)4

MgO
MgS04
VzOs

MgS04 7HzO
MgO

MgO, MgS04
Mg3(P04)z, VzOs

MgO
Mg 3 VzO g

20

20

20

1350
(732)

7 1900
(1038)

Doped No.2 distillate fuel

[5.7 Ca, 172 Mg, 57 ppm V, 0.33 wt 070 Sj
5 1900 1250

Std. dopant (1038) (677)
8 1900 1350

Zero Ca (1038) (732)
dopant

aZ=Na or Li

Table 4 Summary of particulate probe deposit characterization a (gas temperature: 1900°F
(1038°C)

Particulate

Test Fuel type Size
(f.'m) Shape

II Residual oil with 4-12 Spheres
Mg additive

1-3 Spheres
12 No.2 distillate 5-15 Platelets

oil with zero Ca 2-3 Spheres
dopant

13 No.2 distillate Larger fused
oil with std. Ca shapeless
dopant agglomerates

1-3

Principal constituents

Mg, S some V, K, Na, Ca

Mg, some Na
Mg
Mg, V

Mg

Mg, V some S, Ca
P, Cr Fe

aData obtained from SEM/EDAX analyses - elements with atomic number less than Na (i.e., < II)
such as °or C - may well be present but are not detected by this technique.

Particulate Probe Data. From the summary of the
sampling results presented in Table 4, one can see that burn­
ing of residual fuel produces essentially spherical particles

Tgas ~ 19000 P(1038°C) 20 h

Fig. 3 Surface appearance of Udimet 500 specimens after exposure to
hot combuslion gases generated from the combustion of doped No.2
distillate fuel oil in tests 5 and 8

measured for the standard dopant (test 5), as detailed in Table
2.

The photographs of typical surface deposits from these
tests, shown in Fig. 3, show that maximum deposition oc­
curred at isolated points; frequently there was an air space
between the raised, pimplelike deposit and the underlying
metal substrate.

Colors varying from white to greenish yellow were evident
on deposit surfaces, and from their fragility and tenuous
adherence to the substrate seen in Fig. 3, it was apparent that
the deposits flaked during either the test, the thermal cycle, or
the disassembly.

X-ray diffraction analyses of the deposits obtained by
scraping samples from selected areas and then grinding the
powder into a composite sample are shown in Table 3. The
same compounds were found in these samples as in those
from the washed residual fuel tests. Reflecting the fuel­
additive chemistry, there was no evidence of a calcium­
containing phase in the test with zero calcium dopant. Ad­
ditional evaluation of these deposits using the electron beam
microprobe and the scanning electron microscope generally
confirmed the X-ray diffraction data. A typical example of
the range of elements found in a deposit from the standard
dopant test (No.5) is shown schematically in Fig. 4.

The presence of calcium in the deposits in test 5, together
with higher deposition rates compared to the residual fuel and
zero calcium dopant tests, suggests, as other workers have
reported [9] that the sticking tendency of the deposited
particles was enhanced.

FRONT BACK

No. 2 Distillate Fuel
Plus Std. Dopant
Test 5
Deposition Rate
60.5 m/:/h
Tmetal ~ 12500 p (677°C)

No. 2 Distillate Fuel
Plus Zero Ca Dopant
Test 8
Deposition Rate,
28.1 mg/h
Tmetal D 1350°F (732°C)
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lal

Ibl

~
0.00210

Fig. 4 Deposit on a Udimet 500 sample after exposure to hot com·
bustion gases in test 5 (doped distillate fuel) (a) cross·sectlonal
photomicrograph, and (b) schematic showing elemental distribution in
deposit (from electron microprobe scans)

15

P Ca V
'.

.... Igh' At(lclic.
-'EICW'lIODt PerCOllt Per<o.nt

spot 18 Hg 55.20 66.)5
SI 0.94 0.98
p 8.29 7.82

Mg S 12.59 11.48
Co 1.86 1.36
Y 17.36 9.96
tr 2.~8 1.39
Fe 1.27 0.67

Ca
Fe

lIelgh' Atmlc.
EI«lCnt Percel'\l" Pere nt

'SPOt IS f

119 91.73 94.80
p 2.83 2.30
Co 1.6~ 1.02

Mg V ).82 1.89

18

Fig. 5 Typical scanning electron micrographs of particles captured
with the Isoklnetlc sampling probe (doped distillate at a 1900'F
[1038 'C) gas temperature)

« 1 to 12 11m) while the simulated residual or doped fuels
produced a majority of particles that were not spherical; those
that were produced tended to be significantly smaller (1 to
311m). In the case of the Ca-free fuel, 5 to 15 11m platelets were
the "typical" particle size and shape, in contrast with the even
larger and more irregular particles produced by the addition
of Ca to the fuel. These are termed "fused shapeless masses"
in Table 4, and based on these observations, it appears that
calcium served as a binding agent that enhanced deposition.
Figure 5 shows the appearance of the "fused shapeless

masses" captured by the particulate probe when doped
distillate containing calcium is burned. It is apparent from the
figure that calcium, while not the principal element present,
certainly plays a key role in the deposit chemistry.

The second observation that can be made from these data
deals with a comparison of the deposit chemistry of the doped
fuels and the residual oil. For the former, the larger particles
were essentially MgO. On the other hand, the residual oil
yielded a deposit consisting not only of magnesium oxides,
but also of vanadates and sulfates.
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Discussion of the Deposition Data 

In the early formulation of this program, we emphasized 
deposition effects and assigned corrosion effects less im­
portance. The data have confirmed this division, in that 
deposition was in all the tests a major consideration and 
corrosion of the test specimens was only of concern in the 
early, unwashed residual fuel test [1] and in a 300-h, higher 
temperature, long-term test reported elsewhere [2]. 

Deposition Rates. For tests involving the combustion of 
simulated residual oil, deposition rates were found to be 
dependent on the dopant chemistry. With the standard dopant 
(test 5), rates were approximately three times higher than for 
the zero calcium doped fuel (test 8). This increase is attributed 
to the 5.7 ppm calcium present in the fuel containing the 
standard dopant, increasing the sticking tendency for the 
particles deposited from the gas stream onto the specimen 
surface. Note that deposition rates for No. 2 distillate fuel 
containing the zero calcium dopant were comparable for the 
residual fuel (test 7), even though the former exhibited higher 
peak deposit thicknesses. This similarity may or may not have 
been fortuitous. 

Deposit Characterization. The deposits in these short-
term tests with both residual fuels were generally very loosely 
attached to the substrate. Although samples were examined 
metallographically, information on individual particle sizes in 
the deposits was not obtained. The presence of 5.7 ppm 
calcium in the No. 2 distillate fuel containing the standard 
dopant is thought to be responsible for the somewhat harder, 
more tenacious deposits observed on specimens from test 5. 
These observations were confirmed by the particulate probe 
findings of 1 to 3 /xm dia spherical particles and fused masses 
of particles for this test. Urbas and Tomlinson [9] have 
reported that for both real and simulated residual oil, 1.3 ppm 
calcium in the fuel greatly enhanced the deposition rate and 
also promoted the formation of hard deposits. The data from 
tests 5 through 8 would, therefore, seem to be consistent with 
their observations, since reference to Table 3 shows that 
combustion of residual fuel containing 0.9 ppm calcium also 
resulted in a mixed sulfate phase containing both calcium and 
magnesium. 

The combustion of residual fuel containing a magnesium 
additive produced both large (6-12 /mi) and smaller ( < 2 /xm) 
particulates in the gas stream at 1900°F (1038°C), and it is 
likely that many of these ended up in the deposits sub­
sequently examined on the specimens from test 6 and 7. 

Analyses of Deposits. The considerable volume of data 
collected on the chemistry of the deposits generally indicated 
MgO to be their major constituent, with Mg3V208 and 
MgS04 also present. These compounds arose from the 

reaction between the magnesium additive, the combustion air, 
and the fuel impurities, vanadium and sulfur. Other com­
pounds detected included vanadium pentoxide (V205) , which 
has a relatively low melting point (1240°F [671 °C]), and a 
magnesium phosphate (probably originating from impurities 
in the dopant and/or the distillate fuel). 

Corrosion Observations. The Udimet 500 alloy exposed 
to hot combustion gases in these tests was not affected by 
corrosion when washed and treated residual fuel or the doped 
distillate fuel was used. In the initial tests with unwashed, 
untreated fuel, some corrosion was observed, caused by 
sodium sulfate attack, but no rapid corrosion was observed 
with metal temperature <1000°F (<538°C), even in the 
absence of the corrosion inhibitor, magnesium [1]. Additional 
studies may be necessary, however, to determine the effects of 
long-term continuous and intermittent operation on this 
phenomenon. 

Fuel Chemistry Considerations. The observations that 
vanadium pentoxide may be present in the deposits/gas 
stream may cause concern about the suitability of the ac­
cepted Mg/V ratio of 3. Apparently, even though the 
magnesium is present in excess of that required to combine 
with the vanadium in the fuel, there is still vanadium pent­
oxide (and possibly Mg vanadates) formed that can act as 
binder phases in these deposits. If V2O s , a relatively low 
melting-point constituent of deposits, can be completely 
combined with magnesium in the form of a vanadate or 
maybe in some other preferred form, this so-called glue will 
be absent, and deposit buildup may be reduced. 

Simulated Residual Fuel Oil Testing. Doped No. 2 
distillate fuel tests simulating residual fuel oil were run in 
order that some comparison might be made with the results 
from a parallel EPRI program on doped distillate fuel con­
taining calcium at Detroit Diesel Allison (DDA) [8]. Based on 
the deposition data discussed earlier, where considerable 
differences were noted in deposition behavior for simulated 
and real residual fuel, it would seem that a good simulation 
was not achieved with the DDA dopants. This may have been 
partially due to differences in trace element concentrations in 
the fuels. However, the fact that the deposition rate for the 
fuel containing the zero calcium dopant was comparable to 
that for the residual fuel is considered fortuitous, because 
significantly differences were noted in particle sizes and 
shapes in the particulate probe studies. Indeed, particle 
arrival rates are known to be sensitive to size and shape. This 
observation contrasts with the data of Urbas and Tomlinson 
[10], who found that at firing temperatures up to 1800°F 
(982 °C) the chemical and physical nature of deposits from a 
synthetic fuel were the same as those from a real residual fuel 
oil. 
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Fig. 6 Deposition results on cascades and cylinders 
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Extrapolation of Data to Utility Turbines 

The data obtained during this test program, together with 
mechanistic evaluations of the dominant deposition 
mechanisms, have enabled us to make initial estimates of 
deposit buildup rates and maintenance intervals for turbines 
burning washed residual oil treated with a magnesium ad­
ditive. 

Deposition Mechanisms. Deposition buildup in com­
bustion turbines depends on several types of mechanisms. 
These include those of: 

• Particle delivery to turbine surfaces 
9 Adherence and removal of particles delivered to turbine 

surfaces 
• Gross detachment (spallation) of previously built-up 

deposits 

The primary mechanisms of particle delivery in turbines are 
inertial impaction, turbulent eddy diffusion, Brownian 
diffusion, and thermophoresis [13]. The dominant delivery 
mechanism depends on the sizes of the particles entrained in 
the turbine expansion gas. Inertial impaction dominates on 
vane and blade pressure surfaces for particle diameters larger 
than a few microns [14], but turbulent eddy diffusion tends to 
dominate for diameters of about 1 pm down to a diameter 
that depends on the degree of vane or blade cooling. For 
highly cooled surfaces, thermophoretic delivery (which in­
creases with the temperature differential between the gas and 
surface) becomes important for particle diameters perhaps as 
large as 0.5 ^,m, while for uncooled surfaces Brownian dif­
fusion begins to dominate in the 0.1 to 0.05 jam particle 
diameter range. Once particles arrive at a turbine surface, 
deposit buildup depends on the balance of adherence forces 
and removal forces on the particles at the surface. For hard 
particles, adherence forces tend to be weak. Molten or 
semimolten particles, however, can adhere to vane and blade 
surfaces with attachment forces and deposit growth rates 
much greater than for hard particles. Finally, even should 
removal forces be insufficient to prevent individual particles 
from remaining on turbine surfaces, forces and stresses can 
occur within the bulk deposit formed that can eventually 
result in spallation (gross deposit detachment), thereby 
restricting deposit net growth rates. These stresses can be 
caused by factors such as differential thermal expansion and 
chemical reactions producing volumetric changes in un­
derlying deposit layers. 

The above considerations suggest the difficulties in 
producing doped fuels to simulate deposition environments 
resulting from residual oils or other fuels. The elemental 
fractions of contaminants must be reproduced in the doped 
fuel, and the particles formed during combustion should have 
the same size distribution and chemical composition, with the 
same melting points, as the fuel being simulated. The dif­
ferences in pin specimen deposition characteristics between 
the residual oil and simulated residual oil distillate tests 
discussed earlier are not surprising when one considers the 
differences in sizes, shapes, and chemistries of gas stream 
particles observed during the particulate probe tests. 

Information from these particulate probe measurements 
and the delivery mechanism observations have helped to 
identify the primary modes of particle delivery to turbine 
surfaces for operation with residual oils. Measurements 
revealed particles predominantly 4 to 12 /xm in diameter, with 
some particles ranging in diameter up to 15 ixm and down to 
less than 0.1 )xm. Since most of the particulate mass is above a 
few microns in diameter, the bulk of the particles is expected 
to arrive on turbine surfaces (and the pin specimens tested) by 
inertial impaction. The small mass fraction in the size range 
smaller than a few tenths of a micron, however, where 
thermophoretic effects are significant, appears to affect 
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Fig. 7 Schematic showing vane and blade passage throats 

deposition rates. Comparison of deposit buildup rates on the 
pin specimens for earlier tests in this program, at 1900 to 
2000°F (1038 to 1093 °C) gas temperatures, but with various 
specimen surface temperatures, shows that, at these gas 
temperatures, deposition increases with gas/metal surface 
temperature differentials [1,4]. 

A plausible explanation may be that even though a small 
mass fraction of gas stream particles is in the few tenths of a 
micron and smaller size range, where thermophoretic effects 
are significant, the bulk of molten gas stream particles is in 
this size range. These smaller particles delivered by ther­
mophoresis can then act as a molten glue to bond the larger, 
solid particles arriving by inertial impaction to test specimen 
(and turbine) surfaces. Apart from MgO, the major com­
pound formed for residual fuels containing a magnesium 
inhibitor for vanadium is Mg 3 V 2 0 8 , which has a melting 
point of about 2200°F (1024°C); smaller amounts of 
magnesium pyrovanadate (Mg2V207) and magnesium 
metavanadate (MgV206) may be formed, with melting points 
of about 1700°F (927°C) and 1400°F (760°C), respectively 
[15]. A low melting-point calcium compound that may have 
resulted in the higher deposition rates observed for the fuels 
containing calcium is C a O V 2 0 5 (1432°F [778°C] melting 
point) [16]. Low levels of V 2 0 5 (1240°F [671°C] melting 
point) may also occur in the gas stream because of incomplete 
reaction of the available vanadium with the magnesium. Any 
of the above, and the Ca-based compounds detected in the 
deposits, could be the low mass fraction glues in the small size 
range where thermophoretic effects are significant. For the 
Ca-based compounds detected, however, the only melting 
point information available was for the CaMg3 (S04)4 

compound detected. Its melting point of 2192°F (1200°C) 
indicates that it did not act as a glue. Vanadium pentoxide was 
detected in deposits following tests in this program. Whether 
the deposit bonding glue was V 2 0 5 , Mg 2 V 2 0 7 , MgV206 , or a 
CaO •V 2 0 5 compound that decomposed during test cool-
down, however, is uncertain. Further evidence for the above 
explanation is given in Fig. 6, which indicates that deposition 
on test cascades and cylindrical specimens is correlated with 
the gas/metal surface temperature differential for gas tem­
peratures below 2000 °F (1093°C). 

The arrival of molten deposit bonding glues on specimen 
(and turbine airfoil) surfaces is affected by the degree of 
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cooling of those surfaces in addition to the melting point of 
gas stream particles. Solidification of molten gas stream 
particles in cooled surface boundary layers depends not only 
on the surface temperature but also on factors such as particle 
residence times in boundary layers and particle thermal 
inertias. Consequently, even though the melting points of 
several of the above potential deposit bounding glues are 
higher than the 1250-1350°F (677-732°C) specimen surface 
temperatures for the tests reported here, particles of some of 
these compounds could reach the specimen surface in a 
molten state. Furthermore, the melting point (1240°F 
[671 °C]) of V 2 0 5 is lower than the specimen surface tem­
perature for any of these tests. 

Deposition Modeling. A turbine deposition model was 
developed, using information such as that described above 
concerning dominant residual oil deposition mechanisms, to 
relate deposition on turbine airfoils to deposition on the 
circular, cylindrical specimens used in this experimental 
program. By this means, the deposit buildup rates measured 
on the specimens during the tests were extrapolated to obtain 
estimates of deposit buildup rates and deposit removal 
maintenance intervals for utility turbines. 

Combustion turbine performance degradation is affected 
by rates of deposit buildup and also by the locations of 
deposit buildup on vanes and blades. While substantial 
deposits may be tolerated on vane and blade noses without a 
major effect on turbine performance, deposit buildup at vane 
and blade flow passage throats (indicated in Fig. 7) results in 
greater performance degradation because of flow blockage 
and, to a lesser extent, decrease in aerodynamic efficiency. In 
this case, deposit constriction of the throat by approximately 
0.32 cm (1/8 in.) results in about a 10 percent drop in turbine 
power. Consequently, the critical locations for deposition are 
on the suction surface, past midchord, and the pressure 
surface tip regions that bound the passage throat. 

Turbine power drops are related to flow passage blockage 
by considering that the turbine control system tends to 
maintain a constant rotation speed, which in turn tends to 
sustain a constant mass flow rate from the compressor. 
Consequently, as the expander flow passage area decreases 
because of deposition, the compressor pressure ratio increases 
to drive the same mass flow through a smaller flow area. An 
increasing fraction of the power generated by the expander is 
required to drive the compressor, resulting in decreasing 
turbine net output power. 

For the particle sizes measured in this test program using 
the particulate probe, the bulk of particulate mass delivered to 
the critical suction surface locations is transported by tur­
bulent eddy diffusion, and that delivered to the critical 
pressure surface locations is transported by inertial im­
paction. Because of higher transport rates for inertial im­
paction, the mass delivery to pressure surface locations is 
expected to be substantially greater than to suction surface 
locations. 

The inertial impaction delivery to the circular front surfaces 
of the test specimens of this program and to the circular noses 
of turbine airfoils are similar. Consequently, with proper 
adjustment for physical scale differences and test pressure 
versus turbine passage pressure difference, the measured 
deposit buildup rates on the test specimens have been used to 
estimate deposit buildup rates at the nose of a turbine vane. 
Physical scale adjustments are necessary because tests and 
analyses have shown [17] that a larger fraction of ap­
proaching particles strike the cylinder with decreasing cylinder 
diameters. Pressure adjustments are necessary because 
particle arrival rates are proportional to the local particle 
concentration per unit volume of gas, which is proportional to 
gas pressure [18]. 

For any specific turbine airfoil passage geometry and 

particle size, the arrival rate at the airfoil pressure surface tip 
region (which bounds the passage throat) is related to the 
airfoil nose particle arrival rates. Particle equations of motion 
have been integrated to relate the tip arrival rates to nose 
arrival rates resulting from inertial impaction for the first 
stator (illustrated in Fig. 7) of a 10-to-l pressure ratio turbine. 
Tip arrival rates were determined to be about one-fifth of 
nose arrival rates for the 4-to-6 /mi particle size range, 
representing the bulk of gas stream particles measured with 
the particulate probe. Stator tip deposit buildup rates were 
determined by reducing projected nose deposit buildup rates 
by a factor of five. 

Maintenance Interval Projections. The approach just 
outlined of relating measured deposit buildup rates on the 
circular pin specimens to turbine vane nose particle arrival 
rates and then to pressure surface tip arrival rates has been 
used to project turbine maintenance intervals to remove 
deposit blockage of the first stators of the 10-to-l pressure 
ratio turbine. The much smaller deposit buildup rates on the 
suction surface side of the vane throats were obtained by 
approximate adjustments of the pin specimen back surface 
measured deposit buildup rates. Due to the much lower 
deposit buildup measured in the back surfaces than on the 
front surfaces of the pin specimens (and on turbine airfoil 
suction surfaces than on pressure surfaces for the particle 
sizes observed in the particle probe tests), the approximate 
adjustments to obtain suction surface deposit buildup rates 
did not substantially affect projected maintenance intervals. 

Earlier deposition data for pin specimen tests at 1600°F 
(871°C) surface temperature and 2000°F (1093°C) gas 
temperature [1,4] were used to check the modeling approach 
projection with field experience. For these conditions 
representative of current turbine operation, the projected 
maintenance interval of 580 h was in agreement with the range 
of water washing intervals from 200 to 1500 h determined in a 
survey [3] of turbine operators using residual and crude oils. 

Projected maintenance intervals were 250 h, using 
deposition data from pin specimen tests representing current 
turbine inlet temperatures but greater surface cooling (1350°F 
[732 °C]) based on short-term tests (20 h), the deposits formed 
on the cooler pin surfaces appeared to be more susceptible to 
spallation and may have reached a maximum steady-state 
thickness of about 250 nm (10 mils). If spallation at the lower 
surface temperatures does result in acceptable steady-state 
deposit thicknesses, increased vane cooling may offer an 
alternative to water washing for controlling deposition in 
turbines with inlet temperatures lower than 2000°F (1093°C). 
Longer duration tests are necessary, however, to determine 
whether lower surface temperatures do limit deposit growth to 
tolerable steady-state thicknesses and whether spallation 
occurs during operation or shutdown. 

The above maintenance interval projections are based on 
test data using washed residual oils with KI-16 magnesium-
based additive. Other residual oil treatments (such as ad­
ditives containing silicon in addition to magnesium) may 
significantly affect deposit removal maintenance intervals. At 
their Putnam Station [12], however, FP&L were burning 
residual fuel oil containing only the KI-16 Mg additive used in 
this study. In peaking load operation they encountered no 
problems with deposit removal using periodic water washing 
of the turbine where the gas temperature was 2000°F. 
Likewise, Florida Power Corporation at their DeBary plant 
reported excellent service, with deposits spalling off during 
start-up, and the turbine thus requiring no water washing 
[19]. 

Conclusions 
8 At 1900°F (1038°C) gas temperatures deposition onto 
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cooled Udimet 500 specimens was greater for simulated than 
for real residual oil, probably because of greater fractions of 
molten particulates present in the gas stream. 

9 Deposition rates appeared to be influenced by ther-
mophoretic delivery of small molten particles of magnesium 
and calcium vanadates and free vanadium pentoxide, which 
may act as a glue, bonding the larger solid MgO particles 
delivered by inertial impaction. 

• Maintenance intervals estimated from these deposition 
data were in good agreement with field experience for current 
utility turbines operating with washed and treated residual oil. 
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Heavy Fuels Ash Deposit 
Formation and Removal in Water-
Cooled High-Temperature Gas 
Turbines 
Experimental data obtained in heavy fuels operation of a gas turbine simulator with 
a water-cooled, transonic turbine nozzle cascade are presented. The ash fouling is 
characterized by the rate of decrease of the aerodynamic throat area. Particular 
attention is given to the cleanability of the ash deposits. A simple heat transfer 
analysis was performed to assist in evaluating the data. The rate of ash fouling in 
the water-cooled nozzle was found to be of the same order of magntude as for 
conventional air-cooled designs. Cleanability, both on and off-line, was found to be 
significantly enhanced, thus making the water-cooled gas turbine an attractive 
alternative for heavy fuels applications. 

Introduction 

The trends toward higher firing temperature and increased 
fuels flexibility for new-generation gas turbines has created an 
operational conflict. This has been found to be particularly 
true in applications involving the use of heavy liquid fuels, 
i.e., crudes, residuals, and blends. As the turbine inlet tem­
perature is increased, the deleterious effects due to the fuel 
contaminants on the turbine hot gas patch become more 
pronounced. The major problems encountered involve hot 
corrosion and ash fouling. The corrosion problem has been 
minimized by the development of standardized fuel treatment 
techniques, but the ash deposit fouling problem remains a 
serious obstacle. 

This report describes part of an ongoing investigation of 
gas turbine heavy fuels ash deposition. The particular work 
described herein was conducted as part of the Water-Cooled 
Gas Turbine Development Program1 and the Advanced 
Cooling Full Scale Engine Demonstration Program2 spon­
sored by the Electric Power Research Institute. 

Objective 

The objective of the experiments was to investigate the 
formation and removal of heavy fuels ash deposits in a water-
cooled gas turbine nozzle. The effects of various operational 
parameters were to be studied, including turbine inlet tem­
perature, gas path surface temperature, and fuel contaminant 
levels. Ash cleanability was of particular interest. The sample 

Funding for this specific task was provided under EPRI Contract RP234-3, 
Task 6.0. 

2 Funding for this program was provided under EPRI Contract RP1319-1. 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 7, 1981. Paper No. 82-GT-88. 

fuel chosen for the program was a washed and treated heavy 
residual petroleum distillate. 

Background 

A listing of some of the more important properties of 
typical gas tubine liquid fuels (taken from [1]) is given in 
Table 1. Note that the specific gravity and viscosity are higher 
and the heating value lower for the hevy residuals. Of par­
ticular interest are the high ash content and the high quantities 
of trace metal contaminants present in the heavy residual fuel. 
It is due to these properties that difficulties arise in main­
taining high turbine efficiencies. 

Corrosion in the turbine gas path is due primarily to the 
formation of vanadium pentoxide and sodium sulfate in the 
combustion products [2,3]. Successful inhibition of the 
corrosive contaminants has been accomplished by appropriate 
fuel treatment procedures [2,4]. The fuel is first water-washed 
and mechanically centrifuged to remove the water-soluble 
sodium contaminants. The vanadium cannot be removed in 
this manner, however, as it generally occurs in the fuel as so-
called "porhyrin complexes" [3]. It has been discovered 
through operating experience that the formation of vanadium 
pentoxide in the combustion products can be successfully 
inhibited by the use of magnesium additives in the fuel. A 
weight ratio of 3 to 1 for magnesium to vanadium is generally 
used [2,4]. 

An unfortunate circumstance of the magnesium additive is 
that the ash content in the combustion products is sub­
stantially increased. The content of the ash is predominantly 
MgO and MgS04, with some occurrence of Mg3V208 or 
other orthovanadates [4-7]. These observed species can be 
predicted from the equilibrium chemistry of the ash for­
mation at the appropriate temperature and pressure [8]. The 
ash tends to adhere to the aerodynamic surfaces of the tur-
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Table 1 Typical properties of liquid fuels 

Fuel type 
Specific gravity, 100°F(38°C) 
Viscosity, cSt, 100°F(38°C) 
Gross heating value, kcal/kg 
Gross heating value, Btu/lb 
Sulfur, % 
Nitrogen, °/o 
Hydrogen, % 
Ash (fuel as delivered), ppm 
Ash (inhibited), ppm 
True metal contaminants 

(untreated) 
Sodium 
Vanadium, ppm 
Lead, ppm 
Calcium, ppm 

True distillates 

Kerosene 
0.78/0.83 
1.4/2.2 
10,700/10,950 
19,300/19,700 
0.01/0.1 
0.002/0.01 
12.8/14.5 
1/5 
-

0/0.5 
0/0.1 
0/0.5 
0/1 

No. 2 
distillate 

0.82/0.83 
20./4.0 
10,500/10,950 
19,000/19,600 
0.1/0.8 
0.005/0.06 
12.2/13.2 
2/50 
-

0/1 
0/0.1 
0/1 
0/2 

Ash-bearing fuels 
Blended 
residuals 

and crudes 
0.80/0.92 
2/100 
10,500/10,900 
19,000/19,400 
0.2/3 
0.06/0.2 
12.0/13.2 
25/200 
25/250 

1/100 
0.1/80 
0/1 
0/10 

Heavy 
residuals 

0.92/1.05 
100/1800 
10,150/10,500 
18,300/18,900 
0.5/4 
0.05/0.9 
10/12.5 
100/1000 
100/7000 

1/350 
5/400 
0/25 
0/50 

bine, resulting in a loss of power [2,3]. This deterioration 
eventually necessitates off-line maintenance for deposit 
removal. 

The loss of power due to the ash deposits is the combined 
result of two effects. The first and most obvious is a reduction 
in the gas flow resulting from the physical and aerodynamic 
restriction imposed by the deposits on the gas path. This 
restriction is generally observed as an increase in the turbine 
inlet pressure and can be correlated in terms of a corrected 
mass flow parameter. Turbine simulator tests have been used 
extensively to study this phenomenon [6,7,9,10]. The second 
effect leading to a loss in net power output is the decrease in 
the specific work output of the turbine due to a decrease in the 
gas turning and the turbine efficiency [3,11]. This effect is 
difficult to study experimentally due to the extreme gas path 
conditions. 

Experimental investigations of gas turbine ash deposition 
have been very helpful in the study of the fouling effects as 
well as of the ash character and morphology. Most of the 
investigations have been carried out in turbine simulators, 
designed to duplicate the hot gas path temperatures, 
pressures, and aerodynamics as closely as deemed necessary 
without the expense of using a full engine test. A description 
of some recent investigations involving the use of turbine 
simulators may be found in [4-7, 9, 10, 12]. The heavy liquid 
fuels used in these tests are also simulated by introducing 
additives to No. 2 distillate in the desired amounts. This 
enables accurate monitoring of the contaminant levels and 
eliminates the impracticality associated with storing and 
handling the many variations of research fuels [4]. Both 
water-soluble [4,6,7,9,10] and oil-soluble [5,12] additives 
have been used successfully in simulating turbine fuels. 

In addition to the aerodynamic degradation of the turbine 
gas path by the ash deposits, there are other important effects 

which should be considered. One of these is the effect on the 
gas turbine heat transfer. As ash deposits form on the gas 
path surfaces, the heat transfer characteristics have been 
shown to change due to the roughness of the ash surface 
(tends to increase heat transfer) and its insulating properties 
(tend to decrease heat transfer). The overall trend between 
cleaning intervals is a net decrease in heat transfer and nozzle' 
metal temperatures [9,12], although during the initial stages 
of ash formation the opposite has been observed [9]. These 
effects are important for several reasons. The life of the 
nozzle is very much dependent on the temperature history of 
the gas path surface. The lower temperatures experienced 
during much of the operational cycle on depositing fuels may 
allow increased component fatigue life, providing surface 
corrosion is controlled. Another aspect often overlooked in 
the ash thermal chemistry models is that, due to the thermal 
barrier effect of the ash deposit, the actual gas path surface 
temperature (that is, the deposit surface) will be much higher 
than at the metal surface of the vanes [9]. The reduction in gas 
side heat transfer in a water-cooled turbine with deposits will 
also have a beneficial effect on the simple cycle efficiency 
(heat rejection from the cycle will be diminished). 

Operational considerations for industrial and utility ap­
plications of gas turbines burning heavy liquid fuels are likely 
to include: (/) the rate at which deposits accumulate in the 
turbine, and (//) how well (and easily) the deposits can be 
removed. The rate of deposition affects both the rate of 
decrease in net power output of the turbine and the rate of 
increase in combustion chamber pressure. Control of the 
latter effect is essential to steady machine operation, since the 
surge margin is decreased by increased discharge pres­
sure. Good correlation has been achieved between turbine 
simulator tests and field operation of gas turbines in this area 
[4]. 

Nomenclature 

A = 
k = 'gas 

L 
'gas 

NAIN 

m„ 

aerodynamic throat area 
thermal conductivity of 
combustion gas 
airfoil chord length 
mass flow rate of com­
bustion gas 
Nozzle Area Index Number 
[Equation (21)] 
stagnation pressure 
heat transfer rate for 
turbine vane 

R --

T --
V --
Z --

7 = 

^ = 

P = 

= gas constant of combustion 
gas 

= Reynolds number 
= stagnation temperature 
= velocity 
= dimensionless heat transfer 

conductance [(Equation (4)] 
= specific hea t r a t io of 

combustion gas 
= a b s o l u t e v iscos i ty of 

combustion gas 
= static density of combustion 

gas 

Subscripts 

L = based on airfoil chord 
length 

ti = turbine inlet condition 
1,2,3 = stations of 1-D heat transfer 

network (Fig. 10) 

Superscript 

* = at the nozzle throat 
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Fig. 1 Turbine simulator

Cleaning procedures for the ash deposits formed in gas
turbines have been evaluated in two categories: (i) those
performed on-line at simulated load, and (ii) those requiring a
shutdown of the turbine engine. Obviously, the on-line
procedures are preferred if they can be applied. These
methods include injection of an abrasive material such as
crushed nutshells or coke. Experiences using state-of-the-art
air-cooled turbine vane designs indicate that on-line
cleanability of ash deposits formed at firing temperatures
below 1255 K is quite good [6]. Recoveries in effective blocked
nozzle area of the order of 50 percent were achieved. At
higher firing temperatures, however, on-line cleaning
procedures attempted have shown a varied degree of success
[7]. Off-line cleaning has shown consistent success at all firing
temperatures (usually a water-wash, soak, and restart
sequence), and standard procedures have been developed for
implementing these techniques [4]. The removal of ash is
accomplished off-line due to a softening of the water-soluble
MgS04 ash component during the water-wash and soak
sequence followed by a combustor refire. This procedure
naturally results in an operational expense and a loss in
availability during cleaning. The development of effective on­
line techniques at higher firing temperatures is thus a high
priority.

The trend toward higher firing temperature has aggravated
the task of maintaining effective operation in heavy fuels
applications. The ash deposits formed at higher temperatures
tend to deposit at a higher rate, to be physically harder, and to
be more difficult to remove than those formed at lower
temperatures [6]. Of particular concern are the newer high­
technology turbine designs being developed for the higher
temperature applciations. A number of the more thermally
efficient air-cooled nozzle designs contain a large number of
film cooling holes, particularly in the critical leading edge
region [12,13]. These holes are especially sensitive to plugging
by the ash deposits [12]. A possible solution to the problem is
a water-cooled gas turbine. An active development program
in water-cooled gas turbine technology has been underway for
some time by the General Electric Company [14]. Included in
this program is a task involving the application of heavy
liquid fuels to water-cooled turbines. Some preliminary work
in this area has been presented previously [9,10]. The
potential advantages of water cooling cover a broad spectrum
of economic and technical objectives including: (i) fuels
flexibility with uninterrupted growth in plant efficiency, (ii)
improved reliability through reduced metal temperatures and
increased corrosion resistance, and (iii) low temperature
airfoil surfaces which have demonstrated total on-line ash
cleanability at full-fired conditions. Analysis of ash samples
removed from the water-cooled nozzle reflect a softer, more
friable water-soluble ash than that recovered from similar air­
cooled tests.

Journal of Engineering for Power

Fig. 2 Turbine simulator test cell

Fig.3 Water·cooled turbine nozzle sector

Experiments

Test Systems and Apparatus. The primary research
vehicle used for heavy fuels testing is a high-pressure high­
temperature test rig known as a turbine simulator [6,9,10]. A
schematic showing its principal features is shown in Fig. 1.
The design philosophy of the turbine simulator is to simulate
kinematically and dynamically as closely as possible, given the
constraints of the test system, the hot gas path conditions of a
prototype first-stage gas turbine nozzle. The simulator shown
in Fig. 1 operates at a design pressure of 6 atm and has been
operated at turbine inlet temperatures up to 1540 K. The main
air enters the simulator at the top of the pressure vessel from a
supply system at 6 atm pressure and 560 K temperature. The
air supply system includes two 600 kW reciprocating air
compressors and a nonvitiating gas-fired air preheater. An
exhaust back-pressure valve allows control of the nozzle
expansion ratio, which is generally set at about 2.0 to ensure
sonic conditions at the nozzle throats. Figure 2 shows the
turbine simulator test cell.

The turbine nozzle sectors used in simulator tests are four­
vane, three-throat annular cascades, generally fabricated
from cobalt-base alloy castings. For this program, a special
sector of Inconel alloy 718 was cast, STEM-drilled, machined,
and electron-beam welded to form a monolithic, water-cooled
nozzle sector. The finished product is shown in Fig. 3. Figure
4 shows the mounting and cooling circuits at the nozzle sector.
A design goal for this nozzle was to keep peak metal tem-
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(3)

Table 2 Test fuel contaminant levels
Vanadium 100 ppm
Magnesium 300 ppm
Sodium I ppm
Calcium 10 ppm
Sulfur 0.5 %

Table 3 Nominal test conditions

Test designation 1 2 3 4
Program test 2 5 6 7
Firing temperatureO(K) 1283 1394 1394 1394
Turbine inlet temperature (K) 1317 1428 1428 1428
Average metal temRerature (K) 672 728 728 617
Reynold's number, b 1.9 1.7 1.7 0.8Re'LxlO- 6

Test duration (hrs) 64.7 48.4 22.3 61.5

°Defined as the average gas temperature leaving first-stage nozzle
bUsing free-stream throat conditions and airfoil chord length

peratures below 810 K at the peak design turbine inlet tem­
perature of 1420 K. By way of comparison, an air film-cooled
nozzle used in tests at similar conditions experienced peak
metal temperatures in excess of 1100 K. The vanes of the
monolithic nozzle were cooled by radial, parallel-flow water
channels. Spatial variations in the vane surface temperature
of the order of 250 K are a consequence of the design and
material properties.

The test fuel used in this program was a simulated residual
oil specified by EPRI. The contaminate level specifications of
this fuel are given in Table 2. Since the pressure in the turbine
simulator is only one-half the rated pressure for the
prototype, both the contaminant levels and corrosion
inhibitor injection rates were adjusted to ensure proper
simulation of the ash throughput and chemistry in the
combustion products [15]. Distillate No.2 fuel oil was used,
and various compounds were introduced in oil- and water­
soluble forms to simulate the desired contaminant levels.
Magnesium sulphate, vanadium sulph~te, and sodium
chloride were dissolved in a water solution which was then
blended with the fuel at a proportion of approximately 2
percent volume. Oil-soluble calcium naphthenate and carbon
disulfide were added by separate metering pumps.

Test operation and data acquisition were performed by a
computer-based test management system. This system
allowed hands-off, around-the-clock operation of the test
facility in addition to providing rapid data logging and on-line
data reduction. The analyses of ash samples performed
through wet chemistry, photomicrographs, and the scanning
electron microscope have been integrated with test data and
post-test observations to provide morphology as well as
property data which support increased on-line c1eanability
experience on the water-cooled nozzle.

Results and Discussion

As noted previously, four turbine simulator tests have been
performed to date using the water-cooled turbine sector, as
shown in Table 3. Three different test conditions are
represented. These are best expressed in an aerothermal sense
by airfoil Reynolds numbers given in the table, calculated
using the equation

Ret =p' V'LIp.' (1)

Since the turbine nozzle is operated in the choked (sonic)
condition, the Reynolds number given by equation (1) is solely
a function of the nozzle inlet temperature and pressure. The
nozzle inlet temperature is calculated using the measured fuel
and air flows to the rig and the combustor inlet condition. The
calculated gas temperatures were independently verified by a
nozzle inlet temperature traverse probe and through an
analysis of the free oxygen content in the exhaust gases. The
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Fig.4 Nozzle sector mounting and plumbing assembly

nozzle inlet total pressure was taken as equal to the measured
static pressure in the combustor liner head end.

Ash deposit accumulation rates along the nozzle
aerodynamic surfaces over the range of Reynolds numbers
have been shown to be largely dependent on the ash flux and
turbine firing temperature. Ash physical characteristics
derived through post-test ash analysis and on-line heat
transfer measurements correlate well with airfoil surface
temperature and location. Inadvertent ash shedding and
active on-line cleanability have shown a strong dependence on
reduced surface temperatures achievable through water
cooling [4,6,7,10]. As can be observed from Table 3, two
different gas temperature and three different metal tem­
perature levels were studied during the test series.

Throat Area Degradation and Recovery. The single most
important result parameter characterizing ash accumulation is
the mass flow capacity, sometimes referred to as the nozzle
area index number (NAIN), and given by the equation

NAIN=mgas..JT";;IPti (2)

Note that equation (2) is a simplified version of the equation
giving the throat area for a sonic isentropic nozzle,

~+I I

A*= mgas [RTti ('Y+ I ) "0 ] --;
Pti 'Y 2

In a turbine simulator test where ash deposits are fouling the
gas path, a quantitative assessment of the degree and rate of
blockage can be gained by observing changes in the above
quantities. Either quantity may be used; however, in tests at
significantly different gas temperatures, equation (3) is
preferred as variation in gas properties may be properly
accounted for through the specific heat ratio, 'Y. In addition,
the "effective'" area, A *, is a meaningful physical parameter.
For these reasons, the "effective" throat area, A *, will be
used in this report as the measure of ash deposit accumulation
or flow blockage.

In similar turbine simulator tests involving air-cooled
nozzles, the effective nozzle area has been found to decrease
at a more or less constant rate [6,7]. In order to make an
objective evaluation of the rate of ash accumulation, it has
thus become the practice to fit a straight line through the data
obtained during periods of steady ash deposition. The "ash
deposition rate" is then expressed using the slope of this line.
In this report, rates will be computed in terms of the percent
decrease in the effective nozzle throat area per 100 hrs of
testing. Removal of ash from the nozzle results in an effective
increase in the throat area. The magnitude of the recovery will
be expressed relative to the blocked area just prior to that
point in the test. Straight-line correlation of the throat area
data before and after the recovery event will be used primarily
for ease in computation.
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Fig. 8 Test 4 throat area history 

The nozzle throat area histories for the four turbine 
simulator tests described previously are shown in Figs. 5-8. In 
each case, the area is normalized using the value for the clean 
nozzle. 

Consider first Fig. 5, which shows the throat area history 
for the first of the four tests. From the plot, one observes two 
distinct periods of steady ash deposition separated by a 
pronounced throat area recovery. The effective area increase 
in this instance was due to a spalling of the ash deposit just 
after a sudden momentary increase in the turbine inlet 
temperature. 

"Thermal excursions" are rare under computer-automated 
controlled operation; however, during manual control, when 
air flow and fuel flow rates are being adjusted by way of 
remote-controlled valving, the sequence may be somewhat 
out-of-phase, which produces a transient in gas tem-
perature-in the case of the first test, an increase in tem­
perature of approximately 75 K at the 45-hr point. A 
significant change in low temperature ash character relative to 
typical air-cooled nozzle testing was revealed and later 
supported by follow-on testing. Nozzle metal temperature 
data were used to identify particular locations where ash 
fracture and subsequent shedding occurred [9]. 

Using the least squares method of analysis, straight lines 
were fit through the data in the two steady periods of 
operation. These lines are plotted in Fig. 5. The throat area 
recovery, which occurred approximately 45.4 hrs into the test, 
is shown as a vertical broken line. Note that the recovery 
represented by the broken line is not as large in magnitude as 
the recovery to the largest effective throat area actually 
achieved after the thermal excursion. The local ash deposition 
rate immediately following the excursion is very high for a 4-
to 6-hour period, followed by a rate very close to that 
originally observed. Flow distribution through the nozzle 

passage has undoubtedly been upset and is reflected in an 
abnormal local ash accumulation rate. For this reason, it is 
felt that the recovery represented by the broken line gives the 
best quantitative assessment of the throat area recovery. The 
ash deposition rates before and after the thermal excursions 
were calculated to be 11.4 and 13.6 percent, respectively, per 
100 hrs. The throat area recovery due to the mild thermal 
excursion was an appreciable 43 percent. 

The throat area history for the second of the four tests is 
shown in Fig. 6. Three periods of steady ash deposition and 
two area recovery events are shown. Ash removal was again 
due to thermal excursions. The nature of each excursion, 
however, was somewhat different. The first, which occurred 
approximately 9.9 hrs into the test, was similar to the event 
reported previously in the first test where air valve response 
lagged fuel flow to provide the increased fuel/air ratio, 
temperature, and pressure. The second excursion at the 35-hr 
point resulted from a momentary decrease in the combustion 
air flow, which resulted in a higher fuel/air ratio and thus 
higher temperatures. The actual temperature levels reached 
cannot be determined; however, in all likelihood, 1550 K gas 
temperatures were attained for a fraction of a second. This 
type of thermal excursion varies markedly from the previus 
type in that it was accompanied by an abrupt pressure 
decrease. In addition, the elapsed time was considerably less 
in the second case. A demonstration of low temperature ash 
deposit strength at the metal-ash bondline and within the ash 
layer at a firing temperature of 1394 K reveals a quality which 
will later be exploited to improve on-line cleanability. 

The straight-line approximations for the throat area are 
shown in Fig. 6. The ash deposition rates for the three periods 
were 31.3, 42.5, and 69.9 percent, respectively, per 100 hrs, 
with intermediate throat area recoveries of 68 and 55 percent. 
Test data support the association of ash particle accumulation 
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Fig. 10 One-dimensional heat transfer network 

rates which change in passage aerodynamic behavior [17]. 
Redeposition rates on a partially cleaned surface reflect the 
importance of establishing on-line cleaning methods which 
alleviate major aerodynamic disturbances. 

The actual objective of performing the first two tests was to 
establish ash deposition rate trends at two different firing 
conditions. In retrospect, much of the significant data was 
made available through computer data storage of system-
excited events. Following each of the first two tests, the ash 
deposits were water-washed at low air flow in an unfired 
mode and allowed to soak for a period of approximately 30 
min. The simulator was then refired to evaluate the ash 
removal. In each case, complete aerodynamic recovery was 
noted, and a visual inspection after shutdown revealed 
complete removal of ash. These results are somewhat more 
favorable than those obtained on more conventional air-
cooled turbine nozzle designs [7]. 

In the third test, active on-line ash removal at full-fired 
conditions was attempted. The technique used was the in­
jection of crushed walnut shells into the secondary zone of the 
combustor (see Fig. 1). Two charges (approximately 4 kg 
each) of No. 16 mesh shells were injected using compressed air 
with a 30-min interval between injections. 

The ash deposition and on-line cleanability results during 
the third test may be seen in Fig. 7. The effective throat area 
recovery, as the result of nutshell injection 17.7 hrs into the 
test, is clearly evident. The ash deposition rates before and 
after the nutshelling were calculated to be 44.5 and 44.8 
percent per 100 hrs, with a throat area recovery of 39 percent 
due to the cleaning. Comparable deposition rates before and 
after on-line cleaning attempts would appear to reflect an 
overall similarity in aerodynamic behavior with an increased 
passage area unlike the local ash fracture and shedding 
previously discussed. An improvement in area recovery 
beyond the 39 percent must certainly be maintained as an 
objective. 

The fourth test in the program was planned with two ob­
jectives in mind. The first concern was to investigate the effect 
of reduced nozzle surface temperature on ash deposition. A 
lower nozzle surface temperature was attained by operating 
the turbine simulator at 3 atm pressure rather than the usual 6 
atm. This effect could not be achieved simply by increasing 

the coolant flow rate because of the heat transfer charac­
teristics of the nozzle and of the coolant (water). The reduced 
pressure resulted in lower nozzle heat flux and hence lower 
surface temperatures. The second major goal was a more 
extensive investigation of on-line cleanability at these lower 
ash temperatures. 

The throat area history for the fourth test is shown in Fig. 
8. The data during the first 26 hrs of testing reflect ash ac­
cumulation rates at a reduced ash loading level relative to the 
previous testing. Spontaneous shedding of a substantial 
portion of the accumulated deposit followed an increase in the 
ash loading rate at the 22-hr point. A search for the cause of 
the disbond in the data records was not rewarded, indicating a 
likely shift downward in ash bond strength and toughness at 
reduced surface temperaures. 

Ash accumulation was allowed to proceed for 4 hrs, when 
an attempt was made to restore the effective nozzle area and 
to test for improved aerodynamic behavior. The same nut­
shell procedure used in the third test was employed. The 
nozzle throat area recovery was not complete, as can be seen 
in Fig. 8. At this point, 26 hrs into the test, the throat area was 
0.5 percent less than that measured for the clean nozzle. From 
this point to the conclusion of the test, there are four distinct 
periods of ash deposition interrupted by three area recovery 
events. 

The first two periods of ash deposition were of 13.0 and 7.3 
hrs duration, respectively. At a point 39.4 hrs into the test, the 
deposit was nutshelled. A procedure similar to that described 
above was used, except that No. 4 mesh nutshells were used in 
place of the smaller No. 16 nutshells used previously. The 
deposit rates for the two periods were 21.6 and 28.4 percent 
per 100 hours, with an effective throat area recovery of 95 
percent. 

Ash flux levels were increased to 100 percent engine levels, 
adjusted for nozzle mass flow at 3 atm prior to the next on­
line cleaning attempt. 

The deposit was nutshelled 47.7 hrs into the test using the 
smaller No. 16 mesh shells. A throat area recovery of 58 
percent was observed. 

A comparison can be made between identical on-line 
cleaning attempts on partially blocked nozzle passages at 3 
atm versus 6 atm pressure considering tests 3 and 4. Natural 
expectations were that nutshell acceleration and impact 
energy would be increased with increased drag capability at 6 
atm, and yet it would appear that reduced ash strength in 
terms of hardness and ash-metal bonding at lower surface 
temperatures was an overriding variable. 

Deposition testing continued to explore the influence of 
combustor operation on accumulation rates. This period was 
interrupted at 56 hrs by a partial shedding of the deposit 
caused by remote manual adjustments in fuel atomization. 
Despite a careful attempt to retain collected ash deposits 
intact on the nozzle surface during shutdown, fracture of the 
pressure side layer was evident during post-test inspection. 

Heat Transfer Results. The monolithic water-cooled 
nozzle sector used in the test program was instrumented with a 
number of imbedded thermocouples which provided vane 
surface temperature histories. In addition, the water flows 
through the individual vanes were monitored to determine the 
heat loadings. These temperatures and heat loads provided 
input data for heat transfer analyses of the ash deposition 
process. 

Figure 9 shows the nozzle sector geometry along with the 
thermocouple locations. 

The general trends of nozzle temperatures during an ash 
deposition test were as follows: 

1 During the initial stages of a test, the temperatures were 
observed to increase. This phenomenon has been attributed to 
the increased surface roughness of the developing deposit. 
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2 As the deposit became well developed, a decrease in
temperatures was observed. This effect is clearly due to the
thermal resistance of the ash layer.

3 Local shedding of the ash layer was noted to cause sharp
increases in temperatures. Loss of the insulating layer is
undoubtedly the major contributing factor; however,
prominent flow disturbances are likely to cause increases in
heat transfer.

A study of the temperature history at each of the various
thermocouple locations has yielded insight into the local ash
deposition behavior. In particular, the chronology of the ash
formation may be observed, and the local effects of ash
removal events are revealed.

In order to make objective quantitative evaluations of the
heat transfer effects of ash deposition on nozzle heat transfer,
a one-dimensional network analysis was employed, A
schematic of this network is shown in Fig. 10. Surface effects
were evaluated by changes in dimensionless circuit "con­
ductance" defined by

(4)

Note that no attempt is made to separate the heat flow in the
individual network paths. The conductance value defined by
equation (4), although not exact, provides a better relative
measure of gas path surface effects than the surface tem­
perature, T 1 , alone. The value of the conductance is in­
fluenced by the gas path surface resistance and the thermal
barrier of the deposit layer.

Typical behavior of the conductance variable in a test is
shown in Fig. II, taken from the first test. The data are
normalized using the clean nozzle value. The typical trends
noted previously are all apparent in the plot. Note the sharp
increase in the pressure side heat transfer fuel to the thermal
excursion induced fracture of ash-metal bond followed by the
local, dramatic shift in heat flux.

Some of the more interesting heat transfer effects observed
in the ash deposition tests are summarized below:

I The trend of initially increased conductance and decrease
was noted at all locations on the nozzle. The effect was much
less pronounced, however, on the suction surfaces. The initial
"peaking" of the conductance was observed to occur first on
the suction surface, then on the pressure surface.

2 The relative reduction in conductance for a well­
established ash deposit was somewhat greater for the suction
surfaces than for the pressure surfaces.

3 Spontaneous increases in conductance were noted at
several points, apparently indicating a localized removal of
ash deposit. Many of these events were not sufficient to effect

Fig. 13 Pressure side ash deposit, test 4

a noticeable increase in effective throat area three-
passage nozzle.

4 Ash removal by nutshelling resulted in pronounced
increases in conductances at all locations.

5 Ash removal due to thermal excursions resulted in
conductance increases exceeding the increases observed
during nutshelling.

6 For given levels of throat area plugging, the ash layer
conductance for the second and third (higher firing tem­
perature) tests was somewhat greater than for the first test.
This would seem to indicate a higher ash conductivity,
assuming a similar deposit thickness. .

7 The trend of initially increasing conductance early in the
tests was noticed to be occurring more quickly but to peak at
lower magnitudes in the higher temperature tests.

Ash Sample Analysis

A number of ash samples are commonly taken at the
conclusion of each test together with color photographs of the
nozzle sector to aid in integrating the microscopic findings to
the actual nozzle surface location. The history and analysis
results of a particular ash sample taken during test 4 should
illustrate the variety of analyses performed and lend an in­
sight into the ash structure and properties.

The turbine simulator was shut down with approximately 4
percent of the effective throat area blocked. Nozzle high
pressure cooling water circulation was stopped to prevent ash
hydration prior to the deposit distribution and thickness
inspection.

Figure 12 shows a view of the water-cooled nozzle throat
region 20 min after an off-line hydration cleaning experiment
was initiated. Note the pressure side section of ash which had
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Fig.14 Ash cross section with polarized light

Fig. 15 SAM ash exterior surface (70X)

Fig.16 SEM ash interior surface (1000X)

become disbonded from the wet nozzle surface. The renewed
circulation of cooling water in the nozzle caused surface
temperatures to drop below the dew point. Hydration of the
water solubles is evident within minutes, particularly in the
low ash density areas.

The dis bonded section of ash was picked from the passage
and retained for analysis. Figure 13 shows the outer surface of
the dry ash sample just prior to the analysis. In appearance,
the deposit outer surface was tan-brown while the interior
surface had a distinct grey tinge. Small clusters of white
crystals, 1 or 2 mm in diameter, were scattered on the outer
surface. Three small powder samples were taken by scraping
and subjected to x-ray diffraction for identification of
compounds. Samples were as follows:

1 Small white crystals on exterior surface
2 Tan-brown powder on exterior surface

104/VoI.105, JANUARY 1983

Table 4 Ash x-ray diffraction results pressure side sam-
ple-test 4
Amount of (I) (2) (3)
compounds White Tan-brown Grey

detected crystals exterior interior
Major MgS0 4,7H 2O MgO MgO
Minor

MgS04'7H 2O
Trace MgO Mg 3V2Oa

MgS04· 6H 20

3 Grey powder on interior surface

The results of the analysis are shown in Table 4, indicating
that the bulk of the deposit was MgO with traces of
Mg 1V 20 a. The white magnesium sulfate crystals were likely
caused by the hydration of MgS04 to form MgS04. 6H 20,
which moved through the ash deposit pores by capillary
action. Evaporation of some of the water on the surface left
MgSO I • 7H 20 crystals, which had carried a trace of MgO out
of the structure. A typical cross section is shown in Fig. 14
using polarized light. At the bottom of the photograph is the
grey interior surface of the deposit while the tan exterior and
white crystal module is shown at the top. The probable porous
path for the solution of MgS04. 7H 20 is plainly seen from
lower left to upper right. The structure is not uniform and
contains many pores throughout.

An SEM photograph was taken of the outer surface at 70X
(Fig. 15). The rough brown exterior relative to the smoother
grey interior reflects the erosive relative to the smoother grey
interior reflects the erosive nature of heavy fuels particle
deposition along the leading edge and pressure surface of
stage I nozzles. A 1000X SEM photograph of the grey interior
surface which had disbonded from the nozzle pressure side is
shown in Fig. 16 to contain a range of particles below 10
micrometers in diameter.

Discussion

The water-cooled nozzle throat area plugging rates ob­
served have demonstrated the marked influence of increased
combustor exit temperatures. Similar results have been shown
on companion tests using an air-film cooled nozzle sector.

Ash cleanability characteristics observed in the water­
cooled nozzle tests differ markedly from those of previous air­
cooled tests. The ash deposits appeared to be much more
sensitive to operational disturbances and were more easily
removed, both off- and on-line, than deposits observed in air­
cooled tests. The apparent explanation for this is that the
lower metal surface temperature of the water-cooled nozzle
results in the formation of ash with a lower bonding strength
at the ash/metal interface. Stresses imposed by thermal
shocks or impact of abrasive material are thus more likely to
exceed this lower bonding strength and'fracture the deposit.

Some of the heat transfer observations made during the
tests were very intersting and, in addition, provided support
for explanations of other phenomena. For instance, it was
noted that the surface conductance of the vane increased
initially due to roughness, and then decreased as an insulating
ash layer formed. The heat transfer augmentation effect was
not as pronounced, however, on the suction surfaces of the
vanes. Physical observations of the ash deposit made after the
tests revealed that the suction surface deposits were indeed
much finer than those on the pressure surfaces and at the
leading edge. The difference is somewhat due to erosion of the
ash along areas where inertial impaction plays a strong role,
while other mechanisms, such as diffusion or eddy impaction,
may predominate along the suction surface [16,17]. In ad­
dition, physical observation of the ash layer thickness, along
with the conductance calculations, allows one to estimate the
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conductivity of the ash formed [9]. The conductivity for the 
suction surface ash was found to be much lower than for the 
inertial impaction region, indicating a less dense deposit. 

The conductivity of the ash formed at the higher tem­
perature was apparently greater than that formed in the first 
test. This may be due to the higher gas momentum resulting in 
a more densely packed deposit, or possibly to a change in the 
physical character of the ash at the higher temperature. The 
airfoil aerodynamic state certainly has been shown to play a 
major role in local ash accumulation rates. 
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Conclusions 

From a preliminary assessment of the ash deposition rate 
data, on-line cleaning attempts, nozzle inspections, and ash 
analysis on the four water-cooled turbine nozzle tests per­
formed thus far, the following conclusions are drawn: 

1 Ash deposition rates increase with increasing turbine inlet 
temperatures. 

2 The effect of airfoil surface temperature on net ash 
accumulation rate would appear quite narrow at present-day 
heavy fuels firing temperatures; however, at increased firing 
temperature, the variance is broadened. 

3 Several important factors apparently affect the rate of 
ash deposition on a surface of given geometry aside from the 
ash species and loading. The gas and surface temperature 
effects have been discussed. Particular consideration must be 
given the aerodynamic state of the surfaces when incomplete 
cleaning or partial shedding has taken place. 

4 Ash cleanability is dramatically enhanced by the lower 
surface temperatures at the ash/metal interface in the water-
cooled turbine nozzle. 

5 Alternative on-line cleaning techniques such as thermal 
excursions and nutshelling appear to offer promise for ap­
plication in prototype water-cooled turbines using heavy 
fuels. 

6 Use of a simple heat transfer model to assist in data 
reduction can lead to increased insight into the localized in-
situ ash behavior during its formation and removal. 

7 Ash analysis of samples removed from the nozzle after 
testing has determined that the composition contains 
magnesium compounds both water soluble and nonsoluble in 
a porous matrix of wide-ranging density. The presence of 
weaker bonded and more friable MgS04 found along the 
nozzle-ash interface supports the shedding sensitivity to 
thermal excursions, as well as a susceptibility to hydrate 
quickly upon shutdown. 
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Two-Phase Transpiration Cooling 
Two-phase transpiration is shown to possess considerable potential for gas turbine 
cooling. In this concept, water fed into a porous component boils within the wall. 
The resulting steam issues from the hot surf ace forming the transpiration film. A 
model for the performance of such a system is developed. Assuming constant 
properties and a linear reduction of Stanton number with transpiration rate, closed-
form solutions are obtained. The governing dimensionless parameters are iden­
tified, the system behavior predicted, and the modes of operation delineated. Those 
are defined as two-phase, partially-flooded, and completely-flooded modes. At low 
values of a certain "modified Peclet number," the two-phase mode is unstable and 
the system tends to flood. Large values of this parameter indicate stable, well-
regulated behavior. Discussions on gas turbine applications are presented. A typical 
numerical example is given in the Appendix. 

Introduction 

Historic Note. The concept of "sweat cooling", the use of 
a transpired evaporating liquid film to cool a surface is quite 
old. According to Grootenhuis [1], it was first proposed by H. 
Oberth in 1929 in connection with cooling rocket engines. 
Experiments on an oxygen sweat-cooled rocket nozzle were 
performed by Goddard who obtained a patent in 1928 [2]. 
Moore and Grootenhuis first suggested its use for gas turbine 
cooling in 1946 [3]. 

Historically, the gas turbine has been developed primarily 
for aircraft propulsion. As firing temperatures increased 
more sophisticated cooling technologies evolved. The 
requirements of simplicity and light weight made the use of 
compressor air as a cooling medium an obvious choice. This 
was first used as an internal convection coolant, followed by 
the development of state-of-the-art film injection cooling. To 
realize a more efficient use of compressor air, full-coverage 
film cooling and air transpiration using porous blades were 
proposed. The latter is currently under industrial development 
[4-6]. Although this effort is directed at utility-type turbines, 
it is the author's opinion that this technology may eventually 
be applied to aircraft gas turbines. 

More recently, a need has arisen for durable, high-
temperature gas turbines to operate in combined gas/steam 
cycle plants. Low metal temperatures are desirable to 
minimize corrosion due to sulfur and alkali metal compounds 
present in residual oil, coal, or coal-derived fuels. The 
requirement of increased gas and reduced metal temperatures 
necessitates more effective cooling systems. Water-cooling is 
one solution. 

Since the 1940s a large variety of water-cooling schemes 
have been proposed and tested. They include closed forced 
convection, thermosyphons, and open-loop systems. 
References [7] and [8] provide a review of those schemes. A 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 7, 1981. Paper No. 82-GT-89. 

recent program to develop an open-loop water-cooled turbine 
is in progress [9,10]. 

Potential of Two-Phase Transpiration. Two-phase 
transpiration cooling, as this paper will show, offers con­
siderable benefits. Compared to an equivalent air tran­
spiration system, these are: 

1 lower coolant transpiration rate which enhances blade 
aerodynamic performance as well as cut back on ther­
modynamic mixing losses; 

2 less work lost to pump the liquid coolant than to com­
press air; 

3 cooling water pressure is no longer limited by compressor 
delivery pressure and may be used to "wash" the porous 
surface and prevent ash deposition. 

Comparing two-phase transpiration to open loop water-
cooling reveals the following advantages: 

1 Lower water requirements, typically less than 1/3 of that 
for an open loop system1 

2 Smaller water pumping work penalty in the rotors 
3 Substantial reduction of the "quenching" ther­

modynamic loss due to mixing coolant and hot gas. This loss 
may be considerable in an open-loop turbine [11]. Since in 
transpiration the coolant is discharged as superheated vapor 
at a lower flow rate this loss is cut drastically. 

4 Freedom from critical heat flux constraints [12] 
A major incentive to study two-phase transpiration cooling 

is the thermodynamic benefit if fuel could be used as the 
transpiration coolant. This avoids any gas quenching losses 
and enables the expansion to approach isothermicity. 
Moreover, the effectiveness of the cooling system allows the 
continuous reaction through such a turbine to be maintained 
at a very high temperature. The elevated temperature reduces 
the difference in Gibbs Free Energy between reactants and 
products associated with combustion at a lower temperature. 
In the limit where the combustion reaction is carried out near 
its equilibrium temperature, the turbine approaches the 
reversible conversion of fuel availability to mechanical work. 

This is shown in Appendix C. 
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This limit can only be approached during part of the cycle and 
to a degree consistent with a realistic reaction rate. Con­
siderable further study of this concept and its associated 
coupling of mechanical, thermodynamic, and kinetic con­
straints is required. 

The primary disadvantages of two-phase transpiration are 
the structural difficulties due to the large differential pressure 
imposed upon the porous structure and the need for high-
purity water to prevent mineral deposits from plugging the 
porous wall. The latter problem may be less severe if the 
system is operated in the partially-flooded mode as discussed 
later. Another major disadvantage is the uncertainty due to 
lack of data on this system, the potential for unstable 
operation particularly during transients, and the need to 
develop novel materials. 

Perspective of Work. The heat transfer problem in a 
transpired wall is composed of two matched subproblems: the 
internal heat transfer between the coolant and the porous 
wall, and the interaction of the transpired stream with the 
external boundary layer. 

The internal problem with a single-phase coolant is 
discussed in [1] and [13]. With a two-phase coolant, Koh and 
del Casal [14] presented internal temperature distributions for 
the case of a given external heat flux. Rubin and Schweitzer 
[15] solved the problem for a given external wall temperature 
or given external heat flux. They showed that the latter 
possesses three possible solutions, two stable and one un­
stable. 

Considerable research has been done on the external heat 
transfer problem, the transpired boundary layer. An excellent 
comprehensive review is given by Jeromin [16]. 

In this paper the two problems are combined using a simple 
model to describe their interaction. The basic relations 
describing the performance of the composite problem are set 
forth. The operating regions and essential features of this 
system are defined and discussed. 

Analysis 

Model Physical Description. Figure 1 shows a section 
through the transpiration-cooled wall. A hot gas stream of 
adiabatic wall temperature, Tg, and static pressure, pg, flows 
along its external surface at a moderate Mach Number. To 
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cool the wall, subcooled liquid is provided at its internal 
surface from a reservoir at a pressure p0 > pg. The coolant 
temperature is T0 at a large distance from the wall. The 
pressure difference drives coolant across the wall at a mass 
flux, G. 

Under certain conditions, discussed later in this paper, the 
situation depicted in Fig. 1 prevails. The liquid flowing into 
the wall boils at a certain location x = I. The vapor generated 
at the boiling plane continues across the wall and transpires 
through the hot surface. 

In such a system, for a given set of physical dimensions and 
property values, the externally imposed parameters are the 
driving pressure difference (p0-pg) and the hot gasstream 
conditions and temperature, Tg. The system responds to those 
parameters by having a certain coolant flow rate, G, and 
corresponding values of the boiling length, /, and the wall 
surface temperature, Ts. 

The nonlinearity of the system, i.e., the possibility of 

Nomenclature 

a = permeability of prous matrix 
(s) 

a = ratio of vapor to liquid per­
meabilities 

B = blowing ratio, defined in 
equation (12) 

b = injection parameter, defined in 
equation (11) 

Cp = constant pressure specific heat 
(J/kg-K) 

G = mass flux (kg/m2-s) 
H = dimensionless pressure drop, 

defined in equation (22) 
h = heat transfer coefficient 

(W/m2-K) 
ifg = latent heat of vaporization 

(J/kg) 
K = dimensionless pore-geometry 

constant 
k = thermal conductivity (W/m-K) 
L = thickness of porous wall (m) 
/ = boiling length (m) 

/ = dimensionless boiling length = 
IIL 

M = heat sink number, defined in 
equation (19) 

m = dimensionless parameter, 
defined in equation (25) 

p = pressure (N/m2) 
Ap = pressure drop across wall 

(N/m2) 
Pe = Peclet Number, defined in 

equation (7) 
Pe ' = modified Peclet Number, 

defined in equation (23) 
Pe" = second modified Peclet 

Number, defined in equation 
(31) 

r = characteristic pore radius (m) 
S = boundary layer transpiration 

parameter, defined in equation 
(20) 

St = Stanton Number = h/G, Cp 

St„ = Stanton Number in the absence 
of transpiration 

T = temperature (K) 
T, = temperature at boiling plane 

(K) 
x = length coordinate from surface 

(m) 

Greek 

80 = dimensionless reservoir sub-
cooling, defined in equation 
(18) 

9S = dimensionless surface tem­
perature, defined in equation 
(17) 

v = kinematic viscosity (m2/s) 
4> = heat flux into wall surface 

Subscripts 
g = gas 
/ = liquid properties 

o = reservoir 
v = vapor 
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multiple internal solutions to the same set of externally im­
posed parameters, can be appreciated by noting that the 
solution results from the following physical interactions: 

1 Due to the difference in hydraulic resistance of the 
porous matrix to liquid or vapor phase, a relationship be­
tween transpired mass flux, G, and boiling length, /, exists for 
a given pressure drop. 

2 The internal "Peclet problem" in the porous wall relates 
wall temperature, Ts, saturation temperature, Th boiling 
length, /, transpired mass flux, G, and heat flux into the wall 
surface, 4>. In addition, the Peclet problems for each phase 
should match at the boiling boundary. 

3 The surface heat flux is determined by the gas-to-surface 
temperature difference and an appropriate external heat 
transfer coefficient. The latter, in turn, is a function of the 
transpired mass flux, G. 

In what follows, an elementary model using constant 
properties and simplified relations describing those in­
teractions is presented. This is thought to retain sufficient 
basic features as to shed light on the expected behavior of this 
system. More detailed analysis, including property variations 
and appropriate empirical results for the interaction 
relationships should be performed for any specific design 
situation. 

Model Assumptions and Governing Equations. 

1 The porous matrix is homogeneous. 
2 The flow is steady and one-dimensional. 
3 Properties for each phase are constant. 
4 D'Arcy's law may be used to relate pressure gradient to 

flow rate through the porous matrix. If r characterizes pore 
size, this assumption would be valid if the Reynolds number 
Gr/jt„ < 1. This enables D'Arcy's law to be written in the 
form 

dx 

8vG 

Kr2 (1) 

where the numerical constant, K, depends on porosity, pore 
geometry, and wetting characteristics of the porous body. Its 
value is unity for a single capillary if surface effects are 
neglected. 

Defining the hydraulic permeability of the porous matrix to 
the liquid and vapor phases, respectively, as 

Kr2 

a,= 
8x, 

Kr2 

(2) 

allows the pressure drop across the slab for the case where A" is 
assumed the same for both phases to be written as 

G(L-l) Gl 
Ap = 1 (3) 

In equation (3) the pressure drop due to accelerating the 
coolant at the boiling boundary has been tacitly ignored. This 
may be shown to be valid provided L/r >> vvlvlm addition 
to the previous assumption of small vapor pore Reynolds 
Number. 

5 Changes in saturation temperature due to the pressure 
drop across the slab are small. Hence a constant saturation 
temperature corresponding to the system pressure is used. 

6 The boiling boundary may be treated as a plane of 
negligible thickness rather than a zone of finite extent, 
probably covering a distance of many pore sizes. The in­
fluence of pore curvature on boiling is acknowledged by 
assigning a saturation temperature, T,, to this hypothetical 
plane. 

7 The temperature of the fluid at any point is identical to 
the local matrix temperature. 

8 An effective thermal conductivity, k, assumed constant, 
can be assigned to the porous matrix/fluid combination. 

With the above assumptions we may now solve the internal 
Peclet problem in the wall. For the vapor zone / > x > 0, the 
energy equation 

_ dT , d2T 

•GCp^x=k^xr 
(4) 

can be integrated with boundary conditions 

7X0) = Ts 

T(l) = T, (5) 

the resulting temperature distribution may be used to relate 
the wall heat flux, 4>, to surface temperature, Ts, and boiling 
length, /: 

•>=-k-
dT 

~dx 

GCPv(Ts-T,) 

1 - e - V 
(6) 

where 7 denotes the dimensionless boiling length l/L and Pe 
the Peclet Number, 

G Cp„L 
Pe = (7) 

An energy balance between x = 0 and x = oo may be used in lieu 
of solving the Peclet problems in the liquid zone and reservoir 
and matching them to that for the vapor zone. The result is 
independent of TL and yields 

<t> = G[Cp,(T,-T0)+ifg + Cpu (Ts - T,)\ (8) 

To close the system, we now focus on the external heat 
transfer 

<t> = h(Tg-Ts) (9) 

where the heat transfer coefficient, h, depends on transpired 
mass flux 

h = h(G) (10) 

The form of this dependence is discussed in Appendix I. 
Equations (3, 6, 8, 9, 10) are five equations in the five 
unknowns G, l,Ts, 4>,h. Their simultaneous solution provide 
the model performance. 

Dimensionless Relations and Results. We define an in­
jection parameter, b, as the ratio between transpired and gas 
stream mass fluxes 

b = (11) 

Denoting by bcr the injection parameter which just separates 
the gas stream boundary layer, we define a blowing ratio, B, 
as 

b G 
B=-=— (12) 

b„ Ucr 

The external heat transfer coefficient may be expressed in 
dimensionless form as the Stanton Number 

h = St-GgCpg (13) 

and, following the arguments presented in Appendix A, we 
assume a linearized relation between Stanton Number and 
blowing ratio2 

St = St„( l - f l ) (14) 

Thus relations 13 and 14 are used to imply equation (10). This 
allows the elimination of the unknown heat transfer coef­
ficient from equation (9) in favor of the blowing ratio giving 

<t> = St0(l-B)GgCpg(Tg-Ts) (15) 

Note that St0 and bcr in this relation need not be the actual values, but 
suitable numbers to linearize the Stanton Number - Injection Rate relation 
around the projected operating point. 
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Blowing R a t i o B 

Fig. 2 Reduction of surface temperature by transpiration 

Now the wall surface heat flux, <f>, may be eliminated between 
equations (8) and (15) to yield a relation between the wall 
surface temperature and the blowing ratio 

S(\-B)-MB 
8S=— (16) 

S(l-B) + B y ' 

where the dimensionless wall surface temperature, 8S, 
reservoir subcooling, 80, "heat sink number," M, and 
boundary layer transpiration parameter, S, are defined as 

(17) 

(18) 

M= —^-60 + „ , Jg (19) 

"s Tg - T, 

e T'-T" 
° Tg - T, 

°Pi e , i/i 
CPv "° ' Cpv{Tg-

s_cPg st0 

Cp„ bcr 

~T,) 

(20) 

Equation (16) shows the power of two-phase transpiration 
cooling. It is plotted on Fig. 2 for S = 1/4. Typical of water-
transpired gas turbine conditions as discussed in Appendix I. 
For comparison, the dashed line represents air transpiration 
with S = 1/4 and M - 0, 6S in this situation representing the 
"cooling effectiveness" defined by Bartle and Leadon [17] if 
the air were supplied at a temperature, Tt. It shows that for M 
= 0.5, ds = 0.2, typical of high temperature water-cooled 
turbines3, water transpiration requires less than half the 
blowing ratio, B. The injected mass flux for water would be 
still lower since b„ is less for water vapor than for air. 
Moreover, the surface can be maintained at saturation 
temperature for any gas temperature without separating the 
boundary layer. 

Now equation (16) and Fig. 2 present the wall temperature 
for a given blowing ratio, B. As discussed above, the latter is 
an internal variable, determined by the externally imposed 
parameters, physical dimensions, and properties. To in­
vestigate this relation some algebraic manipulation of 
equations (3, 6, 8, 15) is required to eliminate heat flux, 
surface temperature, and boiling length, leaving a relation 
between blowing ratio (or transpired mass flux) and given 
externally imposed quantities 

B + T+M L 1 + m -Pe'fl _ J (21) 
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Fig. 4 System characteristics for S = 1/4 

where H denotes a dimensionless pressure (or head) drop and 
Pe' a "modified Peclet Number," 

ApCpuav 
H= 

k(\-a) 

?e^^L.K ~a 

l-a 

(22) 

(23) 

a denotes the ratio of hydraulic permeability for vapor to that 
for liquid, which, in view of equation (2) can be approximated 
by the kinematic viscosity ratio 

a = 
i A typical numerical example is given in Appendix B. 

"I (24) 
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Equation (21) indicates that for a given value of S, the 
blowing ratio, B, is a function of Pe ' and a group, m, 

Me" 
m= (25) 

1 + M 
this relation is plotted in Figs. 3 and 4 for values of S of 1/8 
and i /4, respectively. 

Regimes and Modes of Operation. From Figs. 3 and 4, 
three regions may be discerned: 

(0 Pe ' < 4(1 - 5 ) : B is single-valued, moreover, dB/dm < 
0 indicating a reduced pressure drop for increased blowing. 
This is unstable and the system would tend to flood itself. 

(H) 4(1 -S) < Pe ' < 1/S: B is triple-valued, the in­
termediate value falls on a stable positive sloping charac­
teristic whereas the upper and lower values are on an unstable 
negative-sloping portion. 

(Hi) Pe ' > 1/S: B is double valued, with a stable lower and 
unstable upper value. In any practical case, however, the 
system would flood before the upper value is reached. 

Setting dm/dB = 0 gives the equation for the envelope 
enclosing the positive-sloping characteristics shown by the 
dashed lines on Figs. 3 and 4 

S(l-B) 

S + (l-S) BCXP[ 
B 

(\-B)lS+(\S)B\. 
(26) 

eliminating B from (21) and (26) numerically enables this zone 
to be defined on m versus Pe ' coordinates on Fig. 5. 

Two-Phase Range, Flooding. 
15) for /gives 

Solving equations (3, 6, 8, 

/ = r H 
(27) 

(1-tf) LjSPe' 

If / > 1, boiling penetrates into the reservoir and this analysis 
ceases to be valid. The minimum blowing ratio, Bx, for the 
two-phase range is thus 

Bx = aH/Pe' 

which, in view of equation (21), may be expressed from 

l - o 
P e ' 5 , =ln\ 

S ( l + M ) ( l - B , ) 

(28) 

(29) 
a L M[S + (1-S)B]] 

On the other hand, the maximum blowing ratio for two-
phase transpiration, B2, occurs when / = 0. 

B2=H/Pe' =S/(S+M) (30) 

Equations (29) and (30) are plotted on Fig. 6 for S = 1/4. 
They show that the width of the two-phase zone is governed 
by a second modified Peclet Number 

Pe" =(\-a)Pe'/a = bcr'GgCpvL/k (31) 

For B > B2, the flow across the slab is single-phase liquid 
and the pressure drop - flow rate relationship becomes 

H=BPe' (B>B2) (32) 

At blowing rates just above B2, a highly complex situation 
develops. Portions of the transpired liquid may escape the 
wall without evaporation, wasting their latent heat. In this 
case, the boundary condition used at the wall in the preceding 
analysis cannot be satisfied. Partial loss of the evaporative 
heat sink for a given external heat transfer coefficient would 
result in raising the surface temperature above saturation. 
This would drive the boiling boundary back into the wall, 
resulting in recovery of the entire evaporative heat sink, 
lowering the surface temperature and re-expelling the boiling 
boundary. Hence, some unsteadiness is expected at those 
conditions with the boiling plane being bound to the wall 
outer surface. This condition is termed partial flooding. 

At yet higher flow rates, a condition is eventually reached 

1 1 
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Fig. 5 Definition of unstable zone 

5.0 10.0 

Fig. 6 Modes of system operation for S = 1/4 

where sufficient liquid transpires through the wall to keep the 
surface at or below saturation temperatures even if the entire 
latent heat sink is lost to the gas stream away from the wall. 
This situation is termed complete flooding and in view of 
equation (30), prevails at blowing ratios above a certain value, 
B3, defined by 

S 
(33) 

In practice, equation (33) is expected to predict the upper 
bound for the onset of complete flooding, since there will 
always be some evaporative cooling in the gas boundary layer. 
The complete flooding lines are shown in Fig. 6 for different 
values of Cpfi0/Cp„. After complete flooding, the system 
performance is expected to approximate continuous liquid 
film cooling provided the water remains attached to the 
surface [18]. 

An illustration of the system performance for S = 1/4. M 
= 1/2 is presented in Figs. 7, 8 and 9. The three internal 
variables B, ds, and / are plotted against H with Pe ' as 
parameter. For low values of Pe ' , less than 3, the system 
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I ' FLOODING / -

Fig. 7 Blowing ratio versus pressure drop for M = 1/2, S = 1/4 

Fig. 8 Surface temperature versus pressure drop for M = 1/2, S = 1/4 

would suffer an excursion into the flooded mode. The 
blowing ratio would be set by the value of the pressure dif­
ference intersecting the dashed lines at the top of Fig. 7. 
Whether this is complete or partial flooding can be deter­
mined from Fig. 6 depending on the reservoir subcooling. 
Intermediate values of Pe ' indicate poor regulation due to the 
steepness of the curves. The larger values of Pe ' above 20, 
say, show regions where good regulation may be obtained. 
Those would require (1 - a)J/d to be of the order unity or less. 
Figure 10 shows (1 -a)/a for water as a function of system 
pressure. It shows that at typical gas turbine pressures, the 
well-regulated region prescribes values of 7 on the order of 
0.01. 

It is recommended that gas turbine applications be designed 
to operate either partially flooded at low values of Pe ' or in 
the two-phase mode if sufficiently large Pe ' can be realized, 
on the order of 100 or more, say. The problem in achieving 
the latter may be that the necessary thickness, L, would be too 
large for thin blade profiles unless porous materials or very 
low conductivity are available. 

In a gas turbine rotor, the reservoir within the blades would 
have a radial pressure gradient due to rotation, thus the 
pressure difference, Ap, and consequently, H, would vary 
along the blade length. To achieve uniform blowing the wall 
thickness can be tapered providing an increasing Pe ' with 
radius such that 6S or B are maintained almost uniform along 
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Fig. 9 Boiling length versus pressure drop for M = 1/2, S = 1/4 
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Fig. 10 Permeability ratio for water as a function of pressure 

the blade. Figures 7 and 8 can be used to determine the 
necessary taper. 

The problem of rotational pressure gradient may be 
ameliorated by running the reservoir at much higher pressure 
than the gas. Thus the percentage change in pressure dif­
ference may be kept quite moderate. At such conditions, the 
high reservoir pressure achieved by rotation is likely to be 
supercritical. Even then, the analysis presented here is thought 
to be representative. This is because in most practical cases the 
boiling length is so small that the saturation temperature is 
essentially determined by the gas-side pressure. 

Conclusions 

1 Two-phase transpiration has been identified as a 
potentially powerful cooling scheme for gas turbines. 
Moderate blade temperatures may be maintained in very high 
temperature gas streams without separating the boundary 
layer or incurring large aerodynamic or cooling penalties. 

2 A stable well-regulated system is believed to be possible. 
3 Considerable research and development is required to 

address all facets of this system. In view of its advantages this 
may be well justified. 
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Fig. 11 Data compiled by Jeromin [16] from nine sources showing the 
reduction of Stanton Number by air transpiration into a turbulent air-
stream flowing at the indicated Mach Number 

Fig. 12 Data on the reduction of Stanton Number due to transpiration 
of various gases into an airstream flowing at low Mach Number. After 
Romanenko and Karchenko [20]; comparison with air data by Jeromin 
[16]. 

A P P E N D I X A 

The External Boundary Condition 

The transpired turbulent boundary layer has been the 
subject of extensive research. A comprehensive review of the 
field has been given by L.O.F. Jeromin [16]. Figure 11, copied 
from that reference, shows data compiled from nine different 
sources. The shaded bands represent data scatter for each 
Mach Number range. The figure is for air transpiration from 
flat plates as well as cones. 

In this paper, a linear reduction in Stanton Number with 
transpired flux will be assumed. This does not have to be 
regarded as covering the entire range, but may be thought of 
as a linearized portion of the curve near the operating point. 
In any case, a more accurate curve fit or numerical relation 
should be used for any specific situation. Thus, it is assumed 
that 

St 

St7 
= 1-

b 

b„ 
B (Al) 

where b„ is either the critical injection parameter or a suitable 
number to linearize the curve around a certain point. In the 

latter case St0 should be suitably changed from its true non-
injection value. The solid line in the figure implies b„ = 4 
St0, the theoretical value for an incompressible turbulent 
boundary layer as the Reynolds Number becomes infinite 
[19]. 

Where the transpired fluid is different from the mainstream 
the situation is considerably more complex. Generally, a 
lower molecular weight gas would have a smaller bcr since its 
mass flux is smaller relative to its momentum flux. Figure 12 
shows data for three different fluids as obtained by 
Romanenko and Karchenko [20]. The slopes of the data 
bands indicate values of b„/St0 of 1, 3.8 and 7.2 for He, 
C 0 2 , and Refrigerant 12, respectively. 

Now we are interested in the value of the parameter, S. 
Using ideal gas laws for the specific heat ratio of equation (20) 
results in values of S of 0.19, 0.35 and 0.5 for He, C 0 2 , and 
Refrigerant-12, respectively. When tabulated values of the 
specific heats at room temperature are used in equation (20), 
the values of S obtained are 0.2, 0.3, and 0.23, respectively. 
Since the molecular weight of water vapor is about half way 
between He and C 0 2 , both the above approaches suggest S = 
0.25 to be a reasonable expectation for steam transpiration 
into air or combustion gas. 
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A P P E N D I X B 

Typical Numerical Example 

Gas Stream Conditions 

Saturated Water 
Properties 
@ 20 bars 

P 

Cpg 

G. 

20 bars 
2000 K 
1.18kJ/kgK 
1672kg/m 2 - s 

T, 
CPl 

Cpu 

485 K 
4.55kJ/kgK 
3.04kJ/kgK 
1901 kJ/kg 

Assumptions 

1 Boiling plane pressure same as gas side pressure 
2 S = 1/4, as discussed in Appendix II 
3 St0 = 0.005, a typical value for turbine blades; thus b„ 

= 0.0078 (from equation (20)) 

Thus 

H 

Pe7 

Apa 

G„Lb,. 
s0.2 

and the required permeability is at = 5.2 x 10 9 s. Choosing 
Pe ' = 2 0 and noting from Fig. 10 that (1 -a)/a = 10 @ 20 
bars gives the required thermal conductivity from equation 
(23) to be k = 2 W/m-K. 

Equation (27) gives 7 = 0.01, corresponding to a boiling 
length 7of 10 ~4 m (0.004 in.). If the boiling plane is to be kept 
several pores from the surface, the pore size should be of the 
order of 10 5 m. This is compatible with the low permeability 
required. 

A P P E N D I X C 

Design Decisions 

1 M = 0.5, requiring a reservoir temperature of 397 K (88 
K subcooling) 

2 8S = 0.25, which would maintain surface temperature Ts 

= 864 K, from equation (16) this requires B = 0.2 
3 Wall thickness L = 0.01 m. This may be reasonable for 

large utility-size turbines where blades with chords of about 
0.15 m are envisioned. The trailing edge would have a two-
dimensional transpiration pattern that cannot be analyzed in a 
simple manner. 

4 Pressure drop Ap = 50 bars. For a stationary com­
ponent, this is fixed by the supply pressure; for rotating 
blades, by the radius of rotation; water feeding, and hydraulic 
resistance of feed channel. 

Required Properties of Porous Structure 

Selecting the high Pe ' range and using B = 0.2 in equation 
(21) gives 

Pe ' 
H 

100 
20.4 

50 
10.4 

20 
4.41 

Comparison of Water Requirements with Open-Loop 
Water Cooling 

In an open-loop water-cooling system, neglecting water 
subcooling relative to latent heat, a heat balance gives the 
coolant flow rate per unit of blade surface area as 

St0GgCpg(Tg-Ts) mv 

XL n blade Alfs 

where X is the coolant quality at exit from the blade tip. The 
coolant required per unit area for two-phase transpiration 
cooling is G. Hence, the ratio of the latter to the former is 

GXi '2-0lransp _ " ^ ' / g 

'"open loop St0 Gg Cpg (Tg — Ts) 

'fg X B 

Cpv(Tg-Ts) S 

for the example of Appendix B, if the comparable open-loop 
system could operate with an exit quality of 0.5, this ratio is 
0.22. At high gas temperatures and heat fluxes, the open-loop 
system is likely to operate at qualities below 0.5 due to critical 
heat flux constraints, and the advantage of two-phase 
transpiration would be greater still. 
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Development, Fabrication, and 
Testing of a Prototype Water-
Cooled Gas Turbine Nozzle 
The design and development of a water-cooled high temperature gas turbine has 
been under active investigation by the General Electric Gas Turbine Division for the 
past 15 years. The transition from testing small scale, laboratory-size experimental 
hardware to full scale industrial gas turbine components was initiated in 1975 by 
General Electric and extended further under the U.S. Department of Energy's High 
Temperature Turbine Technology (HTTT) program. A key element in this tran­
sition was the identification of a composite (hybrid) design for the first stage' 
nozzles. This design permits efficient heat transfer to the water-cooling 
passageways, thus lowering effective strains and increasing part life. This paper 
describes the metallurgical considerations and process technology required for such 
hardware. A review of the materials selection criteria utilized for the nozzle is 
presented, along with the results of several materials development programs aimed 
at determining metallurgical compatibility of the component materials, diffusion 
bonding behavior and both hot corrosion and aqueous corrosion performance of 
key materials. A brief description of the actual cascade testing of the part is given, 
along with results of a post-test metallurgical analysis of the tested hardware. 

Introduction 

Water cooling of industrial gas turbine hot gas path hard­
ware is of considerable interest because it offers the op­
portunity for substantial increases in turbine firing tem­
perature, lower metal operating temperatures, increased 
combined cycle efficiency, improved turbine reliability, and 
more fuel flexibility. The General Electric Company, through 
its Gas Turbine Division, has been actively involved in the 
design of a full-scale, water-cooled turbine and in the testing 
of key components in the U.S. Department of Energy-
sponsored High Temperature Turbine Technology (HTTT) 
program. 

A key development within the HTTT program has been the 
design and development of a first stage nozzle which is 
capable of surviving the high heat fluxes and thermal 
gradients associated with a 1427°C firing temperature while 
also meeting 80,000 hr part-life goals. A detailed description 
of the nozzle design is available in a forthcoming paper.1 

Basically it is a composite design consisting of a load-carrying 
spar surrounded by and bonded to a layer of high-strength, 
high thermal conductivity copper alloy in which are imbedded 
the water-carrying tubes. The entire hot gas path portion of 
the nozzle is then clad with a corrosion-resistant skin. The 
copper inner layer distributes the high heat fluxes to the 
water-carrying tubes while minimizing thermal gradients 
within the component. 

Muth, M., Klompas, N., "Design and Fabrication of Composite Water-
Cooled Turbine Nozzles," ASME paper in preparation to be distributed at 
ASME Gas Turbine Conference, March 1982. 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 7, 1981. Paper No. 81-GT-91. 

The design, fabrication, and testing of a sub-scale com­
posite water-cooled nozzle was undertaken to verify design 
and fabrication methodologies and confirm final materials 
selection. This paper describes the fabrication and cascade 
testing of a composite water-cooled nozzle which served as the 
precursor to a full-scale nozzle of similar construction. 

Materials Selection 

Nozzle Cladding. Early conceptual designs highlighted the 
need for a gas path cladding material which, at a thickness of 
0.635 mm to 0.762 mm and operating at 538°C, could ef­
fectively resist the expected hot gas path corrosion and 
erosion for an intended life of 80,000 hrs.2 Corrosion studies 
were conducted as part of an EPRI Water-Cooled Gas 
Turbine Development Program (Research Project 234-3) to 
assess this capability in a variety of materials.3 The resultant 
data, summarized in Fig. 1, shows that: 

9 Hot corrosion is dramatically reduced when most 
materials are below a temperature range of 538-593 °C. 

9 The alloys IN-671 and IN-617 have good corrosion 
resistance below 593 °C. 

9 Corrosion life goals for the nozzle are based on 7000 hr 
tests. 

Because the cladding was conceptualized as a sheet metal 
fabrication it was necessary to assess the two candidate alloys 
IN-617 and IN-671 in terms of: 

2 UHT Turbine Program, Contract RP234-2 Phase IA First Annual Report, 
February 28, 1976, made for Electric Power Research Institute, Palo Alto, 
California by the General Electric Co., Gas Turbine Products Division. 

3 EPRI AP-1889 Project 234-3 Volume 1 Final Report, June 1981. 

114/Vol. 105, JANUARY 1983 Transactions of the ASME 

Copyright © 1983 by ASME
  Downloaded 01 Jun 2010 to 171.66.16.68. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Table 1 Copper alloy property goals 

Property @427°Ca Goala Cu-MZC 
Thermal conductivity 
Coefficient of thermal 

expansion 
Tensile strength 
1000-hour rupture 

strength 
Low cycle fatigue life 

277 2 / w K 
17 x 10"6cm/cm.K 

.276MPa 
172 MPa 

Nj = 3350 @ 
eT = 0.3% 
2 min tensile hold 

331 w / n r K 
16.4 x 10~6cm/cm.K 

214 MPa 
103 MPa 

Nj = 3350 @ 
eT = 0.45% 
2 min tensile hold 

"Heat-treated properties after simulated diffusion-bonding cycle of 945 °C/2 hours. 
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Table 2 Copper alloys evaluated 

Alloy composition (w/o) Strengthening mechanisms 

l o o tooo * "Sooo IO.OOO 

TIME (HR) 

Fig. 1 Time dependence of penetration with Deposit D at 566°C; 
conversion factor: 1 mil = 2.54 x 1 0 - 5 m . 

9 formability with respect to processing schedules 
9 metallurgical phase stability as a function of thermal 

exposure 
9 weldability and weldment strengths 

Low cost and dimensionally accurate shapes were believed 
possible using conventional cold forming methods. A three-
piece cladding consisting of two endwalls plus airfoil shaped 
fillets and an airfoil covering piece was adopted. Concern 
existed, however, over the severe forming required in the 
airfoil-to-endwall fillets at the leading and trailing edge areas 
of the airfoil. Consequently, a sheet processing study was 
undertaken, utilizing various amounts of residual cold work 
from rolling and annealing temperatures. Based on the data 
generated, the following assessments were made: 

9 IN-617 has superior cold formability to IN-671 
9 air anneals impart substantial room temperature ductility 

recovery to IN-671 and IN-617 
9 IN-671 displays superior hot formability to IN-617 

Good gas tungsten arc (GTA) weldability was confirmed for 
autogenous IN-617 welds and both autogenous IN-671 welds 
and those made with IN-72 filler wire. Cladding welds, both 
on the airfoil wrap and the airfoil-to-endwall fillets, were 
performed under argon cover and later inspected both visually 
and radiographically to a standard of no detectable in­
dications. 

Nozzle Components in Contact with Cooling Water. 
Endcaps, spar rods, manifolds, and water-carrying tubes of 
early designs specified 304L stainless steel. Later Nitronic 50 
was adopted due to its high strength and much improved 
resistance to stress corrosion cracking. Moreover, based on 
extensive testing conducted by the Nuclear Energy Division of 
the General Electric Co., no water side problems were an­
ticipated with this alloy. 

An unknown was the ability of this material in small tubing 
form (nominally 3.18 mm o.d. x 0.25 mm wall) to survive 

Cu - 1,4A1203 

Cu - 0.17 Zr 

Cu - 5.0 Ni - 2.5 Ti 

Cu - 2 . 5 Co - 0 . 6 Be 
Cu - 0 . 0 6 M g - .15 Zr 

Dispersed fine (<1000 A) A1203 
+ cold working 
Dispersed Cu3 Z4, aZr + cold 
working 
(Coherent?) Ni3Ti, Ni2Ti 
precipitation 
Coherent aCo, cuBe precipitation 

.4Cr Dispersed Cu3Zr, aZr, coherent 
aCr precipitation + cold working 

expansion during the hot isostatic pressing (HIP) bonding 
operation without cracking. To assess this ability a bi-axial 
stress test was devised whereby tubes were subjected under 
controlled temperature and pressure conditions to various 
amounts of expansion. The diametral strain required is 
dictated by the machining and assembly tolerances necessary 
to drill the airfoil cooling holes and assemble the tubes 
therein. For this design the required diametral expansion is 
0.20 mm. Testing conducted at 954°C and 996°C on 35 
specimens showed no failures at 0.31 mm or less; all 
specimens which expanded 0.36 mm or more, failed. These 
results indicate that at the HIP temperature, ductility is 
sufficient to allow the full diametral expansion. 

Copper Alloy Selection. It became apparent early in this 
program that the copper alloy selected for the heat conducting 
layer must be capable of maintaining or achieving mechanical 
property goals after a relatively severe diffusion bonding 
thermal cycle. These property goals are given in Table 1. A 
design limit of 427 °C operating temperature was set for the 
copper inner layer. This was based on the fact that most age-
hardenable copper alloys begin to lose strength rapidly 
through overaging at temperatures above 427 °C and that little 
is known about the long time stability of these materials at 
elevated temperatures. 

This application represents a major change in the way 
copper alloys have been used for structural components. 
Historically, high strength, high electrical and thermal 
conductivity copper alloys have been utilized for specialized 
electrical applications and derived their strength from a 
combination of age hardening and cold working. Typically, 
these alloy systems contain elements which have low solid 
solubility in copper at the use temperature in order to 
maintain high levels of electrical conductivity, and the 
mechanical properties of this class of materials decrease 
significantly with the increase of exposure temperature and 
time. Anticipated diffusion bonding cycles of 954-1010°C for 
2-3 hrs for the composite nozzle represent severe exposure 
conditions for copper alloys. 

Several types of copper alloys were considered for this 
application (see Table 2), including dispersion-strengthened 
materials, alloys strengthened by thermomechanical 
processing, and precipitation-hardenable alloys. Detailed 
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evaluations of the behavior of the candidate alloys were
conducted after the bonding thermal cycle. Tensile and stress­
rupture properties were evaluated as well as post-exposure
microstructural stability.

Inspection of the data revealed some important trends. All
of the age-hardenable alloys suffered a loss in tensile and yield
strength as a result of the thermal exposure. The oxide
dispersion-strengthened alloy AL-60 showed the highest
resistance to the thermal exposure. Ductility was improved for
all alloys after the simulated diffusion bonding thermal
cycle. The Cu-Zr and Cu-MZC alloys displayed very high
ductility levels, while the remaining alloys possessed
elongations and reductions in area (RA's) in the 5-10 percent
range. The stress-rupture strengths of the candidate alloys
showed AL-60 to be superior, with Cu-MZC somewhat
stronger than the other age-hardenable alloys at the higher
Larson-Miller parameter values.

The Cu-MZC alloy was selected as the prime candidate for
the composite nozzle on the basis of possessing the best
overall combination of desired properties. Additional studies
on the Cu-MZC alloy have yielded improvements in strength
through modification of heat-treatment. Basically, higher
solutioning temperatures and increased cooling rates resulted
in more effective use of Cr in the aging reaction, thus in­
creasing strength. Stress rupture strength was also similarly
improved.

Final acceptance of the Cu-MZC alloy as the prime
material for the composite nozzle was based on strain­
controlled low cycle fatigue (LCF) testing. Figure 2 shows the
LCF behavior of the Cu-MZC alloy and compares it to the
design goal and to oxygen-free, high-conductivity (OFHC)
copper. This alloy is the one used in wrought form for the
airfoil copper in the HTTT first stage nozzle. A powder
derivative is used for the endwalls to allow for more flexibility
in tube location.

Fabrication Bonding

A three-piece construction technique 'was devised to
fabricate the desired shape. The three pieces are a machined
copper airfoil with drilled tube holes and two composite
endwalls. The multialloy, composite structure of the part
mandated that diffusion bonding be utilized for its
fabrication. Because the complicated geometry normally
associated with hardware of this type precludes uniaxial
diffusion bonding, gas pressure bonding, utilizing a hot
isostatic press, was the diffusion bonding technique selected.
Th~ fabrication procedure is as follows. First, the com­

posite endwalls are built up by using endwall plates to which
circuitous cooling tubes are attached. Each entire endwall
structure is fabricated separately and a container for powder
consolidation is built up around the periphery of the endwall.
Next, the endwall is filled with copper powder, evacuated,
and then HIP-consolidated. This is followed by a machining
step that defines the endwall gas path surfaces, the airfoil
fillets, and the mating holes for the airfoil cooling tubes. A
gas path cladding is also fabricated from cold-formed and
welded sheet metal: (All these components can be seen in Fig.
3.) This assembly is then mated with appropriate airfoil
cooling tubes and spar rods. The gas path cladding serves as a
HIP container, and the structure is again evacuated and HIP­
bonded. Manifolds for water delivery are added later.

A nozzle segment that was fabricated in this manner (see
Fig. 4) was successfully tested as part of a General Electric
turbine simulator test. (More information on the design and
fabrication of these nozzles can be found in reference [I].)
Three nozzle designs have been made and tested to date. They
represent an obvious maturing of the overall design from one
embodying a constant section airfoil, flat sidewalls, and
nonoptimum materials to one incorporating a tapered airfoil,

Flg.3 Component pieces prior to assembly

Flg.4 Fully assembled nozzle segment

curved sidewalls, and acceptable material properties essen­
tially ready for turbine insertion.

Cascade Testing of the Water-Cooled, Composite
Deposition and Corrosion Nozzle

The objective of this test was to evaluate erosion, ash
deposition, and corrosion characteristics of first stage water­
cooled nozzles in an environment representative of a high
temperature gas turbine burning coal-derived, low Btu gas
fuel. Using a specially designed cascade rig, the test was
conducted on a single vane, with endwalls approximating the
two throats.
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Fig. 8 Composite "C" scan of convex side of nozzle airfoil
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Fig. 7 Composite "C" scan of concave side of nozzle airfoil

Fl\). 5 Nozzle after deposition and corrosion testing

Low Btu gas was generated in an experimental GE gasifier,
cleaned in a low-temperature chemical clean-up (Benfield)
system, fired in a special combustor to 1427°C firing tem­
perature, and directed onto the nozzle. The turbine simulator
was operated for 70 hrs and 32 min. The full fired test con­
ditions were:

Firing temperature 1427°C
Combustor shell pressure 1.18MPa
Compressor discharge air flow 2.54kg/s
LBtu gas fuel flow 0.68kg/s

Due to the actual heating value variation of the low Btu gas
fuel, the water-cooled composite nozzle experienced several
firing temperature excursions as high as 1649°C at the full
1.18 MPa pressure. The water-cooled composite nozzle also
experienced a total of 32 thermal cycles of start-up and
shutdown. About two-thirds of these shutdowns were severe
transients from full flow conditions to flame-out.

Several unscheduled incidents resulted in some foreign
objects impacting the water-cooled composite nozzle at full­
fired conditions, and this included the impact of molten
metals. The inspection of the nozzle after testing showed no
apparent damage to the water-cooled composite nozzle (Fig.
5).

Post-Test Evaluation of Deposition and Corrosion
Nozzle

A visual examination of the tested part showed the
nozzle has been subjected to extensive foreign object damage
(FOD)-approximately 200 impacts-but there was. no in­
dication of penetration through the cladding. After removal
of the manifold, all the water cooling passages were examined
and found to be open. The composite nozzle test specimen
was then ultrasonically inspected and no areas of disbond
were detected either by immersion or contact scanning. For
the immersion technique, a 15.0 MHz, 6.35 mm dia focused
transducer was selected, while for the contact method, both a
20 MHz, 3.18 mm dia and a 10 MHz, 3.18 mm dia buff rod
transducer were used.

Due to the curvature of the airfoil, several separate "C,,4
scans were made with the airfoil repositioned for each in­
dividual test. To obtain a series of positions, numerous props
and shims were used to maintain the airfoil in an attitude
fairly normal to the transducer. Five scans were made on the
concave (pressure) side, and seven scans were made on the
convex (suction) side. The cooling tubes were used as bench
marks to ensure overlap coverage between the scans. The
scanning sequence and the coverage are detailed in Fig. 6. The

~c" scan is a semiquantitative display of echo intensity over an area of the
surface of the test pieces.
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Fig.9 Composite "C" scan of gas side of nozzle left endwall

Fig.10 Composite "C" scan of gas side of nozzle right endwall

Fig. 11 Typical microstructure of deposition and corrosion nozzle

taminantsand voids. Grain growth across the original in­
terface confirmed the success of the assembly HIP cycle. All
bonds between the powder MZC and Nitronic 50 endwall
plates and spars were excellent. There was no indication of
contamination or lack of bond. It was noted that the endwall
plates had a very thin ( -12.7 !-tm) layer of nickel plate versus
the spar rods (-25.4!-tm).

All endwall cooling tubes were fully bonded to the powder
MZC. The tubes tended to flatten during the HIP process in
such a way that the major axis was parallel to the Nitronic 50

composite "C" scans of the nozzle airfoil are shown in Figs. 7
and 8. The gas side of the end plates was immersion-tested in
segments. Five separate scanning patterns were used. As with
the airfoil, the "C" scans were composited and are shown in
Figs. 9 and 10 with the remainder of the outline of the endwall
shape sketched in to show the degree of coverage.

A manual contact method was used in those areas not
covered by the immersion technique: specifically, the fillet
area adjacent to the airfoil, that portion of the gas side of the
end plates, and the seam area about the periphery of the end
plates. The seam weld that traverses the concave side of the
airfoil was retested as a double-check. Special attention was
given to the leading edge of the airfoil.

In addition to the automated ultrasonic scan, a hand scan
was done on the nozzle surfaces. Although the manual
procedures employed could not duplicate the precision and
sensitivity of an automated, focused, ultrasonic immersion
scan, they did permit the evaluation of the overall integrity of
the hardware after test. No areas of disbond were found
during this inspection.

An eddy current examination was made on the airfoil
cooling tubes of the composite nozzle specimen prior to
welding of the water manifolds. The eddy current instrument
used was a Nortec MTD6D featuring a frequency range
through 2 MHz, amplified gain adjustable through 66 dB, 360
deg phase rotation, recorded outputs, and an X-Y storage
display. The inspection procedure consisted of positioning the
transport and the 500 kHz coil probe assembly so that the coil
was within the airfoil cooling tube to be examined.

False indications are frequently generated when conducting
eddy current examinations using hand-held probes. These
indications can occur when there is a variation in the fill
factor5 or when the inspection speed is not kept uniform. In
an attempt to reduce these effects, a transport mechanism was
designed and built. The transport provided the eddy current
probe with a linear-variable drive in two directions: single
scan forward-reverse to start, and automatic continuous
scan.

The eddy current instrument was balanced, and the im­
pedance point positioned mid-screen on the X-Y display. The
transport was then actuated, moving the coil through the axial
length of the tube. The storage X-Y display of the eddy
current instrument recorded the impedance plane profile of
the tube. Whenever the impedance point moved into
saturation, the transport was stopped and the eddy current
instrument rebalanced.

Metallographic examination of the airfoil section con­
firmed complete bonding between the cladding, tubes, spars
and copper. Areas of FOD were examined and although some
penetrations extended to nearly 50 percent of the cladding
thickness (-0.254 mm), the cladding-to-copper bonds were
completely intact (Fig. 11).

The nickel plate in most areas was clearly observed. The
two exceptions were the leading and trailing edges. It was
known that the plating vendor had difficulty in plating
regions of extreme curvature on the cladding. The plating
thickness in these regions was approximately 2.54 !-tm versus
25.4 !-tm over the rest of the cladding. The bond between the
IN-617 and the HIP densified MZC endwall was excellent. All
areas except the corners at the leading and trailing edges of the
endwall showed approximately 25.4 !-tm of nickel plate. There
were small areas of apparent contamination between the
cladding and nickel plate. This was probably the result of
insufficient cleaning of the cladding prior to nickel
deposition. The bondline between the HIP densified powder
endwall and the wrought copper airfoil was free of con-

5The fill factor is related to the clearance between the probe and the tube
inner surface.
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plate. The average ratio of minor to major diameters was
0.51. The sides of the tubes with the smallest radius of cur­
vature (greatest area of deformation) were depleted of nickel
plate. The bond between the Nitronic 50 trailing edge tube and
the IN-617 cladding was totally intact, with no indication of
damage as a result of the severe testing cycle.

A microprobe examination of the composite nozzle con­
cluded that the nickel layer provided an excellent interface
between the copper and cladding or cooling tubes. Figures 12
and 13 show the typical distribution of nickel and copper
throughout the nozzle.

Summary

Materials selection for a composite, water-cooled gas
turbine nozzle has been described along with the fabrication
techniques required for such hardware. Alloy IN-617 was
selected as a prototype nozzle cladding based on formability,
weldability, bonding capability, and low cycle fatigue
strength. Nitronic 50 or XM-19 was selected as the material
for water-side contact based on its excellent stress corrosion
resistance and thermal expansion compatibility with the
selected copper inner layer. The copper layer chosen was Cu­
MZC, an age-hardenable copper alloy which can be produced
in wrought or powder metallurgy (P1M) form.

Hot isostatic pressing was identified as the prime method
for producing high integrity bondlines in a complex, com­
posite structure. Metallographic evidence has verified the
completeness and quality of bondlines produced in such a
structure.

Actual deposition and corrosion testing of a prototypical
nozzle was conducted as part of the DOE/HTTT Phase II
program. This nozzle survived firing temperatures as high as
1649°C without any problems. Most significantly, a total of
32 thermal cycles and 70 operating hrs were accumulated
along with important design data which permitted the con­
struction of a full scale composite turbine nozzle.
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Development and Application of a 
Performance Prediction Method for 
Straight Rectangular Diffusers 

Introduction 

The deceleration of flowing fluids, or diffusion as it is 
widely known, is a process of primary importance whereby 
some of the kinetic energy of the flowing fluid is converted 
into static pressure rise. Hence, fluid motion takes place 
against an adverse pressure gradient, and unless great care is 
taken in the design of a diffusing system, growth of the 
boundary layer and its ultimate separation may seriously 
upset the performance of the system. 

From the point of view of the fundamental physics of fluid 
motion, the study of diffusing flows is indeed very interesting. 
Therefore, it has attracted the attention of many in­
vestigators, and a great deal has been published on the per­
formance of various diffuser configurations, e.g., conical, 
annular, rectangular, radial, etc. However, performance 
prediction methods are still rather limited. Hence, in most 
cases, the designer has to rely on the available experimental 
data for general guidelines. In this connection, the data 
obtained by Sovran and Klomp [1], Reneau, Johnston, and 
Kline [2] and Runstadler and Dolan [3] are very com­
prehensive, and are widely used. 

The aim of this paper is to describe a method which at­
tempts to predict the performance of two-dimensional dif­
fusers. The method has been tested against experimental data 
from two different sources [3, 4], and the results are very 
encouraging. 

Theoretical Background 

Flow in straight rectangular diffusers, particularly at high 
subsonic inlet Mach numbers, is known to be very complex. 
Therefore, it is necessary to make certain simplifying 
assumptions before attempting to model it theoretically. The 
model for the performance prediction method described in 
this paper is based on the following assumptions: 

(a) the working fluid is a perfect gas 
(b) the flow is adiabatic 
(c) forces acting on the fluid are only those due to inertia 
and viscosity 

Within the framework of these assumptions, the 
momentum integral equation may be used, together with the 
energy and continuity equations, to produce the following: 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
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This is a general equation for one-dimensional compressible 
flow with area change, which may be solved analytically if it 
were permissible to assume that the first two terms in the 
square bracket on the left hand side were constant. Alter­
natively, / and S as functions of L must be known. The 
function S = <j>(L) may be obtained quite simply from the 
known geometrical details of the flow channel, for example, 
for a rectangular diverging duct. 

bL 

~bA 

2(b+W) AS+\ 

AS 
cot (2) 

b(W+2&W) 

where AS = mean aspect ratio (p/w) for the short length bL. 
The overall friction coefficient would depend on the local 
Reynolds number and surface roughness of the enclosing 
walls. However, for a short duct, length bL, it may be 
assumed constant. Hence, equation (1) may be rewritten as 
follows: 

1 I dA 

which on integration yields: 

A 

where 

A/, \-oM\ 

1-aM2 
7 - 1 + 2 C T 

7 - 1 , 
1+ J-— M2 

1 + 
7 - 1 , 

y+ 1 

2 ( 7 - 1 + 2 a ) 

(3) 

7 , AS+l 6 

a n d / ' ( L ) = means friction coefficient for the short length 
bL. 

The friction coefficient, / , is a function of the surface 
properties and the flow parameters such as Re. Therefore, it is 
not constant but is calculated for every incremental length bL. 
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Geometrical and Performance Parameters 

The geometrical configuration of a straight rectangular 
diffuser is shown in Fig. 1, from which the following 
parameters can be defined: 

area ratio AR = 1 + 2L/Wtand/2 (4) 

aspect ratio AS=b/W (5) 

The performance of diffusers is usually given in terms of 
pressure recovery coefficient CP, which is defined as: 

P2-Pl 
CP= (6a) 

This equation can be rewritten as: 

7 
7 - 1 

CP= 

K*=>F([ i + iAm - 3 
(6b) 

where AP0/P0 = loss of stagnation pressure in the diffuser. 
The next major source of loss is the blockage at the entry of 

the diffuser. Sovran and Klomp [1] showed that complex inlet 
conditions could be easily modeled by means of a simple 
blockage parameter, which can be defined in terms of the 
geometric and effective areas as follows: 

-AE AE 

A 

An A-
Blockage factor B = = — 

A A 

If the boundary layer displacement thickness on the 
diverging walls is 5* and if the boundary layer on side walls is 
neglected, then: 

Wb-(W-2b*)b _ 28* 

Wb ~~W 
B-

Introducing aspect ratio: 

B = 
25* 

• JAS (7) 

However, if the same boundary layer thickness, 5*, is 
assumed for the diverging as well as the parallel walls, 
equation (7) becomes: 

AS+l 
(7a) B=^L 

-JA* s/AS 

Equations (3) to (7) may be used iteratively and in a step by 
step manner to calculate the performance of straight rec-

Fig. 1 Straight channel symmetrical rectangular diffuser 

tangular diffusers. However, in order to stop the calculations 
it is necessary to introduce some criterion such as the ac­
ceptable boundary layer displacement thickness or the 
minimum value of the mean velocity. Several criteria were 
carefully evaluated, but Townsend's criterion [5] for 
boundary layer separation was found to be most acceptable. 
This was suitably modified to fit experimental data. For the 
sake of brevity the details have been omitted but may be 
found in reference [6]. 

A computer programme in Fortran language has been 
written, the details of which have been reported elsewhere [7], 

Performance Prediction and Comparison with Ex­
perimental Data 

The analysis method was used to predict the performance 
of various diffuser configurations used by Runstadler and 
Dolan [3]. The results are shown in Figs. 2-5. 

Figs. 2(a) and 2(b) show the comparisons between the 
predicted and experimental values for a range of values of 
divergence angles and two blockages. In both cases, the 
agreement is within ± 4 percent. Pressure recovery increases 
with increasing diverging angle, the optimum in this case 
being lOdeg. 

Figs. 3(a) and 3(b) show variations of pressure recovery 
coefficient against inlet Mach number M, for two values of 
inlet blockage. Other quantities such as 6, LI Wx, and ASX are 
constant. At low blockage, the calculated and measured 
results agree very closely, but at high blockage, the 
calculations tend to underestimate CP when M, < 0.8. For 
M, > 0.8, the trend is reversed. A refined model of blockage 
may produce closer agreement between the calculated and 
measured results. 

The results given in Fig. 4 relate to a short diffuser, since 
L/Wx has been reduced from 12 to 7, and the divergence 
angle increased from 8 to 16 deg. Even in this case, the 
calculated and measured results agree very closely. 

Finally, the analysis was applied to calculate performances 

N o m e n c l a t u r e 

A,A* = area of entry duct and 
diffuser throat, respec­
tively, m2 

blocked, effective areas, 
respectively, m2 

area ratio defined by 
equation (4) 
aspect ratio defined by 
equation (5) 
diffuser depth, m 
blockage factor defined by 
equation (7) or (7a) 
specific heat at constant 
pressure kJ/kgK 
static pressure recovery 

AB,AE 

AR 

AS 

b 
B 

Cp 

CP 

Dh 

f 
L 

M 

P 
P0 

AP0 

Re 

S 
W 
a 

coefficient defined by 
equation (6) or (6a) 

= hydraulic diameter defined 
by equation (9), m 

= friction coefficient 
= diffuser length, m 
= mean Mach number 

= static pressure, N/m2 

= total pressure, N/m2 

= loss of stagnation pressure, 
N/m2 

= Reynolds number defined 
by equation (8) or (10) 

= perimeter of duct, m 
= diffuser width, m 
= ratio of specific heat = 

Cp/Cv 

5* = 

e = 

v- = 
a = 

P = 

Subscripts 
0 = 
1 = 
2 -

Superscript 
* 

boundary layer 
displacement thickness, m 
diffuser divergence angle 
degrees 
dynamic viscosity, Kg/ms 
constant defined by 
equation (3) 
density, Kg/m3 

total, stagnation 
at inlet 
at outlet 

at throat except for <5* 
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Fig. 2(b) Pressure recovery versus divergence angle for high blockage 

of various diffuser configurations used by Reneau et al. [2], 
and McMillan [4] in their experiments. 

In this study, L/Wx, AS, B\, and Re were constant, but 
area ratio AR was varied. The results are given in Fig. 5. The 
calculated values lie well within the range of experimental 
data, but quantitatively, the agreement is not as good as has 
been in earlier diagrams. 

It would be appropriate to mention at this juncture, that the 
experimental data in all cases were obtained laboriously from 
the figures given in the listed publications. In some cases, it 
was very difficult to read the values accurately. Probably 
closer agreement with the calculated results would have been 
achieved if actual experimental data were available. 

Further Application of the Analysis 

After having tested the validity of the analysis against 
available experimental data, it was felt necessary to apply it to 
a wide range of aspect ratios and entry Reynolds numbers. 
The results of these studies are given in Figs. 6-10. 

Optimum Aspect Ratio. It is well known that the ideal 
section for a duct for fluid flow is circular. For a rectangular 
section duct of a given area, the perimeter would be minimum 
when the section is a square, i.e., the aspect ratio = 1.0. 
Hence, when AS = 1, the friction loss should be at its 
minimum value. This can be shown as follows: 

By definition Re 
puDh 

From Fig. 1, it can be seen that: 

2W, AS, 
D,, 

AS, +1 

(8) 

(9) 

Hence, by substituting in (8) and simplifying, the following 
expression for Re is obtained: 
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Fig. 3(b) Pressure recovery versus inlet mach number for high 
blockage 
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Fig. 4 Pressure recovery versus inlet mach number for large 
divergence angle 
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Re = 
V C ^ T - I ) MiVr, 

- M , W 
2AS, 

I (10) 
/ IS ,+1 

The plot of equation (10) for M, = 0.5 is shown in Fig. 
6(a). It is interesting to see that the Reynolds number attains a 
maximum value when aspect ratio is around unity. After that, 
the Reynolds number reduces sharply. At low values of Re, 
the losses would increase because the viscous forces would be 
more dominant than the inertia forces. 

Another critical aspect of diffuser performance is the 
dependence on boundary layer blockage. The blockage 
parameter was defined in equation (7a). Figure 6(b) shows a 
graph of this equation for <5V(VUthroat) = constant. It is 
interesting that minimum blockage occurs when the aspect 
ratio is around unity. Hence, maximum pressure recovery 
should be attained when the aspect ratio is unity. The same 
conclusion was drawn by Runstadler and Dolan [3] from the 
experimental data. 

Figure 7 shows graphs of pressure recovery versus aspect 
ratio for three values of divergence angles. At 8 = 8 deg, as 
ASt is increased, CP first rises to a maximum value, remains 
constant around 1.0 to 3.0 for AS{, and then starts to fall, but 
only slightly. At higher values of 8, pressure recovery reaches 
a clear maximum when ASt is around unity. 

On Fig. 8, graphs of CP versus AS, for three values of inlet 
blockage are shown. As would be expected, the pressure 
recovery reduces over the entire range of aspect ratios quite 
significantly, as the blockage is increased. 

From Figs. 7 and 8, it may be concluded that optimum 
entry aspect ratio is around 1.0 for high values of 8 and ex­
tends from 1.0 to approximately 3.0 for low values. 
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Fig. 7 Effect of aspect ratio and divergence angle on pressure 
recovery 
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Effect of Entry Reynolds Number. Figures 9 and 10 show 
the graphs of CP versus M, for high and low values of entry 
Reynolds number. The aspect ratio in Fig. 9 is 0.25, and in 
Fig. 10 is 5.0. Increasing the Reynolds number at high aspect 
ratio has only a marginal influence on pressure recovery. 
However, at low aspect ratio, a small increase in CP over the 
entire range of Mj may be achieved. 

Conclusions 

1 A brief description of a step by step method for 
predicting the performance of straight rectangular diffuser is 
given. The theory has been used to predict the performance of 
rectangular diffusers, for which the comprehensive ex­
perimental data is available. 

2 The agreement between the experimental and the 
predicted results is very close, particularly bearing in mind the 
errors involved in extracting results mostly from published 
graphs. 

3 The method has been shown to be applicable over a wide 
range inlet Mach numbers, aspect ratios, and Reynolds 
numbers. 

4 For d < 8 deg, CP is only slightly dependent on ASU 

provided AS] > 1. However, for 6 > 12, the optimum entry 
aspect ratio is around unity. 

5 Inlet blockage has a significant influence on pressure 
recovery for all geometrical configurations, entry Mach 
numbers and entry Reynolds numbers. 

Acknowledgment 

The authors wish to thank Rolls Royce Limited for support 
and helpful discussions, and the Hatfield Polytechnic for the 
use of computer and other facilities. 

References 
1 Sovran, G. and Klomp, E. D., "Experimentally Determined Optimum 

Geometries for Rectilinear Diffusers with Rectangular, Conical or Annular 
Cross-section," Fluid Mech. of Internal Flow, General Motors Research 
Laboratories, Warren, Mich., 1965. 

2 Reneau, L. R., Johnston, J. P., and Kline, S. J., "Performance and 
Design of Straight, Two-Dimensional Diffusers," report PD-8, Sept. 1964, No. 
533.697.3/HL. 

3 Runstadler, P. W., Jr. and Dolan, F. X., "Further Data on the Pressure 
Recovery Performance of Straight Channel, Plane-Divergence Diffusers at 
High Subsonic Mach Number," ASME Paper No. 73-FE-S. 

4 McMillan, O. J. and Johnston, J. P., "Performance of Low Aspect Ratio 
Diffusers with Fully Developed Turbulent Inlet Flows—Part 11—Development 
and Application of Performance Prediction Method," ASME Paper No. 73-
FE-13. 

5 Townsend, A. A., "The Behaviour of Turbulent Boundary Layer Near 
Separation," ASME JOURNAL OF FLUID MECHANICS, Vol. 12, 1962, pp. 

536-554. 
6 Al-Modafar, M. H., "Frotran Programme for Calculating the Per­

formance Parameters in Two-Dimensional Diffusers," Hatfield Polytechnic, 
School of Engineering, Hatfield, England, Aug. 1981. 

7 Al-Modafar, M. H., "Design and Performance of Two-Dimensional 
Diffusers," Ph.D. thesis. The Hatfield Polytechnic—to be submitted in April 
1982. 

124/Vol. 105, JANUARY 1983 Transactions of the ASME 

Downloaded 01 Jun 2010 to 171.66.16.68. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Chen Baoshi 
Research Engineer. 

Zhang Tianyi 
Research Engineer. 

Shenyang Aeroengine Research Institute, 
People's Republic of China 

Introduction 

Performance Analysis of the Test 
Results on a Two-Stage Transonic 
Fan 
Test results obtained from a two-stage fan are analysed and the reasons that caused 
the design performance target not to be attained are presented in this paper. Ad­
dition of a partspan shroud on rotor 1 caused higher losses and changed radial 
distribution of parameters. Modification on theflowpath and chord length ofstator 
1 resulted in excessively high inlet Mach number and flow separation in the hub 
region. The high load and high incidence at the hub of rotor 2 caused higher losses 
and reduced stall margin of the fan. 

Tests were conducted on a two-stage transonic fan with a 
stage 1 rotor tip-speed of 396m/s and a design pressure ratio 
of 2.15. It was demonstrated from tests that the design 
performance target was not attained for the fan. In order to 
find the causes of this poor performance, a test on the first 
stage and other two single-stage tests were conducted. Based 
on results of these tests, performance analyses of the two-
stage fan were made. The analytical results are given in the 
paper. It is evident that these presented here are not successful 
experiences; however, some lessons could be drawn from 
these unfavorable results, and they are helpful for any future 
success. 

A Brief Description of Fan Aerodynamic Design 

The flowpath of the two-stage fan is shown in Fig. 1. The 
important design parameters are as following: 

Pressure ratio of the fan 
(2.19 in calculation) 
Efficiency of the fan 
Weight flow per unit annular area 
202kg/m2 

Pressure ratio of stage 1 
Efficiency of stage 1 
Pressure ratio of stage 2 
Efficiency of stage 2 
Blades of rotor 1 - multicircular arc 
airfoil, aspect ratio 
Vanes of stator 1 - BC-6 airfoil, 
aspect ratio 
Blades of rotor 2 - multicircular arc 
airfoil, aspect ratio 
Vanes of stator 2 - BC-6 airfoil, 
aspect ratio 
Average Mach number at fan 
exit 

2.15 

0.827 

1.506 
0.841 
1.455 
0.832 

2.257 

2.548 

2.372 

2.314 

0.5 

Stage 1 of the fan was a modification of an existing single-

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982, Manuscript 
received at ASME Headquarters December 10, 1981. Paper No. 82-GT-123. 

stage transonic compressor (it was called original stage 1) 
from which the preliminary test results had been obtained. 
The modifications made on the original stage 1 were an ad­
dition of a partspan shroud to the rotor blades at 64.6 percent 
span from the hub (it was called shrouded rotor) and a 
reduction of 44 percent in the stator chord length with the 
solidity unchanged. At the same time, the flowpath at the 
stator exit was changed slightly (Fig. 2). This stator was called 
the modified stator. When the two-stage fan was designed, a 
reference design point of stage 1 was defined on the design 
speed line of the characteristic map obtained from the test 
results of the original stage 1. In order to take the effects of 
the preceding modification into account, the airflow, pressure 
ratio, and efficiency selected at this design point of stage 1 
were correspondingly lower than those of the reference design 
point. Stage 2 was a new designed stage. A partspan shroud 
was also added to the rotor 2 blades at 60.5 percent span from 
the hub. 

Test Results 
Besides the test conducted on the two-stage fan, three 

single-stage tests shown in the following table were also 
conducted. The configurations of rotors and stators used for 
each test are also listed in the table. 

The test facility and instrumentation can be seen from 
ASME Paper No. 81-GT-209.1 

Name of 
test 

First stage 
test 

Calibration 
test 

Supplementary 
test 

Two-stage Fan Test. The overall performance of the two-
stage fan is shown in Fig. 3. At design speed, the design 
pressure ratio was attained. But the peak efficiency was lower 
than the design value. The stall margin was only about 6 
percent based on an operating point that was an intersection 
of the design speed line with a constant throttle line through 

1 Wei Yubing, "Experimental Investigation of a Low Hub-to-Tip Ratio 
Single Stage Transonic Fan," ASME Paper No. 81-GT-209. 

^.bbre-
icition 
F.T 

C.T 

S.T 

Config 
Rotor 

shrouded 

unshrouded 
(original), 
shrouded 

urations 
Stator 

modified 

original 

original 
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the design point. The blade element data at the near-design 
airflow point are shown in Fig. 4. The pressure ratio and 
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efficiency were lower than the design values along the whole 
span, especially in the hub and partspan shroud regions. 

First Stage Test (F. T). The overall performance of stage 1 
at design speed is shown in Fig. 5. Both the pressure ratio and 
efficiency were lower than the design values. But stall did not 
occur until very low airflow (below 80 percent design airflow). 
Figure 7 shows blade element data of stage 1 at the near-
design airflow point. It was evident that the spanwise 
distributions of pressure ratio and efficiency were quite 
different from the design values (or the original test results). 
In the partspan shroud region the performance was even 
worse. 

Second Stage Performance. The single-stage test could not 
be conducted on stage 2, and because there was not enough 
room for instrumentations between both stages, the per­
formance of stage 2 could not be directly measured in the two-
stage fan test. The performance of stage 2 was simply derived 
from the data obtained in the two-stage fan test and in the 
first stage test at the same airflow conditions. The derived 

Nomenclature 

A/A* = ratio of channel actual area 
to critical area 

D = diffusion factor 
H = percent span 

/ = incidence angle, deg 
M = Mach number 
P = total pressure, kg/m2 

R = total pressure ratio 

efficiency 
total temperature ratio 
stator total pressure recovery 
coefficient 
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overall performance and the blade element data at the near-
design airflow point are shown in Fig. 5 and Fig. 6, respec­
tively. The design pressure ratio of stage 2 was attained, but 
the efficiency was lower than the design value. In the midspan 
region the pressure ratio and efficiency were higher than (or 
near to) the design values. But the performance at the hub was 
rather poor. 

Calibration Test (C.T). The original single-stage com­
pressor, which was modified into stage 1 of the fan, was tested 
again to calibrate its performance. The test result showed that 
the performance in the calibration test was obviously worse 
than in the original test of the same single-stage compressor 
(Fig. 8 and Fig. 7). It seems that the performance obtained 
from the original test was too high. 

Supplementary Test (S.T). Another single-stage test, i.e., 
the supplementary test, was conducted with the shrouded 
rotor and the original stator. It could be seen from the 
preceding table that the only difference in configurations 
between the supplementary test and the calibration test is with 
and without partspan shroud on the rotors. Therefore, the 
effect of the partspan shroud could be determined by com­
paring the results of both the tests, and the difference in 
configurations between the first stage test and the sup­
plementary test is the only modification on the stator. 
Therefore, the effect of the modification on stator could be 
determined by comparing the results of both the tests (Fig. 8 
and Fig. 7). Then, we can determine why the first stage 
performance was deteriorated from the performance of the 
original test. The comparisons are presented in the next 
section. 

Analysis and Discussion 

The data obtained from the preceding tests were put into a 
three-dimensional flow computer program. Based on the 
calculated results, the following analyses on the problems 
encountered in stage 1, stage 2, and on the match between 
them, are made. 

First Stage. Overall performance at design speed of the 
three single-stage tests are shown in Fig. 8, while Fig. 7 shows 
their blade element data. These data points were intersections 
of their own design constant speed lines with a constant 
throttle line through the near-design airflow point of the first 
stage test. It could be seen that the following problems existed 
in stage 1: 

The design performance parameters selected were too high. 
It was proved in the calibration test that the performance 
obtained from the original test was too high. Therefore, the 
design performance parameters for stage 1, which were based 
on the original test, were also too high. 

Effect of partspan shroud on performance of rotor. 
Comparing the results from the supplementary test with the 
shrouded rotor and from the calibration test with the un-
shrouded rotor, it could be seen that adding a partspan shroud 
to the rotor caused characteristic lines to move leftward, and 
resulted in reductions of 1.5 percent in airflow, 1.8 percent in 
peak pressure ratio, and 0.016 in peak efficiency, respectively 
(Fig. 8). In the partspan shroud region which extended as 
much as 30 percent of the span on either sides of the partspan 
shroud, the pressure ratio and efficiency decreased markedly. 
However, the performance in this region for the calibration 
test with the unshrouded rotor was very good. Serious effect 
of the partspan shroud was attributed to the thick partspan 
shroud in the supersonic inlet flow. Moreover, the wake 
behind the partspan shroud was exaggerated by the radial 
flow caused by a steep hub conical angle (about 30 deg). In 
addition, because of the effects of choke and wake caused by 
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the partspan shroud, the airflow through the midspan region 
reduced, but the airflow through the hub region increased. As 
a result, the air velocity in the hub region increased and the 
load decreased markedly. Consequently, the losses decreased, 
and the efficiency increased in the hub region. Therefore, 
addition of the partspan shroud not only caused higher losses, 
but also completely changed spanwise distributions of flow 
parameters. This is an important subject which is worth in­
vestigating in the design of the rotor with a partspan shroud. 

Effect of stator modifications on performance. Comparing 
the results from the first stage test with the modified stator 
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and from the supplementary test with the original stator, it 
could be seen that the characteristic lines of pressure ratio 
versus airflow for both cases agreed well. However, the 
modifications of the stator caused a reduction of 0.019 
in peak efficiency. The total pressure recovery coefficient of 
the modified stator decreased considerably in its hub region. 
The inlet Mach number of 0.854 at the stator hub was ob­
tained in the calibration test which was much higher than the 
critical Mach number. It increased to 0.881 in the sup­
plementary test due to the effect of the partspan shroud. 
Because of the modification in flowpath of stator 1, such a 
curvature was formed that made the air accelerate at the hub 
of the stator 1 inlet and decelerate at the tip. This caused inlet 
Mach number at the hub of stator 1 to increase to 0.911. The 
airfoil of the stator 1 vane was BC-6, which is a subsonic 
airfoil. It can be seen from Fig. 9 that the higher the inlet 
Mach number, the more serious the losses. For comparison 
purposes, wakes at the hub of the stators for three single-stage 
tests are shown in Fig. 10. For the modified stator, the wake 
already extended in the complete channel. It meant that 
serious separation occurred in the vane channel. This 
separation, of course, was not only attributed to the high inlet 
Mach number, but also to marked decrease of stator vane 
chord length. 

Second Stage and its Matching with First Stage. Effect of 
first stage discharge flow field. The higher velocity at first 
stage discharge due to its lower pressure ratio and airflow 
moving caused blockage margin A/A* in the hub and tip 
regions of rotor 2 to decrease from 1.04 to 1.01 (Fig. 12). 
Although this could prevent the incidence from increasing 
further (Fig. 11), inadequate values of A/A* resulted in an 
increase of the losses. 

Matching with first stage. It could be seen from Fig. 5 that 
stage 2 was operating only on the left branch of its own 
characteristic line in the airflow range where the two-stage fan 
was tested. It seems that the maximum airflow of the two-
stage fan was limited by stage 1. When stage 1 was operating 
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in its own high efficiency region, stage 2 ran in its own stall 
branch, where the performance was very poor. Therefore, 
stage 2 did not match well with stage 1. And the stall of the 
two-stage fan most likely originated from stage 2. 

High load at hub of second stage rotor. It could be seen 
from Fig. 13 that the load at the hub of rotor 2 was high in all 
its operating range. The hub conical angle of rotor 2 selected 
was very small (about 10 deg), and it caused a high design load 
there. The flow with high velocity and separation from the 
stage 1 hub region caused serious diffusion at the hub of rotor 
2. These were the main causes of high losses there. 

Analysis on stall. J. Keenau and A. Burdsall pointed out2 

that a stall could occur when some elements of a blade row 
reached their critical load (usually, when diffusion factor was 
more than about 0.65). It can be seen from Fig. 13 that the 
diffusion factor at the hub of rotor 2 increased rapidly with 
the decrease of airflow. In the two-stage fan test, the diffusion 
factor at the hub of rotor 2 at a near-stall point was over 0.6, 
with rather high losses. At the same time, the incidence at this 

M. J. Keenan and E. A. Burdsall, "High Loading, Low Speed Fan Study, v 
final report," NASA CR-121148,1973. 
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point was also high (Fig. 11). Therefore, it was considered 
that the stall in the two-stage fan originated from the hub of 
rotor 2. As regards the hub of Stator 2, there was no evidence 
of stall, although the diffusion factor was also more than 0.6 
at the near-stall point (Fig. 13). For example, losses were not 
high and the wake in discharge flow was normal there. Stage 1 
could not be considered as the source of the stall, because the 
spanwise load of rotor 1 at the near-stall point was not very 
high (Fig. 13), and there was considerable airflow margin in 
the first single-stage test. 

Conclusions 

The following conclusions could be obtained from the 
analyses on the test results of the two-stage fan: 

1 The design airflow and pressure ratio of the fan were 
attained, but the efficiency and stall margin were far lower 
than the design values. 

2 The problems existing in stage 1 were that the design 
performance parameters selected based on the original test 
were too high; that the partspan shroud added on the rotor 
deteriorated the performance and completely changed the 
spanwise flow field; and that the modifications on the 
flowpath and chord length of the stator caused a too high inlet 
Mach number at the stator hub, resulting in high losses and 
flow separation there. 
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3 The problems in stage 2 were that the load at the rotor hub 
was high; the blockage margins at the hub and tip of rotor 2 
were inadequate due to effect of stage 1 discharge flow field; 
and the matching of stage 2 with stage 1 was not good. 

4 It could be considered that the stall of the two-stage fan 
originated from the hub of rotor 2, because there were high 
load, high losses and high incidence at that region when the 
two-stage fan was operating at the near-stall point. 
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Investigation of the Laminar-
Turbulent Transition of Boundary 
Layers Disturbed by Wakes 
The boundary layer transition under instationary afflux conditions as present in the 
stages of turbomachines is investigated. A model for the transition process is in­
troduced by means of time-space distributions of the turbulent spots during 
transition and schematic drawings of the instantaneous boundary layer thicknesses. 
To confirm this model, measurements of the transition with zero and favorable 
pressure gradient are performed. 

Introduction 
In the turbomachine, in which stationary and rotating blade 

cascades are successively arranged, unsteady flow to the 
following cascade is produced by the wakes of the previous 
one. In contrast to oscillating external flows, the periodical 
fluctuations of the mean velocity are superimposed here by 
the turbulent fluctuations caused by the mixing process in the 
wake. In this investigation the transition of a laminar 
boundary layer perturbed in this way is observed with the help 
of boundary layer measurements, in order to show the 
parameters responsible for the onset of transition. 

The measurements were carried out in a low-velocity wind 
tunnel as already described by Pfeil and Herbst [1]. The 
unsteady flow to a plate is produced by means of a rotating 
cylinder cascade. 

Former Investigations of Boundary Layer Transition in 
Instationary Flows 

A fundamental assumption of the linear stability 
calculation as carried out by Tollmien [2] and Schlichting [3] 
is that the levels of the perturbations are small in comparison 
to the values of the basic flow. If the basic flow is superim­
posed by a periodically changed velocity, one must investigate 
whether the transition can be understood by means of the 
linear stability theory. Karlsson [4] performed preliminary 
experiments in this problem, in which he carrried out velocity 
and boundary layer measurements on a flat plate under 
oscillating external flow. With his results Karlsson showed 
that the average value of the local velocity was not influenced 
by the superimposing of an oscillating component in either 
laminar or turbulent boundary layers. The time-averaged 
velocity profile remains a solution of the Navier-Stokes 
equation, and the perturbation equations can also be treated 
as in the stationary case according to Tollmien and 
Schlichtings theory. 

Greenspan and Benney [5] investigated the stability of the 
Tollmien-Schlichting flow, which is responsible for the high-

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 

MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 10, 1981. Paper No. 82-GT-124. 

frequency disturbances and breakdown into turbulence. They 
superimposed the Blasius profile with a time-dependent 
periodic shear flow of finite amplitude and established that at 
favoured locations a continuous production of local in­
stabilities occurred at position and time of the most intense 
shear layer. The periodic turbulent spots created in this way 
spread downstream. If the amplitude of the external 
oscillating velocity is the same as or larger than that of a 
typical turbulent fluctuation, Miller and Fejer [6] as well as 
Obremski and Fejer [7] expect an agreement between the 
transition process within oscillating external flow and 
Greenspan and Benney's suggested model. The periodically 
changing external velocity is described by 

U(t) = U„'(l+NA-sm cot) 
where NA represents the amplitude parameter. 
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Fig. 1 Transition Reynolds number as a function of the amplitude 
parameter for three pressure gradients: o , dCp/dx = 0.004/ft.; A , 
dCp/dx = - 0.081/ft.; • , dCp/dx = 0.045/ft. (Obremski & Fejer [7]) 
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The evaluation of their measurements shows that with 
oscillating external flow the start of transition, especially with 
a zero pressure gradient, depends upon a certain nonsteady 
ReNS-number, Fig. 1. 

Re.vs = (3) 

If this Re^-number (ReNS= 27000) is exceeded, the 
transition begins with turbulent spots which are periodically 
produced with the frequency of the outer flow. The Reynolds 
number Re,r for the onset of transition is primarily dependent 
upon the amplitude of the external flow and not on the 
frequency. 

Below a critical value of Rews ( R e ^ = 25,000) the tran­
sition occurs at a relatively constant Reynolds number, which 
is not dependent upon the amplitude and frequency of the 
external flow. In this way the oscillation has lost its dominant 
role. However, Loehrke, Morkovin and Fejer [8] do not find 
the correlation just described as solely responsible for the 
correlation of the ReNS number in their review of the tran­
sition of oscillating boundary layers. Morkovin et al. [9, 10] 
do succeed in explaining the above mentioned intermittent 
behaviour of the boundary layer in the transition region by 
means of a quasi-steady stability model. 

Walker [11] investigated the transition of the boundary 
layer along the suction side of a stator blade in a single-stage 
axial-flow compressor. Corresponding to the model from 
Fejer et al., he regards the influence of the velocity 
oscillations caused by the wakes of previous rotor blades as 
responsible for the instability of the boundary layer. 

In his considerations the relation of the instability length, 
i.e., distance between the point of instability and the turbulent 
breakdown, to local expansion of the wake on the blade 
surface represents an important parameter. If the instability 
length is large as a result of small or favourable pressure 
gradients, the turbulent breakdown can occur in the calmed 
region between two rotor wake disturbances. That assumes 
that the perturbations move more slowly than the wakes. 
When the instability length is small because of adverse 
pressure gradient the breakdown into turbulence can still take 
place in a wake area. The result of these considerations is that 
because of the importance of the instability length and 
therefore of the pressure gradient large velocity oscillations in 
the outer flow must not necessarily alter the transition region. 
However Walker does not make any statement about the 
influence on the transition of the stochastic turbulence in the 
wake. 

Boundary layer measurements along stationary blades in 
the turbomachine cause great problems because of the small 

Fig. 2 Scheme of the unsteady flow produced by wakes 

dimensions and the impossibility to be able to change only one 
of the various parameters alone which may influence tran­
sition in unsteady flow. For example, a variation of the 
circumferential velocity of the machine alters both distur­
bance frequency and Reynolds number simultaneously, while 
changing the throughflow coefficient alters both the 
disturbance amplitude and the mean streamwise pressure 
gradient over the transition region. 

For this reason Pfeil and Pache [12] carried out boundary 
layer measurements on a 700-mm long plate. The unsteady 
flow was, as in [1], realized by a rotating cylinder cascade 
positioned in front of the plate. This test facility, which 
provides accurate measurements because of its large 
dimensions, allows the independent variation of the 
parameters influencing transition. Their measurements show 
that the perturbed flow in contrast to the stationary con­
ditions involves large changes in the boundary layer 
development especially with favourable flows. In the case of 
undisturbed afflux and favourable basic flow, a laminar 
boundary layer develops along the entire plate length. In 
perturbed flow a laminar-turbulent transition occurred. 

Comparisons of the transition obtained by measurements 
cannot be made to agree with Schlichtings stability theory and 
new empirical transition criteria such as those of Dunham 
[13], and Hall and Gibbings [14], which take the degree of 
turbulence in the external flow into account. It was presumed 
that the disturbances which consist of fluctuations and 
stochastic turbulence were so large that their influence on the 
transition can no longer be described by the linear stability 
theory, which is founded on small perturbations. In [12], the 
question was still open as to the effects of varied perturbation 
conditions on the temporary development of the instationary 
boundary layer. For this reason, in further investigations by 
Pfeil and Herbst [1, 15] the number of the cylinders in the 
rotating cascade was increased from zero upwards. The 

N o m e n c l a t u r e 

d = 
i = 

NA = 

Re, = 

ReMS -

Re,r = 

5 = 
T = 

T-S = 
t = 

tw = 

diameter 
plate incidence angle 
amplitude parameter of 
free-stream unsteadiness, 
AU/U*, 
Reynolds number based on 
streamwise coordinate, 

nonsteady Reynolds 
number, see equation (3) 
transition Reynolds 
number, U„'Xlr/v 
spacing of cylinder cascade 
period, s/ Vcy] 

Tollmien-Schlichting 
time 
reference time value at half 
wake depth 

U 

Un = 

U„ = 

Key. = 
V = 

X = 

y = 

5 = 

longitudinal velocity 
component of mean flow 
mean longitudinal velocity 
component in afflux 
mean longitudinal velocity 
component in external flow 
longitudinal fluctuation 
velocity 
cross velocity of cylinder 
transverse fluctuation 
velocity 
coordinate along surface 
coordinate normal to 
surface 
boundary layer thickness 
kinematic viscosity 

4> = normalized velocity com­
ponent in the wake in x-
direction 

a = circular frequency 

Subscripts 
/ = forced 

LE = leading edge 
lam = laminar 

ns = neutral stability 
0 = undisturbed 

TE = trailing edge 
Tr = end of transition 
tr = start of transition, i.e., 

appearance of a turbulent 
spot 

turb = turbulent 

Journal of Engineering for Power JANUARY 1983, Vol. 105/131 

Downloaded 01 Jun 2010 to 171.66.16.68. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



1.2 

1.0 

0.8 

0.6 

O.i 

0.2 

0.0 

-0.2 

1 

I. 

i ! 

! 
i 

1 

,* -
Sym Vcyl * 

[mis] 
'/4y/ 

X J.uy oy 
#• 6.18 89 
a 12.36 89 
A 78.54 89 

• ^ 
»*Ss «!&fe 

-3.0 -2.0 -7.0 0.0 3.0 1.0 2.0 
>l'w 

Fig. 3 Profiles of measured normalized velocities in the wake in x-
direction compared with the Gaussian distribution curve (Pfeil & 
Schroder [16]) 

evaluations of the measurements led to a model which 
describes the temporary boundary layer development under 
these special conditions. 

Model for Transition Behaviour Under Instationary 
Flow 

Figure 2 shows according to the test conditions the flow 
behind a cylinder cascade crossing the flow direction. The 
wakes, whose slant results from the afflux velocity U0 and the 
cross velocity of the cylinder Vcyl, drift off along the plate 
surface and influence the boundary layer, and especially its 
transition behaviour, in a periodical intermittent way. 

As an example, Fig. 3 presents measured temporal 
distributions of the ensemble-averaged wake velocities behind 
a moving cylinder, which crosses the flow with varied 
velocities Vcyl, (see Pfeil and Schroder [16]). 

The time-space distributions, Fig. 4, are suitable to present 
the transition process, i.e., the formation and propagation of 
turbulent spots. The parallel lines to the x-axis reproduce the 
instantaneous flow conditions along the plate, while the 
vertical lines describe the change of the flow over the time at a 
fixed place. With undisturbed flow a laminar boundary layer 
forms along the plate, which undergoes natural transition 
after a certain flow distance according to the stability criteria 
from Tollmien and Schlichting, Fig. 4(a). The marked 
positions, the point of neutral stability, xm, the start, xolr, 
and the end, x0yTr, of natural transition describe the transition 
process. Downstream from xns small disturbances of a 
defined area of wave length are stimulated (T-S-waves) and 
break off from xOJr upwards in high-frequency irregular 
three-dimensional velocity fluctuations. The turbulent spots 
which are formed in this way cause an intermittently turbulent 
boundary layer. They propagate until they have merged at 
xojT and the natural transition is ended. As the propagation 
velocity of two-dimensional waves (T-S-waves) is lower than 
that of the trailing edge of a turbulent spot (see Schubauer & 
Klebanoff [17]), a so-called "becalmed region" is formed at 
the trailing edge in which no further turbulent spot can arise. 
In Fig. 4 these regions are marked by hatching. 

If a wake with its increased stochastic turbulence moves 
over the plate surface, the developing laminar boundary layer 
is already intensely disturbed. The perturbations are however 
subdued, i.e., are no longer stimulated. At first from the 
forced start of transition, xftlr, Fig. 4(b), the turbulent spots 
periodically produced by the wakes, spread and form an 
intermittent laminar-turbulent boundary layer. These tur­
bulent spots are followed by becalmed regions of laminar 

o^oa iFitormiltBril 

[™-T-S-W 

xns xo,tr xo,Tr 
D1STANCE FROM PLATE LEADING EDGE X 

^ns H t r xf,Tr 

x ns xf,tr xf,Tr xo,tr xo,Tr 

Q) •»— laminar—*-f« turbulent — — 

I 

i I _L 
*ns Xf.tr =Xf,Tr *o.tr *«Tr 

Fig. 4 Time-space distribution of the turbulent spots during transition 

boundary layer in the same way as the turbulent spots of 
natural transition. If the spacing of the cylinder cascade is 
large, the turbulent spots of the natural transition are ob­
served from xOJr in the undisturbed areas between periodically 
produced turbulent spots and their becalmed regions. As a 
consequence of the large spacing and the becalmed regions of 
the forced turbulent spots the transition is not finished at 
xBjr, but subsequently downstream zXxf,Tr, Fig. 4(b). 

While other test parameters, such as constant cross velocity 
of the cylinder cascade, Vcyl, constant afflux velocity, Uot as 
well as the positioning of the plate, remain unchanged, varied 
spacings show no influence on the position of xfitr. Only the 
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Fig. 5 Schematic drawing of boundary layer development with dif­
ferent cascade spacing 

number of periodic produced turbulent spots per unit of time 
increases inversely proportional to the spacing. With a certain 
spacing the creation of turbulent spots of natural transition is 
totally prevented by the becalmed regions of the forced 
turbulent spots, see Fig. 4(c). With this and smaller spacings, 
Fig. 4(d), the transition is only ended by the merging of the 
periodically produced turbulent spots atx/]7>. 

If one reduces the spacing of the cylinder cascade down to a 
critical value, the wakes already merge in the afflux. Then at 
the point of the start of transition, x/ilr, an almost uniform 
and still high turbulence level exists. Subsequently, the length 
of transition, XftTr — xfitr, of the forced transition tends to 
zero, Fig. 4(e). 

As can be seen from Fig. 4, besides the spacing one needs 
the other important parameters, the instability length and the 
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/ 
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Fig. 6 Scheme of the test facility 
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Fig. 7 Distributions of the free-stream velocity 

spot propagation of the natural and the forced transition, in 
order to describe the entire transition process. 

In analogy to Fig. 4 in Fig. 5 the boundary layer 
development is plotted. The forced turbulent spots of the 
disturbed flow can be recognized by a local thickening of the 
boundary layer, which moves downstream rising at the same 
time, as measured by Pfeil and Herbst [1]. As already shown 
in Fig. 4(b), the end of forced transition, xiJr, is located 
downstream of the end of natural transition, Fig. 5(b). 
Smaller spacings affect a displacement of the end of forced 
transition in direction of the plate leading edge, Figs. 5(c) and 
5(d), until, as in the case of critical small spacing, Fig. 5(e), 
the start and end of forced transition coincide. The then 
developing turbulent boundary layer 6lurbl represents a limiting 
curve for the growth of the thickness of the forced turbulent 
spots. 

The conception described above should be employed as a 
model for further considerations in boundary layer transition 
under unsteady flow conditions. As the structure in the wake 
of a cylinder is almost the same as behind a blade, these 
relations can also be applied to a rotating blade cascade with 
the same CD -value and spacing placed in front of the testing 
section. However the influence of the circulation of the 
previous cascade remains disregarded. It must be mentioned 
that in this investigation it was assumed that the periodic 
fluctuations of the static pressure caused by the wakes striking 
the plate are disregarded. 

Measurement Results 
The boundary layer measurements were carried out along a 

plate with zero pressure gradient, i = 0 deg, and a weak 
favourable pressure gradient, /' = - 2 deg. Figure 6 represents 
a scheme of the test facility. 
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Fig. a Oscilloscope traces of the longitudinal velocity fluctuations in
the perturbed boundary layer at constant wall distance, recorded at
different x·stations

The afflux velocity, U0' amounted to approximately 20 m!s
for all the measurements and the cross velocity, Veyl , of the
moved 2-mm wide cylinders to 12.6 m/s. The spacing of the

134/ Vol. 105, JANUARY 1983

Fig. 9 Oscilloscope traces of the longitudinal velocity fluctuations In
the perturbed boundary layer at constant wall distance, recorded at x
= 350mm

15.---"1'"""-...,---,---.,.--.---.,---,---,---.,.---,

~

& I

>- 10 ~ 0 I
>-- t:.~ t:.

0 ?Vi t:.
z

0
0 t:. I

W I I
~ 0

0
t:. I I

~ 0 t:. I I i;;;Oo
5 0 I I y=0.2 mmw It:.-J

~
I It:.:~ I 5: <Xl

<r 4- I I:::> I I 1°: 5=628mm....
..;.t:.:t:.t:. I I I

I
0

0 0.1 0.2 0.3 O.L 0.5
xUr XO,tr "o.Tr xUr

DISTANCE FROM LEADING EDGE X. m

Fig. 10 Distribution of the nondimensional turbulence intensities
along the plate at constant wall distance in undisturbed and disturbed
boundary layer

cylinder cascade, which moves across the flow direction in an
orbit with 0.6 m dia, can be altered.

During the zero pressure gradient measurements three
groups of cylinders were mounted in the cascade with an
individual displacement of 120 deg. Each of these groups of
cylinders consists of four cylinders closely mounted in
distances of 5 mm. In contrast to this, during the
measurements with favourable pressure gradient the cylinders
were placed individually.

The streamwise distributions of the free-stream velocity,
U00' which belong to the two different plate incidences, are
shown in Fig. 7.

Measurements with Zero Pressure Gradient. Figure 8 shows
oscilloscope traces of the longitudinal velocity fluctuations in
the boundary layer at a constant waIl distance, y. Even from
the leading edge of the plate the large perturbations
periodicaIly influence the boundary layer flow. As the
cylinder twice crosses the middle of the channel in its orbit, in
accordance with Fig. 6, two perturbations arise, one of which
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is weaker, owing to the longer flow distance. It can be seen in 
Fig. 8(a) that when A: = 31 mm the boundary layer reacts with 
high-frequency changes. The laminar boundary layer is 
however so stable further downstream that the perturbations 
are no longer stimulated but are even subdued, as is shown in 
Fig. 8(d) by the example of the perturbation of the upward 
moving cylinder. 

After x = 67 mm a definite development also of the width 
of the periodically produced turbulent spots was established. 
In accordance with the introduced transition model, Figs. 4 
and 5, the onset of forced boundary layer transition xfM is 
found at this .xr-wise position. The increase of the velocity in 
the turbulent spot is proof of the fact that the fluctuations of 
the wake are not carried into the boundary layer, but here a 
rapid change from the laminar to the turbulent velocity 
profile takes place in the boundary layer (see Pfeil and Herbst 
[1], Fig. 7). Even further downstream, Fig. 8(c), in the un­
disturbed area between the forced turbulent spots the typical 
T-S-waves of the natural transition are visible. The amplitude 
of the T-S-waves is increasingly stimulated until at xOJr. Fig. 
8(d), the fi r s t turbulent spots of the natural transition appear. 
Further downstream these turbulent spots fill in the 
previously undisturbed area even more, Fig. 8(e), until, as in 
Fig. 8(f), only turbulent velocity fluctuations can be seen and 
the transition is ended. As in this record the periodically 
produced turbulent spots have just merged at their edges, an 
oscillation of the base flow with the frequency of the per­
turbation of the moving cylinder cascade is still observed in 
the turbulent boundary layer. 

Due to the chosen spacing the becalmed regions occurring 
in the environment of turbulent spots are not clearly visible in 
the oscilloscope traces recorded in Fig. 8. The existence of the 
becalmed region is evident, if at a x-station downstream of 
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Distribution of the nondimensional mean velocity along the 
constant wall distance in undisturbed and disturbed boundary 

xoTr with disturbed afflux an intermittent laminar-turbulent 
boundary layer is observed. Figure 9 shows oscilloscope traces 
of the longitudinal velocity fluctuations in the boundary 
layer, recorded a t * = 350 mm. 

Whereas with undisturbed afflux the boundary layer has 
undergone transition, Fig. 9(a), with disturbed afflux caused 
by a large spacing of the cylinder cascade portions of laminar 
boundary layer are clearly visible in the record, Fig. 9(b). That 
is, the end of forced transition X/jTr is situated downstream of 
the end of natural transition, xotTr. 

The distribution of the fluctuation velocity at constant wall 
distance in streamwise direction is shown in Fig. 10. 

The onset of the natural transition is identified by xotr = 
150 mm, whereby xolr was found with the help of oscilloscope 
traces. The increase of the fluctuation velocities in front of 
xolr can be explained by the appearance of T-S-waves. As 
with disturbed afflux, the superimposed perturbations in the 
stable laminar boundary layer are not stimulated, the fluc­
tuation velocities decrease until the onset of transition at xllr 

~ 67 mm appears. The curve increases after .v,.,. and bends in 

Fig. 12 Oscilloscope traces of the longitudinal velocity fluctuations in 
the perturbed boundary layer at constant wall distance, recorded at 
different x-stations 

Table 1 Comparison of measured spot-velocities 

Authors 

Schubauer & Klebanoff [17] 

Wygnanski, Sokolov & 
Friedman [18] 
Obremski & Fejer [7] 

Houdeville, Cousteix & 
Desopper [19] 

Present results 

ULE 

0.88 U „ 

0.89 U „ 

0.88 U „ 

0.89 U „ 

0.75 U „ 

UTE 

0 .5U„ 

0.5 U „ 

0.58 Uoo 

0.48 Uoo 

0 .54U„ 

Flow Conditions 

flat plate, 
spark 
flat plate, i 
spark 
flat plate, 
oscillating external 
flow 
flat plate, 
oscillating external 
flow 
favourable pres­
sure gradient, 
i= --2°, 
wakes 
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Fig. 13 Oscilloscope traces of the longitudinal velocity fluctuations in 
the perturbed boundary layer at constant wall distance, recorded at 
different x-stations 

the area from xolr, which could be attributed to the 
overlapping natural transition. The transition is ended when 
the turbulence intensity reaches a nearly constant level. The 
respective positions of the end of transition with undisturbed 
and disturbed afflux, *„,-,. and x/tTr, are stated in Fig. 10. 

In Fig. 11 the distribution of the nondimensional mean 
velocity, U/U„, at constant wall distance was plotted. The 
alteration of the laminar into the turbulent velocity profile is 
to be recognized in this graph by an increase of the mean 
velocity close to the wall. 

These measurements show that in the chosen experimental 
conditions the end of transition is found downstream of the 
end of natural transition (see Fig. 4(b)); the start of transition 
caused by large perturbations is located nearer to the plate 
leading edge, i.e., at smaller Rev-numbers, as the start of 
natural transition. 

Measurements with Favorable Pressure Gradient. Like Fig. 
8, Fig. 12 shows a series of oscilloscope traces of velocity 
fluctuations in the boundary layer. In comparison to the 
measurements at zero pressure gradient, now nine single 
cylinders with the spacing of s = 209 mm are mounted in the 
rotating cascade. One can clearly recognize the turbulent 
spots, which are created by the wakes, Fig. 12(6). The time 
interval corresponds to the period, T, of the wakes, which 
successively strike the plate surface. As for the undisturbed 
flow, the boundary layer is stable laminar along the plate, no 
T-S-waves are observed in the undisturbed region between two 
spots in contrast to zero pressure gradient flow. From the 
oscilloscope traces, surprisingly, only the start of the forced 
transition, xflr, can already be seen after a small distance 
from the plate leading edge. The turbulent spots merge at xfTr 
= 490 mm as a result of the propagation of their leading and 
trailing edge, and the transition is terminated. It is then shown 
that the forced transition process was completed within the 
measured plate region before the natural transition had even 
begun (see Figs. Aid) and 5(d)). 

a ' 

" °* ° • 
V A A 

- !oS 

1 

1 1 i 

i 

n 
A 

8 

i 

i 

D 
A 

V 

O 

1 

I 1 
i = -2° 
y=0.2 mm 

9 6 

1 
1 
1 O 

9 
i 
i 

i 
i 
i ! 1 

6 
V 

o 

0 
V 

A : 

• 

1 
s=oo 
s=209 
s=105 

s=20.9 

a 

0 

I 

I 

mm 
mm 

mm 

§ 

o 

I 

-
I 

r 
l 
L 
? 
L 
I 

I 

I 

I 

0 0.1 
xf,tr = xf.Tro 

03 
*f,TrA 

05 
xf.Tr^ 

DISTANCE FROM LEADING EDGE X . m 

Fig. 14 Distribution of the nondimensional mean velocity along the 
plate at constant wall distance and varied cascade spacing 

0.8 

5 0.2 

~i i i i r 

cP^O^O—^yJ^ 

i=-2° 

s=628 mm 

_ L 
0.2 0.4 0.6 0. 

NON-DIMENSIONAL WALL DISTANCE 

Fig. 15 Spot-velocities at incidence / = -
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In Fig. 13 the velocity fluctuations in the boundary layer are 
shown with a cascade spacing of s = 20.9 mm. Due to this 
critical spacing and to all smaller spacings the wakes have 
already merged in the afflux. The comparison of the fluc­
tuations where x = 10 mm, Fig. 13(a), and x = 40 mm, Fig. 
13(ft), shows that the perturbations, which can no longer be 
identified in their period, are primarily subdued downstream. 
From x = 40 mm this suppression was no longer to be seen. 
Therefore, the location of the beginning and end df transition 
was presumed to be in this position. Fig. 5(e) shows the ex­
pected distribution of the turbulent boundary layer 5turb. 

Figure 14 shows the plot of the nondimensional mean 
velocity, U/U„, at various cascade spacings and at constant 
wall distance. 

The start of transition can be found at xfM = 40 mm for all 
spacings except for undisturbed afflux (s '= <x>). The end of 
transition, xATr, which at s = 20.9 mm is the same as the start 
of transition, is observed with larger spacing after larger 
distances from the plate leading edge. 

Spot Propagation and Shape. In order to obtain the shape 
of the turbulent spot and the velocity with which it moves over 
the plate surface, the running time differences of the spots' 
leading and trailing edge between two stationary points were 
measured. The investigations were carried out at an incidence 
angle of - 2 deg and a spacing of s = 628 mm. This incidence 
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DISTANCE FROM PLATE LEADING EDGE X.m 

Fig. 16 Development of the turbulent spot along the plate at in­
cidences -2deg 

angle was chosen as with favourable pressure gradient and no 
random turbulent spots of the natural transition occurred. 
The results of the measurements are presented in Fig. 15 as a 
function of the nondimensional wall distance >7<5turb. Thus 
5turb is the defined boundary layer thickness according to Fig. 
5(e), which was measured under the chosen test conditions at 
the critical cascade spacing s = 20.9 mm. As is seen from 
other authors' measurements, Table 1, which produced the 
turbulent spots in another way, a relation is determined 
between the external velocity, U„, and the velocity of the 
leading and trailing edge of the spot. Whereas the velocity of 
the trailing edge agrees with the other results, the measured 
leading edge velocity deviates to smaller values. 

Figure 16 represents the shape of the turbulent spots and its 
change along the plate. The deformation of the turbulent 
region can be clearly recognized, which particularly close to 
the wall remains notably behind the wake in the outer flow. 
The curve of the undisturbed laminar boundary layer, <5iam, 
was additionally drawn in the graph. As the laminar boundary 
layer which surrounds the spot has a subduing influence, the 
spot has its maximum width in the distance 5lam. At the edge 
of the boundary layer the turbulent spot must change into the 
wake of the moving cylinder. This means that the spot 
velocity, as indicated in Fig. 15, also changes into the velocity 
of the external flow. 

Conclusion 
The boundary layer transition under instationary afflux 

conditions is investigated in this paper. In contrast to in­
vestigations by other authors [6, 7, 9], who researched the sole 
influence of the oscillating basic flow, an unsteady flow, as it 
occurs in the stages of turbomachines, is realized here by a 
moving cylinder cascade in front of a plate. 

A model which describes the transition under these flow 
conditions is introduced with the aid of time-space 
distributions of the turbulent spots, Fig. 4, and schematic 
drawings of the instantaneous boundary layer thicknesses, 
Fig. 5. The spacing of the cascade in relation to the plate 
length represents an important parameter for the start and 
end of the transition. The cascade wakes force the onset of 
transition after a shorter flow distance than by undisturbed 
flow. The spacing of the cascade exerts no influence on the 
position of the forced start of transition. The end of forced 
transition does not depend on the end of natural transition 
and can occur due to the spacing downstream or upstream of 
the end or even upstream of the start of natural transition. 

Measurements of the boundary layer transition taken by 
zero and favourable pressure gradient are referred to in order 
to confirm the model. Furthermore measurements of the 
shape and propagation of the turbulent spots in the disturbed 
boundary layer are introduced. 

With the investigations so far carried out it could not be 
ascertained definitely if the stochastic fluctuations in the wake 
are responsible for transition. The influence on transition of 
the periodic fluctuations in the wake also cannot be excluded, 
as they produce periodic fluctuations of the static pressure on 
the plate surface. Subsequent investigations shall contribute 
to a further clarification. 
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Three-Dimensional Aerodynamic 
Characteristics of Oscillating 
Supersonic and Transonic Annular 

A lifting surface theory is developed for unsteady three-dimensional flow in 
rotating subsonic, transonic and supersonic annular cascades with fluctuating blade 
loadings. Application of a finite radial eigenfunction series approximation not only 
affords a clear insight into the three-dimensional structures of acoustic fields but 
also provides mathematical expressions advantageous to numerical work. The 
theory is applied to oscillating blades. Numerical examples are presented to 
demonstrate three-dimensional effects on aerodynamic characteristics. Three-
dimensional effects in supersonic cascades are generally small and strip theory 
predicts local aerodynamic forces as well as total aerodynamic forces with good 
accuracy. In transonic flow, however, the strip theory approximation breaks down 
near the sonic span station and three-dimensional effects are of primary im­
portance. 

Introduction 
One of the most serious problems in the development of 

modern jet engines is the so-called supersonic cascade flutter, 
for which many authors have developed two-dimensional 
flow theories. Strictly speaking, however, axial fan and 
compressor stages in those engines usually operate in the 
transonic flow regime, where the inlet flow Mach number, 
relative to the rotating blades, varies from below unity at radii 
near the hub to values above unity at radii near the blade tips. 
Several authors have developed theories to predict three-
dimensional effects on aerodynamic forces in a rotating 
annular cascade, as reviewed by Lordi and Homicz [1]. Most 
of them, however, are concerned with steady loadings in 
subsonic, transonic and supersonic flows or unsteady loadings 
in subsonic flows. Salaiin has dealt with the problem of 
unsteady loadings in a supersonic annular cascade [2] and a 
transonic annular cascade [3]. However since his latter paper 
is written too briefly, one can neither trace details of his 
mathematical analysis nor obtain useful information on three-
dimensional flow features in transonic compressors. 

In this paper the unsteady lifting surface theory developed 
by one of the authors [4, 5] for a rotating subsonic annular 
cascade is extended so that it can be applied to a rotating 
transonic or supersonic annular cascade. In the present theory 
the method of finite radial acoustic eigenfunction series is 
employed, as was done in the previous theories by Namba 
[4-6]. This technique allows one to regard the disturbance 
pressure field in a transonic compressor as a superposition of 
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MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 10, 1981. Paper No. 82-GT-126. 
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acoustic modes of supersonic type consisting of a finite 
number of lower radial orders and those of subsonic type 
consisting of remaining higher radial orders. Owing to this 
method one can obtain not only a clear insight into the three-
dimensional structure of the flow field, but also mathematical 
expressions appropriate for numerical work. 

The theory is applied to predicting unsteady loadings on 
oscillating blades. Numerical examples of unsteady pressure 
distributions on blade surfaces and total unsteady works of 
the aerodynamic forces on blades are presented for some 
combinations of reduced frequency, interblade phase angle, 
modes of vibration and Mach number. All numerical results 
are graphically compared with results from strip theory to 

Fig. 1 Annular cascade and duct geometry 
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constant along the span. Furthermore, X is the reduced 
frequency defined by X = XVJ-/ Wa. Then as shown in [5], the 
disturbance pressure fieldp (r,6' ,z) el>J can be expressed in the 
form 

p(r,6',z)=\ dpV" ApB{P,nKp{r,d',z-{\p)dt (1) 
J h J -cn/2 

where 

A p B ( r z ) QM Kp(r,8',z-?\p): 
N 

4 ^ 

00 00 

£ 2>/"> (#•)*/"> (p) 

Fig. 2 Coordinates and velocity vectors 

demonstrate the three-dimensional effects on unsteady 
aerodynamic characteristics. 

Theoretical Model and Disturbance Pressure Field 

Consider a single annular blade row with N blades rotating 
at a constant angular velocity u* in a solid-walled annular 
duct of infinite axial extent, where an inviscid perfect gas is 
flowing with uniform subsonic axial velocity, Wa, uniform 
entropy, and no preswirl. The disturbance caused by the blade 
row is assumed to be small and insentropic. Let (r,d,z) be a 
cylindrical polar coordinate system fixed to the rotor as 
shown in Fig. 1, where the radial and axial coordinates, r and 
z, are normalized by the duct radius rf. The dimensionless 
time coordinate, t, is correspondingly scaled with respect to 
r\lWa. 

Let each blade have no steady loading and no thickness but 
an unsteady loading fluctuating with a local strength 
&PB(r>z)< an angular frequency, X*, and an interblade phase 
angle b( = 2-wa/N), as shown in Fig. 2. Then each blade can 
be represented by a lifting surface with lifting pressure 
distribution ApB(r,z) exp(i\t + iku) located at a surface 
segment 6' = 2-rrk/N (k = 0, 1, . . . , N-l), -ca/2 <z< 
ca/2 and h < r < 1. Here 6' is defined by 6' = 6 - uz, w is 
the dimensionless rotational speed of the rotor defined by w 
= wVfV Wa, h denotes the hub to tip ratio, and ca denotes the 
axial chord length, which is for simplicity assumed to be 

x[/{poo(«w + X)A^//3Jl-M/ /o}/G/''>-pwsgn(z-{)] 

x exp(/'g + in<j> + fi/n> I z - f l ) 

d'=6-UZ, g=(Z-f )X/Vf2/$ , 0 = J ' + ( Z - f ) w / / j 2 , 

Pl = \-Ml, n=vN+a 

and 

(n,'">)2 = [(A:/">)2-(«co + X)2M^//32]/^, 

Q/") = in /") | for {Q/" ' ) 2 >0, 

Q/"> = i sgn(«o) + X) 10/"' I for (Q/"» )2 <0 

(2) 

(3) 

(4) 

Furthermore, Ma denotes the axial Mach number. R}n) (r) 
and k\n) are, respectively, the orthonormal radial eigen-
functions and corresponding eigenvalues as defined in [6], 
where n ( = vN + a) and / denote, respectively, the cir­
cumferential wave number and the radial node number of an 
acoustic mode in the annular duct. One should note that in 
expressions corresponding to equation (1) in [3-5], ApB(p,^} 
is multiplied by a factor 1/A(p). As Lordi and Homicz [1] 
pointed out, A(p) should be deleted. However, one should 
note also that the numerical results in references [4-6] are not 
affected by this mistake, since ApB (p,$/A(p) is in fact 
treated as the lifting pressure. 

Acoustic Field Expressed by Finite Radial Modes 

As equation (2) shows, the disturbance pressure field is 
expressed as the sum of an infinite number of acoustic modes. 

N o m e n c l a t u r e 

Ca 

Gm(0 

A i = defined by equation (27) 
ajb) (r), ai') (r) = spanwise mode shapes of the y'-th 

order bending and k-th order tor­
sional vibrations 

5/,;j' = coefficients of the finite series ex­
pansion of R}n) (r) in terms of 
Rfflir), equation (5) 
axial projection of the blade chord 
defined by equation (16) 
coefficients of expansion of 
A P B ( P . D in a series of functions 
R^>(p), equation (39) 

g = (z-n*Ml/fi 
jjw.o) (^Q _ Spe ciai function defined by equation 

(29) 
h = hub to tip ratio 

1 
pressure kernel function defined by 
equation (2) 
upwash kernel function defined by 
equation (21) 

( = 
KP = 

K7 

Lengths are scaled with respect to the radius of the blade tip rj-, and time 
with respect to ^d iv ided by the undisturbed axial velocity Wa. 

K\SW) = main vortical part of KT, defined by 
equation (23) 

K$ = subsonic singular part of KT, defined 
by equation (24) 

K\p = supersonic singular part of Kr, 
defined by equation (25) 

K\R) = regular part of KT, defined by 
equation (26) 

K*,K\p* = K„K<g> substracted by the sec­
ond term of the right hand-side of 
equation (25) 

K(N,O) (X) - special function defined by equation 
(30) 

= radial eigenvalues 
L = number of retained terms in the 

finite radial eigenfunction series 
radial order of an acoustic mode 
critical radial order defined by 
equation (14) 
axial Mach number 

N = number of blades 
n = vN+a = circumferential wave 

number of an acoustic mode 

*/"» 

/ 
/ex 

Ma 
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Fig. 3 Cutoff boundaries of acoustic modes in a subsonic flow: M a = 
0.25, h = 0.4, ui = 2.4744, L = 7. Hatched regions denote cut-on state. 

Each acoustic mode will be referrred to by notation («,/)• One 
can easily see that acoustic modes for which the Qj") defined 
by equation (4) are real are of cutoff state (i.e., decaying 
modes), while those with imaginary fi/"' are of cut-on state 
(i.e., propagating modes). One should note that the ex­
pression (2) is formally valid for all flow regimes i.e., sub­
sonic, transonic, and supersonic flows. The factor 0/"', 
however, shows different behaviors for the three flow regimes 
as is clearly demonstrated by using the finite radial mode 
approximation. 

The disturbance pressure field caused by rotor blades with 
no dihedral angle is expected to have a rather small radial 
variation. Therefore the contribution from acoustic modes of 
higher radial orders will be very small. Let the series ex­
pansion with respect to the radial order / in equation (2) be 
approximated by a finite series retained up to / = L — 1. 
Furthermore, let the radial eigenfuntion Rfn) (r) of an 
aribitrary circumferential wave number n be expanded into a 
finite series in terms of R$ (/•) as follows 

Then, as shown in [5] 
L - l 

D BM I{(*/"> )2 - (A:<,0>In)2) SJm -Rjm] = 0; (6) 
m = 0 

U = 0,1, . . . , L - 1 ] , 

where «/"' =k\n) In, and SJm is Kronecker delta, and 

Rjm = \'h-rR?Hr)R%Hr)dr (7) 

Equation (6) implies that B\$ and (K}"')2 can be deter­
mined as the eigenvectors and eigenvalues of a finite real 
symmetric matrix with elements Rjm + 8Jm{k$/n)2. 
Owing to this finite series approximation, Bff and «/"> 
possess definite limits as n — ± oo, and one can write 

(8) 

(9) 

(10) 

(11) 

*/«>(/•)= D - e M M O , (5) 

Bj£> =Bf^ +0(«"2), «/»> =«/-> +0(n~2) 

for large I n I. It also holds that 

K 4 " ) <«',"»< . . . .<4~>1<i//! 

Furthermore as n — ± oo 

(ttj">}2-(fi,(00))2 

= [l-M2
a(l+(a)//c/»))2)](«/<»'/j32)2 

where 
fi/"»=U/">/l«l 

Taking into account these relations, let us see the structures 
of the acoustic fields for the three flow regimes: 

(0 Entirely subsonic flow; M2, (1 + a>2) < 1. It holds for all 
/ ( = 0 , 1 , . . . ,L-l) that 

[ n / " » ) 2 > U - i ^ ( i + c J
2)) /«>o (12) 

Acoustic modes of any radial order / become of cutoff state 
for large circumferential wave number, n, as shown in Fig. 3, 
where hatched regions denote cut-on state. 

(if) Entirely supersonic flow; 1 < Ml(l + o>2h2). For all / 
( = 0 , 1 , . . . ,L-1) 

(fi/c°>)2<{l-M?(l+co2/!2))/(/!2(3^)<0 (13) 

Contrary to the case in subsonic flow, the circumferential 

Nomenclature (cont.) 

p(r,6',z)e^ 

Q 

qT(r,e',z)eiX< 

Rfn) (/•) 
r? 

(r,6,z) 

STlN,a) (JQ 

t 
w}b), ivp 

wa 

zfk) ( z ,n 

ft 

- disturbance pressure 
= W^l+oPr1 = undisturbed fluid 

velocity relative to rotating blades 
= disturbance velocity component 

normal to blade surfaces 
= radial eigenfunctions 
= radius at the blade tip 
= cylindrical coordinate system fixed 

to the rotor 
= special function defined by equation 

(31) 
= time 
= dimensionless total aerodynamic 

work on a blade in the y'-th order 
bending and /c-th order torsional 
vibrations respectively 

= axial velocity of the undisturbed 
fluid 

= defined by equation (36) and in Fig. 
6 

= 1-M2, 

\pB(r,z)eAl = pressure difference across the 
reference blade 

8(X) = Dirac delta function 
5y = Kronecker delta 

f = axial coordinate at a point on a blade 
surface 

T](r,z)e'Xl = displacement of the reference blade 
normal to its surface 
d — coz = helical coordinate 
k\n) In 
dimensionless angular frequency 
Arccos (-2f/c„) 
radial coordinate at a point on a 
blade surface 
undisturbed fluid density 
2-KO/N = interblade phase angle 

* = 0'+(z-f)w//32 

0/"' = axial wave factor defined by 
equation (4) 

fl/n) = Q\n)/\n\ 
co = dimensionless angular velocity of the 

rotor 

4n) 

x 

p 

Po 
a 
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Fig. 4 Cutoff boundaries of acoustic modes in a supersonic flow: Mg 

= 0.8. Other conditions are same as in Fig. 3. 

R\n)(r)/r2= X>/;!MU/"M2-(4?/«)2i;40)(/-) (n) 
m = 0 

which can be derived from equations (5), (6), and (7). It is not 
difficult to show that Kp expressed by equation (15) has a 
singularity at each blade surface as follows 

ATp-=F(l/2)e'M5(z-f)5(/--p) + finite value (18) 

as 8' -*2kir/N±0, where the formal relation 

Hr-P)=P^R^(r)R}n){p) (19) 

is used. 

Upwash Velocity 
As shown in reference [5], one can obtain the disturbance 

velocity by integrating the linearized equation of motion. 
Especially the upwash velocity qT(r,9' ,z)e*', i.e., the velocity 
component normal to the blade surfaces, can be expressed in 
the form, 

qT(r,6',z)=^- \ dpV" ApB(p,S)KT(r,e',z-flp)rff 
PnOJh J-cJl ,n (20) 

where p0 denotes the undisturbed fluid density, Q = 
Wa(\ +o>2r2),/2 is the undisturbed local relative velocity and 
KT (r,d' ,z- f I p) is the upwash kernel function given by 

Kr(r,B',z-S\p) 

= -e-<>*\* e^\(-~-wr^-)Kp] dz (21) 
J-oo l\r dd dz/ J»=»+« 

Substituting equation (15) into (21) and performing the in­
tegration with respect to z, one obtains an expression for KT, 
which can be, for convenience, separated into four com­
ponents as follows 

Here 

Fig. 5 Cutoff boundaries of acoustic modes in a transonic flow: M a 

0.48. Other conditions are same as in Fig. 3. 

TV 

(22) 

tf<w> (r,ft',z- rip) = ™ 0211 +sgn(z- i) }e-AU-n+"»' 
8ir 

wave number, n, of the cutoff modes are confined within a 
finite region for each radial order, /, as shown in Fig. 4. 

(Hi) Transonic flow; A/^(l+ o2/!2) < 1 < M^(l + w2). 
There is a critical radial order /„, such that 

I>pfl/°°> (r)/?/-» (p)(fl/°°>)2 (23) 

N 

{Qf°°)}2<0 for 0 < / < / M - l 

(n/°°»)2>0 for / M < / < L - 1 
(14) 

One can see that the acoustic modes of lower radial order, /, in 
0 < / < / „ - 1 are of supersonic type, as shown in Fig. 5 for 
the case of/„ = 3, 

Now one can rewrite equation (2) into a finite series form 

A, (r,fl',z-$•!» = • 
TV 

4 ^ 
e*P £ R%HP) 

L-\ 

7=0 
x £ e'»*2>/">(r)JDjS»>exp[-G/''>lz-fl] (15) 

where 

DW =BW (i[(»« + X)wM5/j8j-n{ (/</"> )2 -(*g?/n)2 )] 

/Q/">-wsgn(z-f)) (16) 

and use is made of the relation 

A<|)(r,fJ',2-rip) = — = e * £ rpRf^ (r)R}^(p) 

x[Fl+ev'xu-^Hl-N-o) (ft/"> l z - r l -/</>) 

+F /_e-^ l2;-f |i/<A ' '-'7) (ft/00* Iz-f l + /<£) 

-/X( («/"> )2/Q/"') ( e ^ - f i A W ) (Q/°°> | z - f| -/</>) 

+ e-v,Hz-i;\Kw,-,)(ty»)\z_s\ +i(j)) jj (24) 

' o o - l 

*£>(/•,*',*-flp) = - ^ e * £ rpRl'Hr)Rl'Hp) 
4irpa /=0 

xexp[-/XIK /(z-f)l+/o-{0'+(z-r)>l,}] 

x[ j85lf i / ->m«l-sgnfe-f)^lf t / - ) l ] 

-X(K/<»,)2fsgn(co)/ifl/<")|] (/Tr/Tvjsrw^fr+fe-rM,)] 

" T ^ /•p«/" ,(r) /?/- )(p)lf tr , l 
^ / = 0 

oo 

x D b(z-$+(B' -2kv/N)/A,) 
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Kim 

xexp(iko-i\Si 10' -2kir/N\) 

N 

(25) 

L-\ 

-<*>(r,*',*-flp)=—-jrp D *<°>(p) 2 > f ( r ) 
H-7rpff m = 0 y = 0 

00 

x ( l / 2 ) { l + s g n ( z - f ) } e - ' X ( z - » E e'"e' 
p = — OO 

•̂(N.ff) ( ^ ) = e - " ^ { A r _ (1/TV) logc (<?"*- 1)) 

N1 
{/{n(n + c/N)] 

L-\ 

Sr'" '"1 (A') = (2/Tr)Arctan{cot(JVA72)) 
oo 

+ ia/( irN) E e '"N^ / { « ( " + ff/^) ) 

(29) 

(30) 

(31) 
/ ! = —Oo 

* 0 

L - l 

E 
m = 0 

^ P a m = 0 ; = 0 P=-<x> 

L— 1 

X E [M^Jexp(- f i / "» lz- r l ) 

(26) 

- ( 1 -«„ , W 5 / / ° > ft exp(- $»> l z - r i ) 

X (ft/00' (i«sgn(n) - s g n ( z - r ) ^ f i / " > ) 

- ( / x / i / i i )(«/-> / / 3 j 2 / n / » > ) ] 

*/± = ^fi/»> ( ± i « - s g n ( z - f ) / ^ f t / - > ) , 

^ , = « / | ^ - s g n { c o ( z - f ) ) l f t / - > l , S , = A ^ / ( ^ l f i / - ) l ) , 

K ^ c j ^ / O S j f i / - ' ) , ^/"' = sgn(«) (nft/-> - K;X), 

Mfe! =£/«>£>//> fl/">/(fi/',) s g n ( z - f ) - / ( i i « + X ) / ^ } , 

iWfe!± = ^ > ^ / / ) n / " ) / ( ± n / " ) - / ( « c o + X ) / ^ ) 

(27) 

The first component #<'sw') given by equation (23) denotes 
the main part of the vortical disturbance contributed by 
trailing vorticities. 

The second component K\p given by equation (24) denotes 
the subsonic singular part contributed by acoustic modes of 
subsonic type of radial order, /, from l„ to L— 1. In fact, 
taking into account the behaviors of special functions 
H(N,a) ( A : ) a n d K(N,a) ( J Q defined by equations (29) and (30), 
respectively, one can easily see that K$ possesses singulari­
ties of subsonic type at blade surfaces as follows 

1 L~[ 

-iX{(K/°°»)2/Q/™)}logelz-fl] + finite value (32) 

Q/ « ) • 

IG/°°»I : / „ < / < L - l , 

isgn(nw)\Q}a,)\ : 0 < / < / „ - l 
(28) 

asfl'-2Arir/A^±0. 
On the other hand K{

Tp given by equation (25) denotes the 
supersonic singular part contributed by acoustic modes of 
supersonic type of radial order, /, from 0 to /„ — l. As the 
second term on the right-hand side of equation (25) shows, it 
possesses a singularity of delta function type along charac­
teristic lines 

z-{+(6'-2kw/N)/A,=0:[l=0,l, . . . , / „ - l ] (33) 

in the (z,6) -plane, which emanate from points denoted by z = 
r, 0'( = 6 - coz) = 2A:7r/Af, [A: = 0,1, . . .,N-1]. One should 
note that there are as many characteristic lines as the number 
of supersonic orders /„ • The characteristic line expressed by 
equation (33) will be referred to as the Mach line of the /-th 
radial order. One should note also that the first term on the 
right-hand side of equation (25) contains a singularity of finite 
discontinuity along the Mach lines due to the sawtooth 
function involved in the special function STiN'") (X), which is 
defined by equation (31). 

The last component K(
T

R) given by equation (26) denotes the 
regular part bounded everywhere in the field. 

Performing the integration with respect to f in equation 
(20) for delta function terms involved in K^>, one obtains 

qT{r,e',z)= - 5 - ( dpV" n*pB{p,Z)K*(r,e',z-s\P)dt 

>z 
1 1 

M ? 2 

r 1 °° 
# * / » • £ R}')(p)R}")(.r)\il}")\ 

X E exp(ika-i2ir\k\\Sl/N)ApB(.P,Zj^(z,e'))dp (34) 

where 

K; =K\SW^ +K$ +K<? * +KW (35) 

Fig. 6 Mach lines and definition of zffyz,< 
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and Kffi * implies K{
Tp without the second term on the right-

hand side of equation (25). Furthermore 

Transactions of the ASME 

Downloaded 01 Jun 2010 to 171.66.16.68. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Z\k) (z,6') = z + (d' -2kir/N)/{u/p2
a 

+ sgn(0' - Ik-w/N) I fi/ °°> I) (36) 

As shown in Fig. 6, it implies that the Mach line of the /-th 
radial order passing through a field point z = z, d = 6' + coz 
in (z, 6) plane starts from a point of z-wise coordinate equal to 
Z\k) (z,0') on the k-th blade surface. Moreover k+ and k~ 
denote, respectively, the upper and lower limits of the integer 
Arthat satisfies 

-can<z\kHzfi')<can (37) 

Integral Equation for Oscillating Blades 

Let the displacement of the Ar-th blade normal to its surface 
be denoted by rj(r,z)e'x'+'k°. Then the flow tangency con­
dition on the reference blade surface is represented by 

qArfi,z) = Wa(i\ + d/dz)T](r,z) 

Combining equations (34) and (38), one obtains an integral 
equation for the lifting pressure ApB(p,g). In the present 
paper ApB (p,f) is expanded into a radial eigenfunction series 
of the form 

4Pfl(P.ft = X; Gm(£)<>(P) (39) 
casin£ m = 0 

where 

£=Arccos(-2f/c„) (40) 

Then an integral equation for G,„ (£) is obtained as follows 

1 U: Gm^)KT*(r,0,z-n^ 

PoQ 
fir D £ */M) (/•)*£> lft/-> I 

m = 0 1=0 

(41) 

(42) 

X £ Gm(Ar<*»U))exp(/Ar&-/XS/27rljtl/JV) 

/{cflsin(Jf/*>(z))J 

= ^(;X+a/az)i7(r,z) 
where 

A-/*' (z) = Arccos( -2Z/*> (z,0)/co ) 

and 

KTHr,0',z-n=\liR}Z>lp)K;(r,0',z-r\p)dp (43) 

Integration with respect to p in equation (43) can be 
analytically performed, and the resulting expression, which is 
just a minor modification of the expression for A'*, is given in 
Appendix. 

Equation (41) can only be solved numerically. The method 
used in this paper is principally the same as that used in 
reference [6]. Namely G,„(£y) for m = 0, 1, . . . ,L — l;j = 
0,1, . . . , 7 - 1 are determined so that equation (41) is satisfied 
at control points r = ra [a = 0,1, . . . ,L — 1], z = z,- (/ = 
0,1, . . . , 7 - 1 ] . Special considerations are necessary in the 
treatment of the numerical integration with respect to £ and 
the evaluation of Gm (X\k) (z,)) in equation (41). 

The numerical integration formula applied to the first term 
of equation (41) should take into account the condition 
G,„ ( T) = 0, which is equivalent to the Kutta condition. One 
should note that this condition is not inconsistent with the 
possibility of finite pressure jump across the blade surface at 

the trailing edge in supersonic flow, since sin£ in the 
denominator of equation (39) is zero at £ = ir. 

The coordinate X}k) (z,) is in general not equal to any of 
the £/ and hence Gm (X\k) (z,)) in the second term of 
equation (41) should be expressed in terms of Gm (£,) by using 
an interpolation method. In order to minimize the numerical 
error, however, interpolation across those points where 
Gm (£) shows a very steep variation should be avoided, and, 
instead, extrapolation should be applied. In fact, Gm(£) is 
expected to show a steep variation at those points where the 
Mach lines emanating from the leading and trailing edges of 
the adjacent blades reflect. The z-coordinates of the reflection 
points are given by 

zf"=cfl/2-s<"-
zUL = ~ca/2 + ffljW + - (m- Dsi" " 

Mm =-ca/2 + m(s^+-s^-) 

(44a) 

(44Z?) 

(44c) 

(38) where 

n ( ' ) ± - (2ir/A0(w//3jTia/"»l) (45) 

Here z^p is the reflection point of the trailing edge Mach line 
of the /-th radial order, while zfh,m and z['^,„ denote the w-th 
reflection points of the leading edge Mach line of the /-th 
radial order on the suction and pressure surfaces, respectively. 
One should note that Mach lines of different radial orders 
reflect at different points. This implies that the pressure 
variation across a Mach wave reflection in three-dimensional 
flow is less steep than that in two-dimensional flow. 

In the present paper the chordwise control points z; are 
taken so that they coincide with the coordinates corre­
sponding to %j, and further the £, are selected as follows: 

(0 The case of no trailing edge Mach line reflection. 

{;=(*•//)(/+1/2): [/ = 0,1, . . . ,7-1] (46) 

(//) The case where only trailing edge Mach wave reflection 
occurs (as shown in Fig. 6). 

£,= 

'(2$V/)C/ + l /2):[/ = 0,l , (7 /2) - l ] , 

(47) r + t 2 ( 7 r - n / 7 ) ( y ' - / / 2 + l / 2 ) : 

^ [/=(7/2),(7/2) + l 7 - 1 ] , 

where £* = Arccos ( - 2zf0) lca). 

The case where leading edge Mach wave reflection occurs is 
not treated in this paper. In order to deal with this case with 
satisfactory accuracy an improved computational scheme 
(which will be presented in future) should be employed. 

Numerical Examples and Discussions 

In this paper two types of vibrations are considered: the 
case of pure bending where the circumferential displacement 
of a reference blade is given by Hcaa}b) (r)e'x ' , and hence 

r,{r,z) =Hcaa}b) (/•)/( 1 + coV)1/2 (48) 

and the case of pure torsion about the mid-chord axis where 
the twist angle of a reference blade is given by 9 a | ° (r)e'Xl, 
and hence 

v ( r , z ) = e 4 ' > ( r ) ( l + o V ) 1 / 2 z (49) 

Here 77 and 9 denote amplitude at the blade tip, and a}b) (r) 
and <4" (/•) denote the spanwise mode shapes of they'-th order 
bending and &-th order torsional vibrations. The natural 
mode shapes of a uniform cantilever beam are assumed. 

In this paper an extensive parametric study is not at­
tempted, but only a few numerical examples to demonstrate 
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0.801 

1.477 
M=0422 

Fig. 7 Lifting pressure distributions due to the first-mode bending 
vibration in a subsonic flow: h = 0.4, u> = 2.4744, Xca = 0.2, aIN = 0.2, 
N = 30, Nca = 2.0, M a = 0.3. M denotes the local relative Mach 
number; lifting surface theory, — strip theory. 

1.953 

Fig. 8 Lifting pressure distributions due to the first-mode bending 
vibration in a supersonic flow: M a = 0.8. Other conditions are same as 
in Fig. 7. 

Fig. 9 Lifting pressure distributions due to the first-mode bending 
vibration in a transonic flow: M a = 0.5. Other conditions are same as in 
Fig. 7. 

the features of three-dimensional effects are presented. In all 
cases radial collocation stations, L = 7, and chordwise 
collocation stations, 1=8, are used. Computations were 
conducted on an electronic computer FACOM 230 M200 at 
the Computer Center of Kyushu University. In order to 
illustrate the three-dimensional effects results of the present 
lifting surface theory are compared with those of strip theory 
obtained by applying the two-dimensional linearized unsteady 
subsonic or supersonic cascade theory at each radial station. 

Lifting Pressure Distributions. Figures 7, 8, 9 show the 
lifting pressure distributions for a first mode bending 
vibration of unit amplitude H = 1 in subsonic, supersonic, 
and transonic flows, respectively. Here Re[ ] and Imf ] 
denote real and imaginary parts, respectively. 

In subsonic flow the feature of the three-dimensional effect 
which makes the spanwise variation of aerodynamic forces 
less steep is clearly shown in Fig. 7. As was already pointed 
out by Namba [3], this effect is large since the predominant 
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Fig. 10 Variation of the total aerodynamic works with the reduced 
frequency in a supersonic flow: h = 0.4, co = 2.4744, N = 35, oIN = 0.2, 
Ncg = 1.8, Ma = 0.8; lifting surface theory, strip theory 
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Fig. 11 Variation of the total aerodynamic works with the reduced 
frequency in a transonic flow: Nca = 2.2, Ma = 0.48. Other conditions 
are same as in Fig. 10. 

acoustic modes are of cutoff state. The predominant acoustic 
modes are those in which the minimum circumferential wave 
number is equal to a and radial mode shapes are close to the 
spanwise mode shape of the blade vibration. The acoustic 
field generated by the first- or second-mode blade vibration is 
in general dominated by acoustic modes of (CT,0) and 0,1). 
Figure 7 illustrates the case where both modes are of cutoff 
state. 

As shown in Fig. 8, three-dimensional effects are, in 
general, remarkably small in supersonic flow, where strip 
theory predicts lifting pressure distributions with excellent 
accuracy except near the hub. It should also be pointed out 
that in supersonic flow under conditions of interest for the 
flutter problem, the predominant acoustic modes are of cut-
on state. 

In the case of transonic flow, as shown in Fig. 9, the 
chordwise pressure profile at a subsonic or supersonic span 
station retains the features known from two-dimensional 
subsonic or supersonic flow theory respectively. However, the 
deviation of the lifting surface theory prediction from that of 
strip theory is substantial. The magnitude and chordwise 
profile of the blade surface pressure predicted by the lifting 
surface theory shows a continuous change with no singular 

behavior across the sonic span. On the other hand the lifting 
pressure predicted by strip theory shows divergent behavior 
across the sonic span. 

W*(r) = — rf2(l+u2r2 

2X 

f ca/: 

) W 2 \ 
J -c, 

-i\fi(r,z)ApB{r,z) 

Aerodynamic Work. The local aerodynamic work done on 
a blade surface per cycle, W* (r), is given by 

• c„/2 

-ca/2 

+ i\T,(r,z)ApB(r,z)]dz (50) 

where f\(r,z) and ApB(r,z) denote complex conjugates of 
r)(r,z) and Apg(r,z), respectively. Let W}b) (r) and Wft (r) 
denote the local aerodynamic works per unit span per cycle 
for the y'-th mode bending and A>th mode torsional vibrations 
normalized by 7rp0 W^r^H2 and irp0 Wlrf2Q2, respectively. 
Furthermore 
defined by 

total work coefficients, W}"> and iVln, are 

(W)b\W^) = \h (W}»Hr)Ml)(r))dr (51) 

In order to see how three-dimensional effects will affect 
flutter boundaries, variations of total unsteady aerodynamic 
works with the reduced frequency are demonstrated in Figs. 
l O a n d l l . 

For supersonic flow, as shown in Fig. 10, where the 
predominant acoustic modes (<r,0) and (a,l) are of cut-on state 
for all frequencies, the blade vibrations are slightly 
destabilized by the three-dimensional effect. The effect is, 
however, generally small, and strip theory will give no sub­
stantial error in the prediction of flutter boundaries. 

On the other hand, for transonic flow, as shown in Fig. 11, 
the total aerodynamic work predicted by the lifting surface 
theory shows a sharp decrease near the resonance states of the 
predominant acoustic modes. For the example in Fig. 11, this 
effect results in decreasing the critical reduced frequency of 
the second mode torsional vibration to Xc„ = 0.35, which is 
much lower than the Xc0 = 1.2 predicted by strip theory. 

Conclusions 

To predict unsteady loadings on a rotating annular cascade, 
a lifting surface theory applicable to all flow regimes, i.e., 
subsonic, supersonic and transonic, is developed. The method 
of finite radial acoustic order approximation is employed, and 
it has turned out not only to give a clear insight into the 
different features of the acoustic fields for the three flow 
regimes, but also to provide mathematical expressions ad­
vantageous to computational work. From some numerical 
examples the following conclusions are deduced. 

For supersonic flow, three-dimensional effects on unsteady 
loadings are generally small, and strip theory predicts with 
good accuracy local loading distributions as well as total 
aerodynamic works. 

In the case of transonic flow, three-dimensional effects are 
of substantial importance. The blade surface pressure 
predicted by lifting surface theory shows continuous tran­
sition across the sonic span, while the strip theory ap­
proximation breaks down near the sonic span. The 
aerodynamic work on vibrating blades shows sharp decrease 
near the resonance states of the predominant acoustic modes. 
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The 'modal kernel function' KT*m(r,6',z—$ can be 
separated, in the same way as equation (35), into four parts as \r ^z,1 

follows KT^ (r,0',z-f) = ^ j r £ *j°>(#•) 

KTm=KT^+KTB^+KTP^*+KTi) (A1) 

Each part is expressed as follows x(l/2)( 1+sgn(z-f) )e"'X(z"° £ „m« 

/ =0 
8 T ^ { l + s g n f e - 0 } e - ^ - ^ ' - ' X £ [ M /

( : j - M / : ; + - 2 ( l - 5 I < ) ) 5 r 5 r ) « ( 0 / » > ) : 

i - i L - l 
X £ /*/-> (/•)£/»> {ft/°°>)2 (A2) +JLeiSrf/R(0)(r) V e<»* 

j m « * <r,0',*- f) = - ^ j e* £ /*/-> </•)*/-> x £ [M/^exp(- 0/-» k - fl) 
4 ^ 

/=o 

x[F,+ e ^-f ' / /<" . •» (ft/-> | z-f | - ty ) - ( 1 - S ^ B ^ B j j ^ ^ e x p ( - i / . / n ) l z - f I ) 

+JFr.e->',xk-ri #<",-«> (ft/°°> k - f l + /<£) x (ft/00' (/cosgn(«) -sgn(z-f)/3jjft/~>) 

- / \ ( (K|"»)2 /fi |" )]fe ' ' 'x i z" r l^™ (fi/"' k - f I -'</>) -(/X/lnl)(K/<x,)//3fl)
2/ft/™)}] (A5) 
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Influence of Endwall Flow on 
Airfoil Suction Surface Midheight 
Boundary Layer Development in a 
Turbine Cascade 
This paper presents the results of an analysis to assess the influence of cascade 
passage endwall flow on the airfoil suction surface midheight boundary layer 
development in a turbine cascade. The effect of the endwall flow is interpreted as 
the generation of a crossflow and a crossflow velocity gradient in the airfoil 
boundary layer which results in an extra term in the mass conservation equation. 
This extra term is shown to infuence the boundary layer development along the 
midheight of the airfoil suction surface through an increase in the boundary layer 
thickness and consequently an increase in the midheight losses, and a decrease in the 
Reynolds shear stress, mixing length, skin friction, and Stanton number. An 
existing two-dimensional differential boundary layer prediction method, STAN-5, 
is modified to incorporate the above two effects. 

Introduction 

Accurate knowledge of the airfoil surface heat loads and 
aerodynamic losses is essential for conducting designs and 
analyses of aircraft gas turbines. Turbine designers currently 
rely on empirical correlations of experimental rig data, 
analytical calculation methods, and limited engine data to 
guide the trade-off studies that eventually lead to a final 
design. The empirical correlations, usually obtained from 
cascade and rotating rig test data and the results of the 
analytical calculation techniques are subsequently modified to 
reflect the limited information deduced from real engine test 
data. This is because much of the experimental rig data is 
obtained for well-controlled, two-dimensional flow fields, 
where each parameter is investigated separately, but the 
complex interaction of all effects in the real turbine are 
neglected. Similarly, the analytical calculations are usually 
obtained from two-dimensional boundary layer prediction 
methods, and do not accurately account for the complex flow 
field and thermal environment of the gas turbine engine. As a 
consequence of this "building block" procedure in design 
systems, this procedure invariably leads to a conservative 
design with some inefficiency especially at off-design 
operating conditions. 

There are good arguments why a designer is reluctant to 
rely heavily on heat transfer and aerodynamic information 
obtained from the analytical methods. As an example, 
although numerous calculation methods available in literature 
have been shown to compute the growth of laboratory 
generated two-dimensional boundary layers on either curved 
or flat surfaces, none of these methods have been demon-

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22, 1982. Manuscript 
received at ASME Headquarters December 10, 1981. Paper No. 82-GT-127. 

strated to consistently predict the development of both 
momentum and thermal boundary layer growth on turbine 
airfoils even in plane cascade configurations. It is not sur­
prising, then, that a designer is reluctant to use information 
from such analytical methods in actual engine environments 
where the complex interaction of high turbulence level, radial 
pressure gradients, unsteadiness, rotation, and large tem­
perature gradients are likely to influence the development of 
boundary layer flows to a significant extent. 

Admittedly, the calculation of boundary layer growth on 
turbine airfoils is a formidable task. This is because the 
pressure and temperature gradients on turbine airfoil surfaces 
along with the small dimensions of the airfoil sections dictate 
low Reynolds number flows which result in transitional types 
of boundary layers over most of the airfoil surfaces. The 
problem is further complicated because typical gas turbine 
airfoils are highly cambered and operate in low aspect ratio 
configurations where the endwall secondary flows are likely to 
influence boundary layer development over most of the airfoil 
suction surface, even at midheight regions. The main ob­
jective of the present paper is to demonstrate that if the in­
fluence of endwall secondary flows on the midheight 
boundary layer development of realistic turbine airfoil 
geometries is properly accounted for, an available two-
dimensional boundary layer calculation method [1] can be 
modified to obtain a much improved estimate of both 
momentum and thermal boundary layer growth. 

Background. A number of attempts [5-7] have been made 
to calculate the boundary layer development over curved 
surfaces. An important objective of these investigations has 
been to develop a capability to predict the boundary layer 
development on turbomachine airfoils which are highly 
cambered. One of the simplest, yet physically realistic, 
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analyses for turbulent boundary layer flows over curved 
surfaces has been proposed by Bradshaw [5]. He drew a 
simple analogy between the effect of curvature and that of 
buoyancy, the latter in the case of a heated shear layer, and 
predicted that the boundary layer mixing length in flows over 
a convex surface would be reduced while that over a concave 
surface would be increased. Through his analysis, Bradshaw 
demonstrated good agreement between experimental data and 
theoretical predictions for boundary layer skin friction and 
shape factor. Further extension of his analysis also indicates 
that a turbulent boundary layer over a convex surface would 
be thinner and that over a concave surface would be thicker 
when compared to the boundary layer over a flat surface. 
These predicted trends have been substantiated by ex­
perimental measurements in high aspect ratio two-
dimensional curved channels [8, 9]. However, observations of 
turbulent boundary layer data in curved channels of moderate 
and low aspect ratios show exactly the opposite trend [10, 11, 
12]. 

Similar results may be deduced from the experimental data 
in rotating radial channels. Application of Bradshaw's 
analysis for flows over a rotating radial surface (suction side) 
indicates that the mixing length would decrease and hence the 
boundary layer would be thinner when compared to the 
boundary layer over a flat stationary surface. This behavior is 
supported by experimental data from high aspect ratio 
rotating channels [13, 14] which show that the boundary 
layers over suction surfaces are thinner and those over 
pressure surfaces are thicker than the boundary layers over 
flat stationary surfaces. For lower aspect ratio rotating 
channels, however, opposite trends are again observed [15, 
16]. 

Moore [16] proposed a model to explain the behavior of 
boundary layer flows on the pressure and suction surfaces of a 
rotating radial channel. According to this model, it is the 
cross-channel pressure gradient, generated by the Coriolis 
force in a rotating channel, that drives the low momentum 
endwall boundary layer fluid toward the suction surface of 
the channel. Moore also proposed a hypothesis for the flow in 
the corner regions of the endwall and pressure and suction 

surfaces. According to this hypothesis low momentum fluid 
directed towards the suction surface enters the suction surface 
boundary layer which results in increased loss on the suction 
surface over and above its two-dimensional value. Similarly, 
boundary layer fluid from the pressure surface migrates 
towards the endwall which results in lower losses on the 
pressure surface of the channel than expected in two-
dimensional flow fields. Moore extended the two-dimensional 
boundary layer calculation method of Moses [21] for quasi-
three-dimensional flows in a rotating channel and was able to 
obtain good estimates of the boundary layer flows in rotating 
radial impellers. 

Sharma and Railly [22] applied Moore's analysis to rotating 
and stationary curved channels. They used Railly and 
Howard's [23] method to calculate the boundary layer 
development in the endwall regions, whereas for the growth 
of boundary layers on the pressure and the suction surfaces 
they used Moore's version of the Moses method. In addition 
Sharma and Railly also showed that the presence of cross flow 
on the pressure and suction surfaces of the rotating curved 
channels also causes change in mixing lengths over and above 
the changes proposed by Bradshaw [5]. Through their analysis 
the above authors were able to correctly estimate the 
boundary layer skin friction, shape factor, and momentum 
loss thickness for the data of Schubauer and Klebanoff [12] 
acquired in the midheight region of the convex surface in a 
stationary channel. 

An alternate model to account for cascade endwall 
boundary layer cross flows on the airfoil midheight boundary 
layer development was proposed by Dunham [17]. He at­
tributed increased loss at the airfoil midheight in a cascade to 
an axial velocity density ratio (AVDR) effect resulting from 
boundary layer growth in the endwall region. The AVDR 
effect (AVDR = (p Va) exit/(p Va) inlet) and the presence of 
boundary layers in the endwall region usually result in higher 
axial velocity in the exit plane of the cascade than at the inlet. 
However, when Dunham applied this model to the data of 
Shaalan [18], he had only limited success as shown in Fig. 1. 
Dunham obtained better agreement with the data when he 
used an AVDR value of 4.0 instead of 1.433, the latter value 
being obtained from the experimental data. This indicates 

N o m e n c l a t u r e 

CPT = 

Cp = 

H = 

h = 
K = 

L = 
I = 

P = 
P = 

R = 

Ri 
Re 

total pressure coef­
ficient, 2(Pt, -Pt) IpUf 
specific heat at constant 
pressure 
half-height of the airfoil 
in a cascade 
heat transfer coefficient 
curvature of the airfoil 
surface 
dissipation length 
total length of the airfoil 
suction surface 
static pressure 
fluctuating static pres­
sure 
radius of curvature of 
the equivalent axisym-
metric body 
Richardson number 
Reynolds number based 
on momentum loss 
thickness 

S = 

St = 

penetration height of the 
separation line on the 
airfoil suction surface 
Stanton number based 
on local velocity 

U,V,W = streamwise, normal, and 
transverse components 
of mean velocity 

u,v,w = streamwise, normal, and 
transverse components 
of turbulence velocity 
streamwise, normal, and 
transverse components 
of turbulence intensity 
Reynolds shear stress in 
the streamwise-normal 
direction 
Reynolds shear stress in 
the transverse-normal 
direction 
streamwise, normal, and 
transverse distances 

,v2,w2 

wv = 

x,y,z 

Greek Letters 

/3 = constant defined in 
equation (13) 

5 = boundary layer thickness 
6 = boundary layer momen­

tum loss thickness 
e = cross-flow angle 
T = shearing stress 
p = density 
jtt = dynamic viscosity 
v = kinematic viscosity 

Subscripts 
oo = indicates free stream 

condition 
3D = three dimensional 

e = edge of the boundary 
layer 

i = inlet condition 
k = curvature 
te = trailing edge 
w = wall 
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Fig. 1 Evaluation of AVDR effect to account for endwall flows on 
compressor airfoil suction surface midheight boundary layer 
development (replotted from Dunham [17]) 

that some mechanism other than the AVDR effect may be 
responsible for increased boundary layer thickness at the 
midheight of airfoils in cascades. 

More recent investigations indicate the viscous flow 
development in a turbine cascade is more complex than in 
either a curved channel or a compressor cascade. Langston 
et al. [2] has shown that the inlet boundary layer entering a 
turbine cascade rolls into a horseshoe vortex that wraps 
around the leading edge of each airfoil. The pressure side leg 
of the horseshoe vortex travels across the passage to the 
suction side of the adjacent airfoil, and is reinforced by the 
new endwall boundary layer that is generated in the turbine 
passage. The combination of these two flows make up the 
passage secondary flow vortex. The axial velocity in the 
passage vortex is of the same order as the free stream velocity 
of the undisturbed flow. Thus, the presence of the passage 
vortex does not cause any appreciable blockage in the cascade 
passage which implies that AVDR effects are virtually absent 
in turbine cascades. Exit plane total pressure contours and 
gap-averaged loss values from the tests of Langston given in 
Fig. 2 show a very small region of constant loss in the 
midheight region of the cascade. Additional unpublished 
work conducted at Pratt & Whitney Aircraft by Langston 
included installation of a fence, similar to the ones used by 
Prumper [20], on the airfoil suction surface. The latter tests 
were conducted at the same test conditions and in the same 
test facility as described in the published investigations of 
Langston et al. Exit plane total pressure contours and gap-
averaged loss with the fence installed, given in Fig. 3, show a 
larger area of almost constant loss in the midheight region of 
the cascade than observed with no fence. The magnitude of 
the midheight loss is also lower in Fig. 3 than in Fig. 2. It 
should also be noted that since midheight surface static 
pressure distributions on the airfoil surfaces were almost 
identical in these two investigations, the growth of a two-
dimensional boundary layer would be expected to be the same 
in these two tests. These results demonstrate that: (/') viscous 

0.1 0.2 0.3 0.4 

FRACTION OF HEIGHT 

PRESENT MODEL 
PREDICTION 

O 2D CALCULATIONS 

0 0.1 0.2 0.3 0.4 0.5 

FRACTION OF HEIGHT 

Fig. 2 Exit plane total pressure coefficient contours and gap averaged 
loss for the Langston et al. [2] test 

flow from the regions near the endwall on the suction surface 
migrated towards the midheight region of the cascade; (ii) 
installation of the fence on the airfoil surface reduced this 
migration; and (Hi) the importance of this effect must be 
considered whenever cascade data is utilized to obtain in­
formation at midheight locations. 

Graziani et al. [3] complemented Langston's study by 
conducting a detailed heat transfer investigation of the same 
cascade geometry in the same test facility. Graziani obtained 
data for two different cascade inlet boundary layer thickness 
to height ratios. In addition to heat transfer coefficient data, 
Graziani obtained flow visualization information on the 
airfoil and the endwall surfaces, and additional aerodynamic 
measurements of the exit flow fields. Figure 4 shows total 
pressure contours and gap-averaged loss for the lower value 
of inlet boundary layer thickness to height ratio from the 
investigation of Graziani. The data of Langston, plotted in 
Fig. 2, and the data of Graziani, plotted in Fig. 4, were ob­
tained for the same test conditions except for the magnitude 
of the cascade inlet boundary layer thickness. A comparison 
of the regions of constant loss in Figs. 2 and 4 shows that a 
larger constant loss region resulted with the smaller cascade 
inlet boundary layer thickness. This indicates that the airfoil 
midheight loss is affected less with the smaller inlet boundary 
layer thickness. 

A fair estimate of the magnitude of the endwall secondary 
flow that affects the midheight boundary layer development 
on the suction surface of an airfoil in a cascade can be ob­
tained from flow visualization information on the airfoil 
suction surface. Airfoil suction surface flow visualization of 
the limiting streamlines, including the separation streamline, 
from the cascade tests of Langston et al. and Graziani et al. 
for thick (15 percent height) and thin (2 percent height) 
cascade inlet boundary layers are shown in Fig. 5. An im-
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Fig. 3 Exit plane total pressure coefficient contours and gap averaged 
loss for the Langston's test with a fence installed on the airfoii suction 
surface 

portant feature to note is the larger penetration height of the 
separation streamline at the trailing edge for the thick inlet 
boundary layer case. It should also be pointed out that flow 
visualization acquired at Reynolds numbers other than the 
values presented in Fig. 5 indicated that Reynolds number 
variation had an insignificant effect on the distribution 
pattern of the airfoil suction surface limiting streamlines. 

Collective evaluation of the information previously ob­
tained from Figs. 2 and 4, and the separation line penetration 
height magnitudes from Fig. 5, indicate that when the 
magnitude of the endwall secondary flow vortex is large, the 
penetration height of the separation line is large, and so is the 
magnitude of the loss at the cascade midheight location. 
Consequently, penetration height of the separation line at the 
trailing edge of the suction surface of the airfoil can be used to 
estimate the size and the position of the endwall secondary 
flow vortex. This information may then be used to estimate 
the influence of endwall flow on the cascade midheight 

THIN B.L. TEST 

Fig. 5 Limiting streamline flow visualization on the airfoil suction 
surface from the tests of Langston et al. [2], thick inlet boundary layer 
and Graziani et al. [3], thin inlet boundary layer 

boundary layer development and hence provide an estimate of 
the loss. 

Based on an endwall flow model formulated from the 
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results of the above data, the present work extends the 
aforementioned analysis of Sharma and Railly [22] to provide 
a reasonably accurate method for calculating midheight 
boundary layer development on the airfoil suction surface of 
turbine cascades. While the above analysis was limited to 
turbulent flows, the differential type of boundary layer 
calculation used in the present analysis is applicable to 
laminar, transitional, and turbulent boundary layer 
development. The present analysis utilizes the height of the 
separation streamline on the airfoil suction surface to give 
information for estimating the cross flow velocity profiles on 
the airfoil surface. Details of the theoretical treatment used in 
the present method are given below. 

Theoretical Treatment. The theoretical equations 
governing the development of a boundary layer along the 
suction surface midheight of an airfoil in a cascade con­
figuration, with endwall effects, are described in the first part 
of this section. It is assumed that the midheight of the airfoil 
is also the plane of symmetry. The flow along the plane of 
symmetry may be calculated in a manner similar to the flow 
developing over an axisymmetric body if a relationship can be 
established between the cross-flow velocity gradient and the 
radius of the hypothetical axisymmetric body. Such a 
relationship is proposed in the second part of this section. 
Also described in that part is a simplified formulation of the 
cross-flow velocity gradient as a function of the streamtube 
contraction and a relationship between the streamtube 
contraction and the penetration height of the separation 
streamline on the airfoil suction surface. The effects of the 
cross-flow velocity gradient and airfoil surface curvature on 
the Reynolds shear stress is described in the third part of this 
section, where it is proposed that a modified form of mixing 
length distribution should be used for calculating turbulent 
boundary layers developing under the influence of endwall 
flow effects. The final part of this section deals with the 
calculation of the onset and the extent of the transitional 
boundary layer regime. 

Governing Equations. The conservation of momentum in 
the streamwise direction for a steady incompressible, three-
dimensional turbulent boundary layer developing over a flat, 
stationary surface is given as 

1 dP ! d r v , ^ 

7S + - d r ' + r ' » (1) 
du du du 

u— +v— +w— =• 
dx dy az + 7Ty[Txy + Tzy) 

If the midheight of the suction surface of an airfoil in a 
cascade configuration is also the plane of symmetry of the 
flow, then at the plane of symmetry it can be assumed that W 
= 0 and rzy = 0. Applying these assumptions to equation (1) 
and by substituting T = rxy, the above equation reduces to: 

rrdU dU 1 dP 1 3T 
U— +v — = + 

ox dy p dx p dy 

(2) 

where 

T = /X 
dU 

'dy" -puv 

Equation (2) is essentially the same at the plane of sym­
metry as it is in two-dimensional flows. The equation 
governing the development of a thermal boundary layer for 
flows along the plane of symmetry takes a form similar to the 
momentum conservation equation and remains essentially the 
same as for two-dimensional flows. 

The conservation of mass in a steady, incompressible, 
three-dimensional boundary layer flow is given by 

du dv aw 
ox by dz 

(3) 

flows along the plane of symmetry, however, this extra term 
dW/dz has to be accounted for. The treatment of this term 
adopted in the present procedure is described below. 

Mass Conservation Equation at the Plane of Sym­
metry. It is emphasized here that although W = 0 at the 
plane of symmetry, dW/dz is nonzero, the reason being the 
nonzero value of Wav/ay from the plane of symmetry. 

It is assumed that Wis a linear function of z, the plane of 
symmetry being located at z = 0 (Fig. 5). The form of the 
cross flow velocity is then taken as 

U 
;Z (4a) W=-

H-S 

where 

H-- distance from the endwall surface to the midheight of 
the cascade 

S=distance of the endwall from the line describing the 
convergence of the flow (i.e., the approximate 
diameter of the endwall passage vortex defined by the 
'separation line' in the airfoil suction surface as 
shown in Fig. 5) 

S=f(x) 
ew = cross-flow angle at the wall on the airfoil suction 

surface 

dS 

dx 
(4b) 

The negative sign for W in equation (4) indicates that the 
overall mass in the boundary layer is greater than the two-
dimensional value, due to the presence of the convergence 
effect on the midheight boundary layer. 

Differentiating equation (4a) w.r.t. z and by assuming 
du/dz = 0 (which is a reasonable assumption near the plane 
of symmetry) results in 

dW U 

- ^ = -£"77=s (5) 

Substitution of equation (5) in equation (3) results in the 
following expression for the mass conservation equation 

^ + ^ _ _ ! ^ _ = 0 (6) 

dx dy H-S K ' 
Now, by way of comparison, the conservation of mass for 

boundary layers developing over axisymmetric bodies is 
written as 

dUR dVR 
+ = 0 

dx dy 

where 

r = radius of the axisymmetric body 

If R is approximated by the following expression 

(7) 

* = eXP(-J^^) (8) 

then equation (7) takes on the same form as equation (6) and 
analytical results obtained for flows over axisymmetric bodies 
can be used to calculate the boundary layer development at 
the plane of symmetry. 

Substituting for ew from equation (4a) in equation (8) leads 
to: 

/ f dS/H \ 

= 1 s 
~H 

(9) 

In two-dimensional flows dWIdz = 0. For calculating 
The variation of S as a function of the air-foil suction 

surface length was obtained from flow visualization of the 
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airfoil suction surface limiting streamlines, notably the 
penetration height of the separation streamline. 

A solution of equations (2), (7), and (9) may then be ob­
tained by using any of the established procedures for 
calculating parabolic partial differential equations over 
axisymmetric bodies. 

Structure of Turbulence at the Plane of Symmetry. In 
addition to the flow convergence effect influencing the mass 
conservation equation (equation (6)), as described above, this 
effect is also shown to influence the structure of turbulence in 
boundary layers. 

Bradshaw [24] pointed out that the turbulence structure in 
boundary layers is strongly influenced by the extra rates of 
strain produced by curvature, rotation, and endwall flows. 
Sharma and Railly [22] showed that the effect of these extra 
rates of strain on the structure of turbulence in boundary 
layers generated by streamtube convergence and longitudinal 
surface curvature can be demonstrated through the use of the 
transport equation for Reynolds shear stress. This equation 
can be written as shown in Appendix A, as 

u ^ + vt -uv 
dx dy 

(Convection) 

dU _ 

dy " 

(Generation) 

diffusion 
(10) 

-03uv 
-^dW _ _ 
uv- KU(2u2-

dz 
-u 2 ) -0 .3 

[-uv) 3/2 

(Dissipation) 

Neglecting convection and diffusion of the Reynolds shear 
stress in the inner part of the boundary layer results in the 
following expression 

dU I 

'dy I 
1 + 

10 dW IdU 

3 dz I dy 

10W-^-Kuld^] 
3 — uv 

-u~v)yl 

dy. 

Ln 

or -J— uv = L 
dU 

dy 

where L0 [l + 

(H) 

(12) 

and Ri i D -
dW IdU IdU 

I Ty dz I dy 

-- gradient Richardson number due to the end-
wall flow effect 

Rik=2KU/ 
d~y 

= gradient Richardson number due to the 
presence of longitudinal surface curvature 

fro =10/3 

5 W-v1 

fa= = - = 9 
3 — uv 

(u2 = -uv/.3,~v2 = -Hv/JS 
—according to McDonald-Fish [42]). 

L = dissipation length 
L0 = dissipation length for flow over flat surfaces in 

two dimensional flows. 

For two-dimensional flows dWIdz is zero, and for this 
condition equation (12) indicates that the dissipation length, 
which is of the same order as the mixing length in the inner 
part of the turbulent boundary layer, needs to be modified 
due to the effect of airfoil surface curvature. Bradshaw 

recommended that pk be of the order of 7-10 for flows over 
convex stationary surfaces, which is in good agreement with 
the value 9 obtained in the present analysis. The above 
analysis shows that the effect of the streamtube contraction 
(representing the endwall flow effect) on the structure of 
turbulence can be obtained through the use of Ri3D and /33D 

and no empirical constant is required. Also, in the present 
case Ri3D is negative and indicates a decrease in the length 
scale. A decrease in the dissipation or the mixing length would 
result in reduced Reynolds shear stress which in diffusing 
flows can be interpreted as a tendency towards separation. 

Another important parameter that has a significant effect 
on the local structure of turbulence in boundary layers is the 
upstream history of the flow. Recent experimental studies 
conducted at Stanford University [25, 26] have shown that the 
influence of extra rates of strain produced by upstream wall 
curvature on two-dimensional turbulent boundary layers 
persist well beyond the end of the curvature region. 

Although multiequation turbulence models [27-31] have 
the potential to automatically account for the upstream 
history effect, these sophisticated models have had only 
limited success in calculating boundary layers on turbine 
airfoils as shown by Daniels and Browne [32]. The calculation 
method described herein, which uses a simple mixing length 
model but with appropriate modifications to account for the 
recent findings as outlined above, show a significant im­
provement over previous methods. The effect of the upstream 
history on the mixing length was accounted for by using 
curvature and the e„ values fifteen boundary layer thicknesses 
upstream of the calculation location. 

Transition Model. Extensive experimental investigations 
[33, 34] have indicated that suction surfaces of turbine airfoils 
have extended regions of transitional flow. In order to ac­
complish the present objective of demonstrating the effect of 
endwall flows on airfoil midheight boundary layers a simple 
model was incorporated in an available boundary layer code 
(STAN-5) to facilitate calculations through the transitional 
region. The present transition model is similar to the one used 
by Gaugler [41] and is based on two correlations which give 
criteria for the onset of the transitional region and 
distribution of the intermittency factor in the transitional 
regime. 

The modifications proposed in the above four subsections 
have been incorporated in the aforementioned boundary layer 
calculation method STAN-5. The theoretical predictions 
obtained from this method are compared with the ex­
perimental data of Graziani et al. [3], Langston et al. [2], and 
Dring et al. [4] and are described in the following section. 

Comparison With Data. Only limited data is available in 
the published literature where measurements of both 
momentum and thermal boundary layer parameters were 
acquired in turbine cascades. The following sets of data were 
used in the present investigation to evaluate the above 
analysis, these being: 

9 Graziani et al. [3] data acquired with a thin inlet 
boundary layer for a large-scale, low-aspect ratio, high-
turning linear cascade where measurements of airfoil surface 
heat transfer coefficient distribution, airfoil surface static 
pressure distribution, flow visualization information on the 
airfoil suction surface and the magnitude of the loss in the 
midheight region of the cascade in the exit plane were 
available. 

9 Langston et al. [2] data acquired in the aforementioned 
test facility for the same test conditions except with a thick 
inlet boundary layer to the cascade where measurements of 
boundary layer thickness near the trailing edge plane on the 
airfoil suction surface, flow visualization information on the 
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Fig. 6 Airfoil midheight free stream velocity distribution for the tests 
of Graziani et al. [3] and Dring et al. [4], both sets of velocity 
distributions obtained from Caspar et al. [43] calculations 

airfoil suction surface and the magnitude of the loss in the 
midheight region of the cascade in the exit plane were 
available. Graziani's airfoil surface heat transfer coefficient 
distribution data, acquired at the same test conditions as 
Langston's thick boundary layer data, were used to obtain the 
Stanton number information. 

• Dring et al. [4] data acquired in a 1-1/2 stage large scale, 
low aspect ratio rotating rig (with the rotor located at 65 
percent axial chord downstream of the nozzle vane) where the 
measurements of the vane airfoil surface static pressure 
distributions and airfoil surface heat transfer distributions 
were available. Midheight loss for this test was obtained from 
the data published by Joslyn et al. [35]. Information about the 
airfoil suction surface flow visualization was obtained from 
unpublished tests conducted by Dring and his co-workers. 

The free stream velocity distributions used to obtain the 
boundary layer calculations for the above data sets are shown 
in Fig. 6. These were acquired from the potential flow analysis 
of Caspar et al. [40] and were found to be in good overall 
agreement with the measured airfoil surface static pressure 
distributions, except in the leading edge overspeed region of 
the airfoil surface where detailed experimental data was 
unavailable. The calculations of the boundary layer growth 
with the predicted potential flow velocity distribution in­
dicated separation of the laminar boundary layer in the 
leading edge region for all data sets. However, examination of 
the heat transfer data in the leading edge region of each test 
did not indicate turbulent or transitional reattachment of the 
flow. Thus, in the present investigation velocity distributions 
were faired as shown by dotted lines in Fig. 6 for each data 
set. 

A comparison of the Stanton number data and theoretical 
predictions are shown in Figs. 7 and 8 for the tests of Graziani 
et al. for the thin and the thick inlet boundary layer test 
conditions and in Fig. 9 for the test of Dring et al. Two sets of 
predictions are shown, the dotted lines indicating results of 
two-dimensional calculations, whereas the solid lines indicate 
results of present calculations where the effect of endwall 
flows on airfoil midheight boundary layer development is 
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Fig. 7 Comparison of local Stanton number data of Graziani et al. [3] 
with theoretical predictions (thin inlet boundary layer test) 
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with theoretical predictions (thick inlet boundary layer test) 
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Fig. 9 Comparison of local Stanton number data of Dring et al. [3] with 
theoretical predictions (rotor located at 65 percent axial chord 
downstream of the stator) 

accounted for. The present calculations show much better 
agreement with the data in the trailing edge region of the 
airfoil suction surfaces than the two-dimensional calculations. 

Unfortunately, measurements of aerodynamic boundary 
layer parameters on the airfoil surfaces were not conducted in 
these tests. However, as previously stated, Langston et al. [2] 
have obtained detailed aerodynamic data in the same test 
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Fig. 11 Gap-averaged loss data of Joslyn et al. [35] and midheight loss 
predictions 

8 Existing two-dimensional boundary layer calculation 
methods can underestimate the boundary layer 
thickness near the trailing edge of the airfoils in a low 
aspect ratio cascade by as much as 100 percent. 

8 Existing two-dimensional boundary layer calculation 
methods can overpredict Stanton number on the airfoil 
suction surface up to 75 percent as compared to 
measured data in cascades with large secondary flows. 

8 Existing two-dimensional boundary layer calculation 
methods can underestimate midheight boundary layer 
loss in the exit plane of low aspect ratio cascades by as 
much as 250 percent. 

2 Axial velocity density ratio (AVDR) effect, in itself, is 
insufficient to explain the influence of endwall flows on the 
aerodynamics and heat transfer behavior on the suction sides 
of turbine/compressor cascades. 

3 An existing two-dimensional differential boundary layer 
calculation method, STAN-5, modified to include a model 
which relates the endwall flow effect on the airfoil suction 
surface midheight boundary layer development to the size of 
the secondary flow vortex gives good agreement between 
experimental data and theoretical predictions. 

4 Inclusion of secondary flow effects into the two-
dimensional boundary layer prediction method is shown to 
influence the airfoil suction surface midheight boundary layer 
development in the following two ways: 
8 There is an increase in boundary layer thickness and 

consequently an increase in the midheight loss. 
8 There is a decrease in Reynolds shear stress, mixing 

length and Stanton number. 

facility and from that data the magnitude of the boundary 
layer thickness could be deduced for a location near the 
suction surface trailing edge. Calculated boundary layer 
thickness distributions obtained through the use of the two-
dimensional and the present calculations for the Langston 
et al. test are shown in Fig. 10. Also shown in this figure is the 
measured boundary layer thickness data. The boundary layer 
thickness at the measurement location is almost twice as thick 
as the one predicted by the two-dimensional calculation. The 
present calculation shows excellent agreement with the data. 

Theroetical calculations were also conducted to obtain an 
estimate of the cascade midheight loss by calculating the 
boundary layer development on the suction and pressure sides 
of the airfoil. These calculations were conducted for all of the 
above data sets, and the present analysis together with the 
mixing analysis of Stewart [38] were used to obtain the mixed 
out losses. Theoretical loss obtained for two-dimensional and 
the present calculations are shown in Figs. 2, 4, and 11 for 
each data set, respectively. 

The theoretical midheight losses predicted by present 
calculations show good agreement with the measured data for 
these test conditions, whereas two-dimensional losses are 
much lower than the data. Losses obtained by two-
dimensional calculations are shown by open symbols in the 
above figures and those obtained by present calculations are 
shown by solid symbols. 

Conclusions 

1 Airfoil suction surface boundary layers in turbine and 
compressor cascades are affected by endwall secondary flows, 
even in the midheight regions. This effect is evident in a 
comparison of measured data to predicted two-dimensional 
values for boundary layer thickness, heat transfer coef­
ficients, and loss at the midheight of the airfoil in turbine 
cascades. 
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A P P E N D I X A 

The Reynolds shear stress (-uv) transport equation for 
three-dimensional steady boundary layer flow over curved 
surfaces may be written as follows, Nash and Patel [39], 

D{ -uv) — dW 
— hUV -
Dt dz 

(Convection) 

dU 

By 

rif T 

+ wv — + (2u2-v2)KU 
dz 
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p / dv du \ d / p_ A 

p V dx dy ) dy V p / 

(redistribution) 

dy \ p 

(diffusion) 

(Al) -p(vV2u + uV2v) 

(dissipation) 

For two-dimensional flows over flat surfaces, the above 
equation reduces to 
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Bradshaw [37] and Nash [36] simplified the above equation in 
which the RHS of equation (A2) was approximated to 
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Diffusion 

Substituting equation (A3) in (Al) and assuming W = 0 and 
dU/dz = 0 results in the following equation: 
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Short Duration Heat Transfer 
Studies at High Free-Stream 
Temperatures 
This paper describes short duration heat transfer measurements on a flat plate and a 
gas turbine nozzle airfoil at high free-stream temperatures. A shock tube generated 
the high-temperature and pressure air flow. Thin-film heat gages recorded the 
surface heat flux. The flat plate was tested both in the shock tube and in a shock 
tunnel placed aft of the tube. Shock tunnel tests on the nozzle airfoil measured the 
local heat transfer distribution. The flat plate free-stream temperatures varied from 
830°R (460K) to3190°R (1770 K) for a Tw/TTig temperature ratio of 0.17 to 0.64 
at Mach numbers from 0.12 to 1.34. The nozzle measurements at a T„ I TZg of 0.35 
to 0.39 generally indicate that pressure {concave) surface heat transfer coefficients 
are high, whereas the suction {convex) surface shows much lower heat transfer 
coefficients than a turbulent flat-plate correlation. 

Introduction 
Coal-derived fuels and advanced cooling concepts will have 

an important application in future designs of heavy-duty 
combined-cycle power generation gas turbines. Maximum 
cycle efficiencies will require the highest turbine inlet tem­
perature possible consistent with long-life structural integrity. 
To meet these requirements, General Electric Company is 
performing tests in critical gas turbine technology areas for 
the Department of Energy's High-Temperature Turbine 
Technology (HTTT) program [1, 2], This program involves 
preliminary design of a water-cooled turbine called the 
Technology Readiness Vehicle (TRV). The TRV would 
feature a 73 MW output while operating on low-Btu coal-
derived fuel at 2600°F (1427°C) firing temperature [3]. In the 
turbine section, the ability to predict the external heat transfer 
rates and distribution is an important ingredient in achieving 
the TRV airfoil's mechanical design life. A water-cooled 
composite-constructed first-stage nozzle has been designed 
and tested in a high-temperature and -pressure cascade at the 
reference design point [4]. The nozzle was designed for less 
than 1000°F (537°C) surface temperatures operating at 
maximum combustion gas temperatures of 3000°F (1649°C). 
The short duration shock tunnel heat transfer experimental 
program supports the first-stage nozzle design and test 
analysis. This investigation determined the effect that large 
gas-to-wall temperature differences have on the external heat 
transfer rates on a flat plate and the first-stage nozzle. A 
shock tube generated the high stagnation temperatures 
necessary to achieve the 0.17 to 0.64 range of wall-to-gas 
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temperature ratios T„/TTig tested on the flat plate and 0.35 to 
0.39 on the nozzle at 70 to90°F (21 to 32°C) Tw. 

Several types of experimental methods have been reported 
for measuring the heat transfer rates around a gas turbine 
airfoil. One of the early methods reported by Wilson and 
Pope [5] used embedded electrical heater strips where the 
normal direction of heat flow was reversed by raising the 
surface temperature higher than the mainstream gas tem­
perature. More recent cascade investigations tested with the 
normal heat flow direction by pumping air through the airfoil 
[6] or individual channels [7] or by metering water through 
individual channels embedded in copper [8, 9]. A transient 
technique was used in [10] by rapidly shuttling the cascade 
into the hot primary gas. Most recently, short duration 
measurements have been conducted in a shock tunnel [11] and 
an isentropic light piston tunnel [12]. The present short 
duration technique utilizes the General Electric Corporate 
Research and Development shock tube facility to perform a 
low wall-to-gas temperature ratio heat transfer investigation 
on a flat plate and the TRV nozzle. 

Graham [13] reviewed several flow phenomena which 
influence the airfoil heat transfer such as stagnation flow, 
curvature effects, flow unsteadiness and turbulence, ac­
celerating and decelerating flow, secondary flow, body force 
effects, and transition and detransition processes. Each of the 
various experimental methods mentioned above may be well 
suited to study one or more of the above flow phenomena. 
The shock tunnel short duration method was selected for 
simulation of the wall-to-gas temperature ratio, T„/Tg, 
because it accomplishes the primary purpose of measuring the 
airfoil centerline heat transfer rates and distribution in the 
most realistic situation possible for a two-dimensional airfoil. 
Since a cooled surface tends to stabilize a laminar boundary 
layer and delay transition to turbulent flow, the correct 
Tw/Tg and the normal direction of heat flow have special 
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Fig. 2 Shock tube configuration and the lIat·plate specimen
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Fig. 1 Hypersonic shock tube heat transfer facility

interest on the suction (convex) surface. The turbulence in­
tensity is an unknown factor in the shock tube and tunnel
experiments. Turbulence was not artificially generated or
measured in the nozzle test; however, a flat plate test point
was conducted with upstream turbulence grids. Another
purpose of the heat transfer program was to determine the
appropriate temperature for evaluation of fluid properties
when reducing the measured nozzle data to Nusselt and
Reynolds numbers. This was undertaken on the series of flat
plate tests by matching the nondimensional data·· with an
expected turbulent flat-plate correlation. The overall goal of
these tests was to confidently extrapolate the shocktllnnel
lower temperature nozzle heat transfer data to the high­
temperature design reference point in support of the Water­
cooled nozzle test and analytical design programs.

This paper describes the results of the experimental heat
transfer program that has been conducted on a flat-plate
specimen and the half-scale TRV constant pitch section nozzle
airfoil in a cascade at the end of a shock tunnel. Shock tube
technology and instrumentation have been used along with
well-established transient test techniques and data analysis.

The airfoil test results were used to partially validate and
improve the confidence of a boundary layer prediction
technique [14]. This paper concentrates on the heat transfer
results and conclusions of the flat plate and nozzle, and makes
comparisons with other investigations. For a discussion of the
detailed analytical support of the test, heat, and pressure gage
calibration and measurements, and support aeodynamic
cascade tests, the reader is referred to [15] and [16].

Experimental Apparatus and Instrumentation

Figure 1 shows the hypersonic shock tube used to generate
the high-temperature and -pressure airflow in this heat
transfer investigation. It consists of a 6-in. (152-mm) Ld., 20­
ft (6.1-m) long combustion driver section and a 4-in. (102­
mm) Ld., 104-ft. (31.7-m) long driven section separated by a
preset strength stainless steel burst diaphragm. At the end of
the driven section, an instrumented test section containing a
flat plate heat transfer specimen is attached directly to the
driven section through a constant area transition piece from
the 4-in. (l02-mm) dia shock tube to the 2 x 6.28-in. (51 x 160­
mm) rectangular test section shown in Fig. 2. The incident

Nomenclature2

Superscripts

fluid properties evaluated at
Eckert's reference tem­
perature
shock tunnel conditions
average

C nozzle airfoil chord length
Cp specific heat
do nozzle throat width
E voltage
h heat transfer coefficient,

equation (7)
H blade height
I current
k thermal conductivity
L airfoil chordwise surface

length
M Mach number

Nux Nusselt number, hx/k
P static pressure

Pr Prandtl number, Cpp./k
Q heat flux or rate
R gas constant

Reo nozzle upstream Reynolds
number per inch, P",U", I p.",

2Conversion Factors for SI Units
(mm) =25.4 (in.)

(m) = 0.3048 (ft)
(Pa abs) = 6895 (psia)

(K)=0.555 (OR)
(MW/m2)=8.76 x 10- 4 (BTu/ft2-s)

Rex,,,, free stream Reynolds
number, p",u",x/p.",

Re; Eckert's reference tem­
perature Reynolds number,
p·u",x/p.·

S airfoil surface distance from
leading edge stagnation
point

t time
T temperature

T* Eckert's reference tem­
perature, equation (2)

p.", free stream velocity
x distance from stagnation

point to heat gage
X p nozzle pressure ratio

Greek Symbols

0: thermal resistivity
'Y specific heat ratio
'A running time coordinate
p. micro, viscosity
p density, P/RT

(r) time at steady-state heat flux

Subscripts

b
f
g
o
p

s
T
w
x
o

1
5

00

r

backin.g
film
gas
initial
airfoil pressure (concave)
side
airfoil suction (convex) side
total
wall
length parameter
free stream conditions
upstream of nozzle cascade
front of incident shock wave
downstream of shock tube
reflective shock wave
free stream static, free
stream
recovery
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FLAT PLATE

T .. PRESSURE SENSOR TRIGGER
NUMBERS IN CIRCLES INDICATE THE
NUMBER OF PRESSURE MEASUREMENTS

Fig. 3 Shock tunnel configuration with the flat·plate and nozzle
cascade test section Flg.6 Nozzle pressure surface heat transfer gages

Fig. 5 Nozzle airfoil instrumentation locations and geometry

Flg.7 Nozzle suction surface heat transfer gages

the shock tunnel and with adapter pieces for the shock tube.
The instrumented flat-plate model shown in Fig. 4 was

made of stainless steel, 2 in. (51-mm) wide by 9-in. (229-mm)
long, with a sharp 15 deg angle leading edge, and a sharp
trailing edge to minimize disturbances from the shock wave
reflected from the downstream throat wedges. Three thin-film
platinum heat transfer gages, one strain gage pressure
transducer, and two quartz piezoelectric pressure transducers
were installed along the centerline of the plate. Other pressure
measurements were obtained upstream and downstream of
the flat plate at locations on the test section shown in Figs. 2
and 3. Two quartz piezoelectric pressure transducers, shown
in Figs. 2 and 3, were used as triggers to measure the incident
shock wave velocity forward of the specimen. The sonic­
throat wedges, shown behind the flat plate, control the test air
Mach number through the test section. One set of wedges,
consisting of three throats 0.43 X 2.0 in. (11 X 51 mm) each,
was installed in both the shock tube and shock tunnel con­
figuration to test at an airflow Mach number of 0.12. The
other set of wedges, with throat dimensions of 1.36 X 2.0 in.
(35 X 51 mm) was also installed in the shock tunnel con­
figuration to test at an airflow Mach number of 0.41. A
second diaphragm, shown in Fig. 3, was installed to achieve
higher shock tube pressures for the shock tunnel tests. Monel
diaphragms were used for the higher pressure tests, and
aluminum was used for the lower pressures. Voltage output of
the heat gages and pressure transducers were recorded by
oscilloscopes and photographed for data analysis.

The nozzle test specimens are 1/2 scale, two-dimensional
models of the TRV first-stage nozzle pitch section with

P7
PRESSURE GAGE

HEAT TRANSFER GAGE

0.0 deg.
74.5 deg.
.305 in.
.075 in.
2.95 In.
2.00 in.
.57 in.
3.51

GEOMETRY

DESIGN INLET FLOW ANGLE
DESIGN OUTLET FLOW ANGLE
LEADING EDGE DIAMETER
TRAILING EDGE DIAMETER
CHORD LENGTH (C)
BLADE HEIGHT (H)
THROAT WIDTH (do)
ASPECT RATIO (H/da)

Flg.4 Flat·plate heat transfer specimen

HPl
STAGNATION

shock wave propagating down the driven section reflects from
wedges shown downstream of the flat plate. This arrangement
is referred to as the shock tube configuration since the mode
of operation more closely resembles shock tube rather than
shock tunnel operation. In the second or shock tunnel con­
figuration (Fig. 3), the shock tube incident shock wave reflects
off a primary converging-diverging nozzle with a I-in. (25.4­
mm) dia throat. A 4-in. (107-mm) dia duct is positioned inside
the nozzle's diverging section at the 7.77-in. (197-mm) dia
location. The test air expands through the nozzle, and a
portion of this air passes through the transition section to the
aft test section. The transition and test sections were designed
to be used in either configuration, with existing hardware for
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Table 1 Estimated uncertainties in instrumentations,
calibration, and data analysis

(odds of 20 to 1)

Test Description and Experimental Results

Shock Tube - Flat-Plate Tests. The purpose of the flat
plate shock tube tests was to (i) determine if Mach number
and high gas temperature have any effect on surface heat
transfer; (ii) determine the effect of low wall-to-gas tem­
perature ratios on the flat-plate heat transfer; and (iii)
determine the appropriate temperature to use for evaluating
the fluid properties in Nusselt and Reynolds number which
best correlated the data against the turbulent flat plate
equation. The appropriate temperature at which fluid

dimensions and airfoil contours shown in Fig. 5. The airfoils
were milled from an aluminum block with the milling machine
controlled by an optical follower which used a five times full­
scale computer plot of the nozzle coordinates as a template.
The surface finish obtained in this manner was approximately
32fLin. (8 x 10- 4 mm) .. Cavities were machined in the nozzle
surfaces along the centerline and thirteen heat transfer gages
and seven pressure transducers were installed on the suction
and pressure surfaces at locations shown in Fig. 5. The thin­
film heat transfer gages were mounted in epoxy flush with the
surface of the flat plate and the nozzle airfoil pressure and
suction surfaces shown in Figs. 6 and? These gages consist of
a platinum strip approximately 250-A thick by 31M-in. (1.2­
mm) wide by 3/l6-in. (4.8-mm) long painted on a lI8-in. (3.2­
mm) thick Pyrex glass backing which had been ground and
polished to conform to the model contours. A thin layer of
silicone dioxide was evaporated over each gage surface to
increase the abrasion resistance to the minute particles from
the ruptured diaphragms. During the actual tests, a constant
current of 50 milliamperes was applied to the gages which had
room temperature resistances of 20 to 50 ohms.

A calibration constant for the thin"film backing material
and thermal resistivity of the platinum, ..j (pcpk) biOI., for each
heat transfer gage was dynamically obtained in a calibration
shock tube. The models with the gages installed were mounted
in a plexiglass flat plate simulating a wall-mounting in a
calibration shock tube. Shocks of M = 1.5 to 3 at various
pressures were used to obtain the calibration constant. With
the dynamic calibration, the undefined quantities (such as the
quality of the bond between the thin platinum film and the
Pyrex backing material, the silicone dioxide coating, and the
silver painted terminals) are included in this calibration
constant. Each individual pressure gage was calibrated with a
dead weight tested over a wide range of pressures. A more
detailed calibration procedure is given in [15]. Estimated
uncertainties in the heat and pressure gage calibration are
given in Table 1 along with other individual uncertainties of
the data analysis variables. A summary of the uncertainties in
the data analysis final results in terms of Nux and Rex will be
discussed in the next section.

REFLECTIVE SHOCK WAVE

+

UJ
(')

~
:..J
o
>

GAGE NO.
HT1

HT2

HT3

Fig. 9 Shock tube - flat·plate test section pressure gage
measurements from test No. 3038

Fig. 8 Shock tube - flat·plate heat transfer gage measurements from
test No. 3038

properties were evaluated would then be the temperature used
for data reduction of the nozzle heat transfer test and eventual
extrapolation to the nozzle design reference point using the
conventional Nusselt and Reynolds number relationships.

Analysis of gas flow and temperature in the shock tube is
based on well-established shock wave gas dynamics such as
[16]. By placing the sonic-throat wedges at the end of the tube
shown in Fig. 2, the incident shock wave reflects off the
wedges, further increasing the pressure and temperature of
the approaching test air and also reducing the velocity to the
desired 0.12 Mach number behind the reflective shock wave.
Transonic flow over the flat plate was accomplished by
removing the wedges and computing the test air velocity
imparted by the measured incident shock wave. The computed
test air temperature was determined by the strength of the
measured incident shock wave and the initial room tem­
perature of the facility and whether the test was run in the
reflective or straight-through mode. Because of the short test
duration, the surface temperature of the specimen remained
constant at room temperature. The incident shock wave Mach
number was varied by preselecting the driver loading of
hydrogen-oxygen-helium mixture and the predetermined
strength of the burst diaphragm between the driver and driven
tube. The measured test air pressure was a function of the
initial evacuated air pressure in the driven tube and dump
chamber and the strength of the incident shock wave. With
the incident shock wave, Mach number varied between 1.7
and 4.2 and evacuated pressure between 0.5 and 14.6 psia (3.4
and 101 kPa), the test air temperature and pressure varied
from 980 to 3190 0 R (544 to 1770 K) and 16 to 121 psia (110 to

±5

±l
±!

±2to4

±2to4

±2to 10
±2
±2
±4

070 UncertaintyItem

Oscilloscopes
Pressure gage calibration
Heat gage dynamic calibration
from the voltage trace
Heat and pressure gage
voltage trace readability
Heat flux Q(t)
equation (I) calculation
Q( r) readability
PO' during (r)
T g.oo calculation during (r)
Mach number
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Table 2 Flat-plate heat transfer results 

(a) She 
Rejc,a> 

Test 
No. 

3036 
3037 
3038 
3039 
3041 
3042 
3044 
3045 
3046 
3047 
3049 
3053 
3054 

ck tube - flat nlate 
= 2 x l 0 4 tolO7 

Symbols 
(Figs. 11 
and 12) 

(b) Shock tunnel - flat plate 

3091 
3093 
3094 
3095 
3096 
3097 
3098 

(Fig. 15) 

Mach 
No. 

1.08 
1.25 
0.12 
0.12 
0.12 
0.12 
0.12 
0.12 
0.12 
0.12 
0.12 
1.34 
1.16 

0.12 
0.12 
0.41 
0.41 
0.41 
0.41 
0.12 

P(T) 

(psia) 

23 
16 
47 
41 
28 
74 
37 
29 
26 
58 

119 
77 
84 

14.5 
15.0 
12.5 
15.0 
15.0 
13.5 
17.0 

fT,g(r) 
C°R) 

1200 
1510 
1280 
1600 
3000 
980 

2230 
2970 
2720 
3190 
1390 
1660 
1290 

1890 
1110 
900 
830 

1030 
1030 
1150 

Tv//TT,g 
(°R/°R) 

0.45 
0.35 
0.42 
0.33 
0.18 
0.54 
0.24 
0.18 
0.20 
0.17 
0.38 
0.32 
0.41 

0.28 
0.48 
0.59 
0.64 
0.51 
0.51 
0.46 

HT1 

60 
88 
20 
30 
30 
24 
35 
30 
36 
55 
55 

260 
172 

4 
3 
8 
8 

11 
6 
7 

Btu/ft2-s 
heat gage 

HT2 

45 
60 
20 
23 
35 
16 
25 
20 
30 
45 
45 

220 
140 

8 
3.2 
5 
6.4 
6 
7.4 
4 

HT3 

50 
60 
20 
25 
25 
20 
25 
25 
30 
50 
45 

250 
168 

8 
4 
4.4 
8 
8.4 
5 
4 

Note 

*HTI = '-25 in. 

•X+IT2 =3.25 in. 

•x+m =5.25 in. 

5 mil trip 
12 mil trip 
10 mil trip 
10 mil trip 

turbulence grid 

See footnote 2 for SI conversion factors. 

Table 3 Maximum percent variations in Reynolds number and Nusselt number for 
variations in measured pressures and computed gas temperatures during Q(r) time period 

ARet ANut Test 
point 
No. 

3038 

3039 

3096 

3099 

3100 

3100 

AP 
(psia) 

+ 3.3 
- 1 . 7 
+ 6.7 
- 3 . 6 

+ 0.7 
- 0 . 6 

0.0 
- 1 . 0 
+ 1.4 
- 0 . 8 

0.0 
- 0 . 8 

A7> 

CRf 

+ 22 
- 1 2 
+ 58 
- 3 7 

+ 12 
- 1 1 

0 
- 1 3 
+ 23 
- 1 3 

0 
- 1 2 

Re! 
(%) 

Shock tube - flat plate 

+ 6.5 
- 3 . 4 

+ 14.0 
- 8 . 4 

Shock tunnel - flat plate 

+ 4.3 
- 3 . 8 

Shock tunnel - nozzle 

0.0 
- 3 . 0 
+ 5.9 
- 3 . 4 

0.0 
- 3 . 0 

NuJ 

(%) 

- 3 . 0 
+ 1.6 
- 5 . 2 
+ 3.6 

- 2 . 3 
+ 2.2 

0.0 
+ 1.3 
- 2 . 8 
+ 1.6 

0.0 
+ 1.4 

Comments 

HT2, Fig. 8, 9 

HT2, Fig. 10 

HTl.Fig. 13, 14 

HS13,Fig.l6 

HS10 Near P2, Fig. 17 

HSll .Fig . 18 

See footnote 2 for SI conversion factors 

834 kPa). This gave a range of 0.17 to 0.54 for Tw/TTig, 0.12 
to 1.34 for Mach number, and 2x 104 to 107 for free-stream 
Reynolds number (listed in Table 2). Four tests were con­
ducted with leading edge boundary layer trips without any 
noticeable effect on the heat transfer results. 

Photographs of each oscilloscope time-voltage signature 
from the heat and pressure gages provided the data to 
compute the heat rates and pressure variation during the test 
period. The three heat gages and two shock tube pressure gage 
oscilloscope traces are shown in Figs. 8 and 9 for a typical test 
point. On the left-hand side of the photographs are the 
calibration signals showing the intitial zero heat gage voltage 
and initial vacuum chamber pressure, Pt. The pressure 
measurements shown upstream and downstream of the flat 
plate were nearly the same values measured on the flat plate 

when superimposed on each other. All of the measured 
pressures decreased with time during the test period. Since the 
heat rates generally reached a steady-state value from 4 to 7 
ms after the reflective shock wave passed the gage in a 
decreasing pressure environment, the calculated test air 
temperature was adjusted for the measured pressure by an 
adiabatic expansion process from the peak temperature and 
pressure computed from the shock wave gas dynamics 
developed in [16]. Because a steady-state analysis was con­
ducted from data with environmental transient charac­
teristics, a detailed evaluation was made of the highest and 
lowest variation on Reynolds and Nusselt numbers for each 
heat gage's measured pressure variation and computed gas 
temperature variation during the time period that steady-state 
heat flux Q(T) was evaluated. Examples of the data 
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Fig. 10 Shock tube flat-plate neat rate history for gage HT2 

variation, summarized in Table 3, generally show small 
percent variations in Re* and Nu* during the short (T) time 
periods of approximately 2 to 3 ms. Pressure and temperature 
variations are included in the uncertainties in Table 1. These 
are incorporated in the final uncertainties of Rex and Nux, 
which will be discussed near the end of this section. 

These conclusions on the pressure variations in the shock 
tube flat measurements also pertain to the shock tunnel flat-
plate and nozzle data to be discussed later. Their variations 
are also shown in the examples in Table 3. 

The transient response of the heat flux gages was developed 
by Schultz [17] in the form used for this investigation as 

QU) = 
1 ^(PCpk)b 1 

yfi InRn 

L vT 
+ • 

1 [' E(t)-E(K) I' d\\ (1) 2 J 0 (t-\yn 

where the constant V (pCpk)b/a for the thin-film backing 
material and thermal resistivity of the platinum was calibrated 
on each heat gage described in "Experimental Apparatus and 
Instrumentation." The computed steady-state heat flux Q(T) 
shown in Fig. 10 for the flat plate middle heat gage is typical 
of the other two gages and test runs. Flow Mach number, 
measured pressure, and the computed test air stagnation 
temperatures are listed along with the computed heat flux 
Q(T) in Table 2 and are the basis for the calculation of the 
gage heat transfer coefficient, Nusselt number, and Reynolds 
number. To select the appropriate temperature to evaluate the 
fluid properties in computing Nusselt and Reynolds numbers, 
four methods were evaluated [15]. In the first method for low 
heat flux and small gas-to-surface temperature differences, 
free-stream static temperature, Ta, has previously been a 
reasonable temperature to evaluate the fluid properties in 
predicting heat transfer coefficient. For the second method at 
Tw/Tg<< 1.0, Kays [18] suggested modifying the flat-plate 
equation by the ratio (,TW/T^)0-25 when r „ was used to 
evaluate fluid properties. The third method evaluated was 
suggested by Eckert [19] in the form of a reference tem­
perature (or enthalpy) 

where 

T* =0.5(Tw + Ta>) + 0.22(Tr-Ttx) 

. = r„[i + 3VPr;^M2
00] 

(2) 

(3) 

At low subsonic Mach numbers, T* is also nearly identical to 
film temperature, Tf = (Tw + Ta>)/2, which was suggested by 
[20]. The fourth method considered was to evaluate the 
thermal properties at T* and density at Tm. Nusselt and 
Reynolds numbers were computed using the above four 

Fig. 11 Flat-plate heat transfer using Ta?, fluid properties 

Fig. 12 Flat-plate heat transfer using 7* fluid properties 

methods in evaluating fluid properties. Eckert's reference 
temperature was selected as the most appropriate temperature 
to evaluate fluid properties when comparisons were made of 
the computed Nusselt and Reynolds number against the 
classical turbulent flat plate correlation [15]. 

The first and third methods using Tx and T* to evaluate 
fluid properties are plotted in Figs. 11 and 12 against the 
turbulent flat plate equation in the forms 

(4) 

(5) 

(6) 

(7) 

and 

where 

and 

NuXi00= 0.0296 ReJLPr"-33 

Nu*. = 0.0296 ReJ a 8Pr* 

p*=P„/RT* 

Q(T) 
ft--

T —T 
1 r J iv 
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Fig. 15 Shock tube and tunnel flat-plate heat transfer comparison

~

~

~ 3091

• 3093

• 3094

• 3095.. 3096

.ol ]097

X
3098

TlMlUlHlCE GRID

10 10

-T-,ICT.1~lnlc-.ITIn(1---.--.1-.1TI-rTTT\--f----,-~l-\-'lO

"

o )036

o ]('37

o 30~8

D ]039

a 304l.

o 3042

'V 3044

0]045

~ 3046

0]047

03049

/),. 3053

<> 3054

RANGE OF
UNCERTAINTY

surface heat transfer in the turbulent region aside from the
minor influence Mach number has on computed T* and its
evaluation of fluid properties. This lack of detectable in­
fluence from Mach number on the cooled wall flat plate
turbulent boundary layer heat transfer measurements is
consistent with detailed data from [21]. Based on the above
comparisons, Eckert's reference temperature was selected as
the most appropriate temperature to use in reducing the TRV
nozzle heat transfer data and eventual data extrapolation for
predicting the heat transfer coefficients at the airfoil design
reference point.

Shock Tunnel- Flat-Plate Tests. After the flat-plate test
in the shock tube, the sonic-throat wedges were removed and
the nozzle cascade was installed at the end of the tube.
Preliminary tests showed that minute particles from the
primary burst diaphragm were carried down the driven tube
and lodged on the pressure surface of the nozzle airfoil. Since
these particles could seriously affect the life of the thin-film
gages and number of tests, the shock tube facility was
modified to the shock tunnel configuration shown in Fig. 3.

To ensure the validity of the nozzle heat transfer results in
the shock tunnel, the flat-plate specimen with two sets of
sonic-throat wedges was tested to validate repeatability of the
previous shock tube heat transfer results. Before firing the
shock tube, the vacuum chamber was evacuated to as low as
150~m Hg while the shock tube was pressurized between the
primary and secondary diaphragms up to 108 psia (745 kPa)
with air at a dew point of - 80°F (- 620q. The second
diaphragm at the end of the driven section sets the pressure
ratio across the primary diaphragm in the driver section for
temperature and incident shock wave strength control. The
second diaphragm also permits a higher initial pressure in the
driven tube in order to achieve the desirable shock tube and
shock tunnel pressures. The low vacuum chamber pressure of
150 to 350~m Hg helps attenuate a stable incident shock wave
to the end of the shock tunnel. After ignition of the driver
section and bursting of the primary diaphragm, the incident
shock wave breaks the secondary diaphragm and reflects off
the inlet of the primary converging-diverging nozzle, in­
creasing the air temperature and increasing the pressure
between 1000 and 2000 psia (6.9 to 13.8 MPa). Part of the air
expands out the primary nozzle behind the nearly Mach 4
incident shock wave into the 4-in. (l02-mm) Ld. duct at Mach
6.2, while the rest of the air spills into the dump chamber. The
starting incident shock wave reflects off the wedges and

GAGE NO.

G) SHOCK TUBE Ps

(j) \ SHOCK
TU NEL

®

HT3

HT2

SHOCK TUBE INCIDENCE SHOCK WAVE
REFLECTIVE SHOCK WAVE

~

Fig. 13 Shock tunnel- flat·plate heat transfer gage measurements
from test No. 3096

I
-.' -TIME--"

REFLECTIVE SHOCK WAVE

INCIDENCE SHOCK WAVE

This assumes the test results in some form should be
characterized by the turbulent flat plate equation. Figure II
shows that the test data correlated from Too are generally
higher than the flat-plate equation except at the lower
Reynolds numbers. That is, if the flat-plate equation (4) was
used to predict the heat transfer coefficients, it would
generally underestimate the measured values. This increasing
heat transfer at low Tw/Tg , shown in Fig. 11, is consistent
with data from wall cooling of a subsonic turbulent tube in
[20] and evaluation of flat-plate supersonic heat transfer data
in [21]. There is some indication of transitional flow at the
lower Reynolds numbers in Fig. 11, but since the Nusselt
numbers are high this would imply a certain level of tur­
bulence in the test air flow. Evaluating the thermal properties
at T" and density at Too [15] did not improve the correlation
shown in Fig. II. Modifying the data in Fig. II by
(T.vlT00)°·25 improved the agreement with the flat plate
equation at Rex,oo >2x 105 but was somewhat lower at lower
Reynolds numbers [15]. Using Eckert's reference tem­
perature, T", in Fig. 12 gives the best agreement over the
entire range of Reynolds numbers tested, and therefore it was
selected as the most appropriate temperature to evaluate the
thermal properties and density for low Tw/Tg heat transfer.
Computed data uncertainties in Reynolds and Nusselt
numbers using the method of [22] are shown in Figs. 11 and
12, based on the individual uncertainties in the in­
strumentation, calibration readability, variations, and data
analysis summarized in Table 1. This indicates that the data
analysis uncertainties vary between ±6 percent for Rex and
±9 to 12 percent for Nux'

From the dimensionless group presentation of the data in
Figs. II and 12, there is no indication that Mach number or
free-stream gas temperature have any additional influence on

Fig. 14 Shock tube and tunnel test section pressure gage
measurements from test No. 3096

INCIDENCE SHOCK WAVE

ArLECTIVE SHOCK WAVE
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Flg.18 Nozzle suction surface heat rate history for gage No. HS11
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Fig.19 Airfoil surface Mach number distribution

the tunnel is the same as described for the flat plate tests. The
1-1/2 x 2-1/16-in. (38 x 52-mm) orifice behind the nozzle in
the exhaust chamber controls the flow through the tunnel and
cascade, while the nozzle throat area sets the inlet Mach
number at 0.16. Typical nozzle airfoil suction surface heat
gage and pressure voltage output is shown in Figs. 16 and 17.
The incident shock wave reflects off the nozzle leading edge
and results in a similar shock wave-flow sequence described in
the flat plate tests section. The heat gage and pressure gage
response on the left side of Figs. 16 and 17 are from the in­
cident shock wave after the calibration zero signal. All
pressures show a decreasing trend which is consistent with the
shock tube pressure measurements and previous flat-plate
test. Variations in pressure and computed temperature show
insignificant variation in Nusselt and Reynolds numbers

Flg.16 Nozzle suction surface heat transfer gage measurements from
test No. 3099

travels upstream to the inlet duct where a bow shock wave is
formed. As the reflective shock moves upstream, it slows the
approaching test air to subsonic velocity with its flow con­
trolled by the sonic-throat area of the wedges. The test air,
passing through the bow shock wave, is slowed to the sub­
sonic velocity also controlled by the sonic throat area. The
rest of the flow from the primary nozzle spills around the
inserted duct into the dump chamber. Figure 13 shows the
oscilloscope traces of the three heat gages' voltage outputs
during a typical test. Regardless of the Mach number of the
test air in the duct, the test time periods are 4 to 5 times longer
than the shock tube tests. The computed heat fluxes reach
steady-state Q(7) in 19 to 34 ms after the reflective shock
wave passes the gage. The reflective shock wave gage response
is shown as the "second-kick" on the left side of Fig. 13 after
the incident shock wave "first-kick." Figure 14 shows typical
measured pressures upstream and downstream of the flat
plate, along with the shock tube pressure measurement. The
measured pressure in the shock tube again decreases with
time, and disturbances immediately propagate to the shock
tunnel by expansion waves.

Results of the measured pressures and steady-state heat flux
Q( 7) along with computed air temperatures are also given in
Table 2. Twi T T,g ranged from 0.28 to 0.64. Turbulent grids
consisting of 118 x 1I8-in. (3 x 3-mm) bars on 1/2-in. (13­
mm) centers were incorporated in only one test. From the one
turbulence intensity test point plotted in Fig. IS, there is an
indication that only the front heat gage heat rate may have
increased from the general trend of the other test data. The
turbulent grids are capable of generating about 6 percent
turbulence intensity from wind tunnel test measurements [15].
No change is indicated from the other two heat gages com­
pared to the measurements without turbulent grids. General
conclusions cannot be made about turbulence intensity effects
on surface heat transfer based on this limited test result. The
data comparison in Fig. IS with the shock tube flat plate
results based on Eckert's reference temperature in Nusselt and
Reynolds numbers is generally good. At the lower Reynolds
numbers, the shock tu'nnel data shows a transitional trend to a
laminar boundary layer flow which would indicate a certain
lack of turbulence in the test air compared to the shock tube.
Data uncertainties in Nux and Rex computed from Table I are
± 12 percent and ± 6 percent, respectively. The conclusion
from these test results is that there is reasonable and valid
comparison of the shock tunnel flat plate results with the
shock tube data. Therefore, the shock tunnel test approach,
data output, and computational methods should be valid for
the nozzle airfoil heat transfer tests.

Shock Tunnel- Nozzle Tests. The nozzle cascade was
installed in the shock tunnel as shown in Fig. 3. Operation of
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Table 4 Shock tunnel - nozzle heat transfer results 

Test No. 

Heat 
gages 

Pressure surface 

HP1 
HP2 

HP3 

HP4 
HP5 

HP6 

Suction surface 

HS8 
HS9 

HS10 
HSU 
HS11 
HS12 
HS13 
HS14 

Pressure 
gages 

P5 

P6 

P7 

PI 

P2 

P3 
P3 

P4 

3099 3100 

1560 
0.3i 

1430 
0.38 

5.3 4.7 
31.0 25.0 

X 

L 

0 
0.1 
0.2 
0.3 
0.4 
0.5 
0.8 
0.9 
0.99 

0.075 
0.1 
0.2 
0.25 
0.3 
0.4 
0.4 
0.5 
0.7 
0.9 

3101 

1400 
0.39 

6.7 
35.0 

f7-,gfR) 
TW/TT,A°R 
ReoCIO4) 
Po(psia) 

Mach 
No. 

0.16 
0.14 

0.14 

0.21 
0.48 
0.67 
0.84 

0.35 
0.40 
0.56 
0.65 
0.74 
0.89 
0.89 
0.88 
0.85 
0.84 

/°R) 

— 
30 

— 

34 
37 

-

-
24 

29 
19.5 
19.5 
23 
17 
30 

Q(T)Btu/ft2s 

-
6 

24 

26 
60 

-

20 
14 

16.5 
11 
11 
22 
16 
25 

-
42 

32 

16 
24 

-

20 
16 

21 
10 
10 
17 
13 
26 

See footnote 2 for SI conversion factors. 
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Fig. 21 Nozzle pressure and suction surface heat transfer 
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Fig. 20 Nozzle heat transfer distribution 

during (T) from examples given in Table 3. Figure 18 shows a 
typical heat flux plot from equation (1) with steady-state Q(T) 
at about 15 to 18 ms after the incident wave initial response. 
The airfoil surface pressures were converted into local Mach 
numbers, plotted in Fig. 19, and compared with previous 
wind tunnel cascade results [15]. Two of the forward concave 
surface pressure gages recorded erroneously low static 
pressures typical of suction surface magnitude. A leak was 
suspected in the pressure gage tube assembly. The one concave 

trailing edge pressure gage and the four suction gages show 
good agreement with the wind tunnel aerodynamic cascade 
results. These results, indicating the nozzle operated at about 
1.6 pressure ratio, were used to interpolate the Mach number 
at the heat gage location for calculation of the local Reynolds 
number. Table 4 lists pressure gage locations and measured 
Mach number, the interpolated heat gage location Mach 
number, and the computed steady-state heat fluxes, Q{T). The 
computed test air temperatures were between 1400 and 
1560°R (777 and 867 K) for a wall-to-gas total temperature 
ratio of 0.35 to 0.39. The computed inlet Reynolds number is 
nearly constant for the three test points. 

Figures 20 and 21 show the results of the data reduction in 
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Fig. 22 Nozzle pressure surface heat transfer comparisons 

terms of Nusselt and Reynolds number. Figure 20 plots the 
local Nusselt number along the surface distance S/L. The data 
are somewhat scattered but repeatability is good on the 
suction surface in Fig. 20. Pressure surface results are 
generally higher than a turbulent flat-plate correlation, shown 
in Fig. 21, while the suction surface is characterized as 
transitional between laminar and turbulent. The generally 
high pressure surface heat transfer is attributed to a 
separation bubble calculated behind the leading edge [14], and 
is estimated to be 40 percent higher than turbulent flat plate 
using Eckert's reference temperature to evaluate the fluid 
properties where 

Nu*,, = 0.0414Re*/8 Pr*0-33 (8) 

The suction surface data is curve-fit in Fig. 21 as 
Nu*s = .0041 Re*/8 8 Pr*0-33 (9) 

The near-laminar to transitional heat transfer characteristics 
show reasonable agreement with the shock tunnel-nozzle 
suction surface boundary layer prediction techniques reported 
in [14]. Uncertainties in Rê . and Nux are computed to be ±6 
percent and ± 10 percent, respectively, in Fig. 21. 

Results of the shock tunnel nozzle pressure surface heat 
transfer measurements in Fig. 22 are compared with steady-
state nozzle cascade results using surface heater plates [23] 
and a single nozzle passage behind a combustor [9] using the 
calorimeter technique with metered water through channels 
surrounded by copper. Results from [9] and [23] are generally 
below or equal to the turbulent flat plate correlation com­
pared to the generally higher shock tunnel nozzle results. 
There are many influences that contribute to the fact that heat 
transfer data are inconsistent from nozzle pressure surface 
test measurements. These influences range from the technique 
of measurement (local versus average measurements across 
the flow path scan and the T„/Tg ratio) to the differences in 
nozzle geometry and aerodynamic characteristic of the 
velocity field. The destabilizing characteristic of the boundary 
layer from flow over a concave surface should itself be a 
significant factor that is influenced by the airfoil 
aerodynamics and geometry. These differences should em­
phasize and encourage the use and further development of 
boundary layer analytical techniques [14] to understand the 
influence factors and the heat transfer differences observed. 
This could result in more optimized airfoil cooling designs 
and improved nozzle structural integrity and cycle per­
formance. 

Journal of Engineering for Power 

Fig. 23 Nozzle suction surface heat transfer comparisons 

Figure 23 compares the suction surface results of [9] and 
[23] with the present shock tunnel results. While the tran­
sitional trends are generally the same up to the nozzle throat, 
there appears to be an earlier transition to turbulent heat 
transfer with [23] compared to the present results. This earlier 
transition may be the result of a destabilizing effect of the 
boundary layer caused by the reverse heat flow direction and 
T„/Tg>l resulting from the heater plate measurement 
technique. This implies that the wall-to-gas temperature ratio 
is an important factor in duplicating the actual suction surface 
boundary layer and heat transfer characteristics. From these 
test results, it appears that large gas-to-wall temperature 
differences tend to stabilize the boundary layer on the suction 
surface and thus delay transition. The heat transfer results of 
[9] with a 0.25<T„/TTg<0.35 appear to support this 
conclusion since it shows excellent agreement with the trends 
of the shock tunnel measurements. 

Nozzle Test Comparison 

Applying the shock nozzle heat transfer results to the hot 
gas path test stand (HGPTS) water-cooled nozzle reference-
design test conditions [4] indicates the shock tunnel airfoil 
average heat transfer coefficient is within 1 percent of the 
airfoil average heat transfer coefficient calculated from the 
water-cooled nozzle measured heat load at 2650 to 2700°F 
(1454 to 1482°C) firing temperature [24]. Lacking nozzle 
leading edge heat gage data from the shock tunnel tests, the 
leading edge heat transfer coefficient was computed from 
measured data in [23] and used in this HGPTS comparison 
along with the shock tunnel pressure and suction surface 
average coefficients from equations (8) and (9). 

Conclusions 

The application of short duration shock tube and shock 
tunnel technology using well-established transient testing 
techniques has determined the influence on flat plate and 
nozzle airfoil heat transfer from low wall-to-gas temperature 
ratios which simulate the design conditions of DOE's HTTT 
first-stage water-cooled nozzle. Eckert's reference tem­
perature is the preferred method of evaluating fluid properties 
to account for the large gas-to-wall temperature differences 
and extrapolation of nozzle test data to the design conditions. 
Average airfoil heat transfer coefficients calculated from the 
short duration shock tunnel nozzle tests agree with HGPTS 
high-temperature cascade data analysis of water-cooled 
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nozzle test results. The successful results of the flat plate and 
nozzle tests support the validity of the short duration shock 
tunnel technique as a viable alternative to steady-state cascade 
heat transfer tests especially when low wall-to-gas tem­
perature ratios are an important simulation factor for 
duplicating heat transfer results on turbine airfoils. 
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An Empirically Based Simulation 
Model for Heavy-Duty Gas Turbine 
Engines Using Treated Residual 
Fuel 
An empirically based engine simulation model was developed to analyze the 
operation of a heavy-duty gas turbine on ash-bearing fuel. The effect of the ash in 
the combustion products on turbine efficiency was determined employing field 
data. The model was applied to the prediction of the performance of an advanced-
cooled turbine engine with a water-cooled first-stage nozzle, when operated with 
ash-bearing fuels. Experimental data from a turbine simulator rig were used to 
estimate the expected rates of ash deposit formation in the advanced-cooled turbine 
engine, so that the results could be compared with those for current engines. The 
results of the simulations indicate that the rate of decrease in engine power would be 
32 percent less in the advanced-cooled engine with water cooling. An improvement 
in predicted specific fuel consumption performance was also noted, with a rate of 
increase of 3 8 percent for the advanced-cooled engine. 

Introduction 
The relative advantages and disadvantages of the gas 

turbine engine versus the Rankine steam engine are well 
known [1], and without considering fuel availability the gas 
turbine is the better choice for peak-load, electric power 
generating applications. As available supplies of light 
distillate petroleum fuels are diminished, increasing emphasis 
is being placed on fuels flexibility. The leading candidate 
alternative fuels are coal and residual fuel oil. Both of these 
are used successfully in Rankine steam engines, but to date 
only limited success has been obtained with gas turbine 
engines. Experience buring coal in gas turbines has been in 
general very poor, with erosion of turbine blades being the 
most serious obstacle [2, 3]. The use of gasified coal in 
combined cycles appears to offer the most promise [4, 5]. 
Experience burning residual fuel oil in gas turbines has been 
much better than with coal, and in some applications gas 
turbines are being operated with residual oil as the primary 
fuel [6]. There remain several unresolved problems, however, 
which compromise the operation of gas turbine engines using 
a residual fuel. Since it appears that clean distillate fuel oil 
and natural gas will soon no longer be available for use in 
electric power generation, it is quite possible that the future 
success of the heavy-duty gas turbine industry may well 
depend on the adaptation to alternative fuels. 

The most serious unresolved problem encountered with the 
use of residual fuel oil in gas turbines is the depostion of solid 
ash material on the turbine gas path surface [6]. The manner 
in which these deposits affect the engine performance may be 
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described by two separate variations in the turbine per­
formance [7]. The first of these is a reduction in the mass 
throughflow capacity of the turbine resulting from the 
physical and aerodynamic blockage at the nozzle and rotor 
passage throats. The second effect is a reduction in the turbine 
efficiency (increased irreversibility) resulting from an adverse 
variation of the turbine aerodynamics. 

A substantial amount of experimental research has been 
performed to investigate ash deposition in gas turbines. Most 
of this work has been carried out using so-called turbine 
simulator facilities [8, 9], which are attempts to simulate the 
environment in the first-stage nozzle passage of a gas turbine 
engine. Gas temperatures and hence throat velocities are 
matched to a full-scale turbine, but lower pressures are used 
and usually a simulated fuel is burned. The data obtained 
from turbine simulator tests may be used to calculate the rate 
at which the ash deposits produce a decrease in the mass 
throughflow capacity of the turbine nozzle. The extreme gas 
path conditions, however, prohibit the use of instrumentation 
necesary to obtain data relative to the cascade losses and 
hence the reduction in turbine efficiency. 

To the user of a gas turbine engine, the most important 
operating parameters are the engine power output and the 
specific fuel consumption. The variation in these parameters 
may be predicted if the off-design characteristics of the engine 
are known, along with a knowledge of the decreases in turbine 
mass throughflow capacity and turbine efficiency resulting 
from the ash deposits. In this paper a model is described 
which has been developed to carry out the performance 
analysis for a gas turbine engine operating on an ash-bearing 
fuel. This model makes use of some of the existing turbine 
simulator data as well as some limited results of tests per­
formed on full-scale engines in the field. The initial results are 
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then extended to make predictions of the performance of a 
near-term, advanced-cooled gas turbine utilizing a water-
cooled, first stage turbine nozzle. 

Description of Model 

The performance model used in this paper is a simplified 
version of a generalized model developed as part of an earlier, 
comprehensive investigation of ash deposit formation and 
removal in gas turbines [10]. The analysis is developed around 
a simplified gas turbine model shown in Fig. 1. In this model 
the turbine first-stage nozzle is considered separately from the 
rest of the turbine. A fraction of the compressor discharge air 
is extracted, bypasses the combustor, and re-enters the turbine 
as film and convective cooling air. Total-to-total efficiencies 
are used to characterize both the compressor and turbine, and 
losses in the compressor inlet and turbine exhaust are lumped 
into the efficiency of the respective components. 

The procedure for determining the operating point for the 
gas turbine engine involves satisfying mass flow and pressure 
ratio compatibility between the compressor and turbine. In an 
electric power generating application, the engine speed 
remains constant (3600 rpm in the U.S.), and the engine 
power output is varied by changing the fuel flow and thus the 
turbine inlet temperature. The most common control scheme 
is to maintain the desired operating point by sensing the 
turbine exhaust temperature and varying the fuel flow to hold 
the temperature at some predetermined value. For an engine 
burning clean fuel at constant power output would be 
delivered. Changes in turbine characteristics resulting from 
ash deposits would, however, result in some different 
operating point and a lower power delivery. 

The constant-speed, off-design point characteristics of the 
compressor and turbine were modeled using very simple 
approximations. A linear variation of compressor pressure 
ratio with mass flow was chosen, and a parabolic variation of 
compressor efficiency was used. This procedure provided 
flexibility in selecting the compressor mass flow coinciding 
with the maximum compressor efficiency. The turbine mass 
flow characteristic was assumed to be sufficiently steep (near-
choking) so that a constant mass flow capacity was delivered 
at all operational pressure ratios for the clean turbine. The 
turbine efficiency was also assumed to be independent of 
pressure ratio. The following equations thus describe the 
compressor and turbine performance (property state points 
refer to stations on the schematic, Fig. 1): 

(/WPoi) _ , f (m„^T^1/p0l) J 

(P02/P0l)a 
1 

= 1- "«2 

(ma^T0l/p0l)a 

(mas/T0l/pm) 

(.m^Tox/poi). 
•II 

'Ic.max 

Pm 

(2) 

(3) 

y,=a4 (4) 

Five variables in equations (1-4) are available for use in 
characterizing component off-design performance. The 

COMPRESSOR 

Fig. 1 Air-cooled combustion turbine engine schematic 
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NET ENGINE 

POWER OUTPUT 
HEAT RATE 

Fig. 2 Flowchart of combustion turbine engine analysis procedure 

coefficient a, in equation (1) is the slope of the compressor 
mass flow characteristics. In equation (2), a2 is related to the 
curvature of the compressor efficiency characteristic, and the 
compressor mass flow corresponding to the point of 
maximum efficiency is (ma^ff0l/p0l)@ri .The coefficients 

N o m e n c l a t u r e 

K, = 

Pni = 

coefficient in equations (1-4) 
coefficients in equations (5-
11) 
mass flow rate 
stagnation pressure at station 
/ 

Q.M 

sfc 
T 
1 01 

t 
V 

= heat transfer rate per unit 
mass in turbine nozzle 

= specific fuel consumption 
= stagnation temperature at 

station i 
= time 
= total-to-total, isentropic or 

polytropic efficiency 

Subscripts 
a = air 
c = compressor 
d = at the design point 

max = maximum 
o = initial value 
p = combustion products 
t = turbine 
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Table 1 General electric MS7001B performance 
specifications 

Inlet temperature 
Inlet pressure 
Shaft speed 
Air mass flow 
Compressor pressure ratio 
Firing temperature 
Exhaust temperature 
General output 
Heat rate 

15°C(59"F) 
1 atm 
3600 rpm 
245 kg/s (541 lb/s) 
9.4 
1010°C(1850°F) 
510°C(95O°F) 
60,000 kW 
11,740 kJ/kWh 
(11,130 Btu/kWh) 

a3 and a4 in equations (3) and (4) may be lowered to account 
for reductions in turbine mass throughflow capacity and 
efficiency resulting from ash deposits. 

A flowchart illustrating the complete analysis procedure 
used to obtain the engine operating point is shown in Fig. 2. A 
detailed description of the equations used in the analysis may 
be found in the Appendix of [10]. 

With the model thus developed capable of incorporating the 
effects of the ash deposits on the turbine performance and 
able to predict engine performance at off-design conditions, a 
suitable application was selected. A limited amount of 
operational data were available from two full-scale gas 
turbine engines, both of which were manufactured by the 
General Electric Company [11]. Both of these engines were 
model MS7001B units, capable of producing 60 MW of 
electrical output at full-rated ISO conditions. The first of 
these is operated by the Florida Power and Light Company at 
the DeBary site in central Florida. This unit is operated at the 
full-rated firing conditions on a residual fuel oil with 
relatively low contaminant levels and is used for peaking 
power only. The second unit is operated by the Alcoa 
Company at Paramaribo, Surinam, in northeastern South 
American. This unit is operated at slightly derated firing 
conditions on a relatively poor-grade residual, and is used in a 
baseload (continuous) application. Field tests were performed 
on each of these units, from which sufficient data were ob­
tained to calculate the rate of decrease of the turbine mass 
throughflow capacity. In addition, the rate of decrease of 
engine power was also documented. 

Recall that the required inputs to the engine simulation 
model are the rates of decrease of the turbine mass 
throughflow capacity and the turbine efficiency. The rate of 
decrease of engine power is the model output. In this par­
ticular case, the simulation may be used to determine the rate 
of decrease of turbine efficiency. From the field data, it was 
determined that the ratio of the rate of engine power loss to 
the rate of decrease in turbine mass throughflow capacity was 
approximately 2.5.' By examining various cases with dif­
ferent rates of turbine efficiency loss, the proper rate may be 
determined to yield this ratio. 

A design-point cycle analysis was performed using the rated 
performance specifications of the MS7001B. These 
specifications are given in Table 1, and the assumptions 
underlying the cycle analysis and its results are given in Table 
2. This analysis was necessary to determine the value of 
several of the coefficients in equations (1-4). The remaining 
unknown coefficients were a,, a2,ricm:ix< and (ma^/T0 

/Pm)«)» • Each of these terms relates to the off-design 
compressor performance characteristics. Several cases were 
examined to investigate the sensitivity of the simulation 
results to these variables. The coefficient ax in equation (1), 
which is the slope of the compressor pressure ratio charac­
teristic, was assigned the values 2 and 4. The three terms in 
equation (2) are used to set the value of the maximum com-

!Mr. H.vonE. Doering of the General Electric Company in Schenectady, 
N.Y., is gratefully acknowledged for his insights regarding the field ex­
periments. 

Table 2 MS7001B design point cycle analysis — assumptions 
and results 

Assumptions 
Compressor isentropic efficiency 
Combustor pressure drop 
Turbine inlet temperature 
Fuel lower heating value 

Combustion efficiency 
Results 

Fuel/air ratio 
Compressor discharge tem­
perature 
Total turbine cooling air flow 
First-stage nozzle cooling air flow 
Rotor and generator loss 
Turbine isentropic efficiency 

0.867 
0.04 P01 
1043°C(1910°F) 
42,600 kJ/kg 
(18,320 Btu/lb) 
0.99 

0.0189 

309°C(588°F) 
0.094 ma i r 
0.047 ma i r 
2560 kW 
0.974 

Table 3 Test case summary 

Case 

1 
2 
3 
4 

2 
4 
2 
4 

0.867 
0.867 
0.900 
0.900 

«2 

40.74 
40.74 
40.74 
40.74 

[ma*jT0l/pm]d 

[ma^T0l/p0l] oiJ@,cmax 
1.00 
1.00 
0.97 
0.97 

pressor efficiency and the mass flow at which this occurs. Two 
cases were investigated. In the first case, the maximum ef­
ficiency was assumed to be 90 percent and to occur at a mass 
flow rate of 3 percent below the design value. This yielded a 
value of a2 equal to 40.74. In the second case, the maximum 
efficiency was taken to occur at the design point, and the same 
value of a2 as above was used. A summary of the resulting 
four test cases is given in Table 3. 

The turbine efficiency in the engine simulation model was 
assumed to decrease linearly with the decrease in turbine mass 
throughflow capacity according to the following relation: 

Aa4 K] Aa3 

(.ado (ai)o 
(5) 

As previously mentioned, the engine power output has been 
observed to vary linearly with the decrease in turbine mass 
throughflow capacity, or 

AP K.Aa, 

GP)o (fl3)o
 ( Q 

where K2 is approximately 2.5. A numerical investigation was 
undertaken to determine the value of K\ which would yield a 
value of K2 equal to 2.5 for the four test cases given in Table 
3. 

With the results of the MS7001B engine simulation yielding 
the rates of turbine efficiency loss for the various test cases, 
application to other geometrically similar engines may be 
attempted. One such case of current interest is the water-
cooled turbine engine [12]. Although prototype application of 
the water-cooled gas turbine is intended for much higher 
turbine inlet temperatures, turbine simulator data are 
available for a water-cooled turbine nozzle operating at 
MS7001B conditions [8, 13], making a direct comparison 
possible. Consider, for example, an engine with a water-
cooled first-stage turbine nozzle, with the remainder of the 
engine exactly the same as the MS7001B. The major ther­
modynamic difference between the water-cooled turbine 
engine and the MS7001B is that the water-cooled engine 
rejects heat in the first-stage nozzle rather than having cooling 
air added. For this comparison, the same turbine firing 
temperature (TM) was used as in the MS7001B, and a 
polytropic turbine efficiency was incorporated into the 
analysis to account for the heat rejected. The magnitude of 
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the heat rejected was determined by scaling the results of 
turbine simulator tests [13] to account for Reynold's number 
and geometry differences. The remaining effect to be ac­
counted for is how the ash deposits affect the heat transfer. A 
linear decrease in heat load was assumed of the form 

AQ34 K3Aa3 

(Q34>o ("3)0 
(7) 

where a value of K3 of 2.6 was determined from the turbine 
simulator experiments [10]. These data are shown in Fig. 3. 
With these modifications, the water-cooled turine engine 
simulation was performed, using the same off-design com­
ponent performance characteristics as before. Each of the 
four cases in Table 3 was investigated, using the values of Kx 

determined from the MS7001B simulations. The results 
yielded a value of the coefficient K2 indicating how the engine 
power output varies with ash plugging in the turbine. 

In actual engine operation the principal performance 
characteristic of interest is how the engine power varies with 
time. As previously mentioned, turbine simulator experiments 
yield rates of decrease of nozzle mass throughflow capacity of 
the form 

Aa3 

(a3)o 
= KdAt (8) 

If KA is known, the rate of power output decrease can then be 
determined by combining equations (6) and (8) to yield 

AP 
--K2K4At = K5At (9) 

Turbine simulator data are available for air- and water-cooled 
turbine nozzles at MS7001B firing conditions [8, 13], from 
which the respective values of K4 can be determined. From the 
relative magnitudes of the coefficient product, K5, a measure 
of estimated relative operational availabilities of the air- and 
water-cooled turbine engines is obtained. 

The second operational characteristic, other then engine 
power output, which is of interest to the engine operator is the 
engine heat rate or specific fuel consumption. These 
parameters are indications of the overall efficiency of the 
engine and will increase during operation with residual fuels 
as the engine efficiency decreases. Choosing the specific fuel 
consumption as the parameter of interest, the rate of increase 
accompanying the decrease in turbine mass throughflow 
capacity may be expressed as 

Asfc 
= Kn 

A«3 

Using equations 
variable yields 

Gs/c)o (a3)o 
(8) to introduce time 

Asfc 
= KAK0At = K1At 

(10) 

as the independent 

(11) 
(sfc)0 

The relative magnitudes of the coefficient, K-,, for the air-
cooled turbine and water-cooled turbine engine simulations 
yield a second measure of the engine performance during 
operation with residual fuel oil. 

Results and Discussion 

The results of the numerical simulations of the air- and 
water-cooled gas turbine engines, discussed in the previous 
section, are summarized in Table 4. Four cases are con­
sidered, corresponding to the four types of compressor 
characteristics described in the previous section (see Table 3). 

The results of the air-cooled turbine engine simulation are 
expressed in terms of the value of the coefficient, Kx, in the 
second column of Table 4. Recall that this term, defined by 
equation (5), is the coefficient of proportionality between the 
decrease in turbine mass throughflow capacity and the 
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Case 

1 
2 
3 
4 

K 

Table 4 Engine Simulation Results 

(^5) wc 

0.68 
0.74 
0.88 
0.86 

(K2)« 

2.3 
2.3 
2.3 
2.3 

(Ks)a 

0.68 
0.68 
0.68 
0.68 

(*7)» 
( * 7 ) . 

0.61 
0.62 
0.62 
0.62 

decrease in turbine efficiency. The values given in the table 
were found to result in a value of the coefficient, K2, defined 
by equation (6), of 2.5. Note that the values of Kx obtained in 
cases 1 and 2 were 0.68 and 0.74, respectively. The slightly 
larger value for case 2 results from the fact that the com­
pressor mass flow rate is not decreased as much as case 1, and 
thus higher compressor efficiencies are maintained. The 
turbine efficiency must be lowered at a higher rate. In cases 3 
and 4, the values of Kx obtained were 0.88 and 0.86, 
respectively. The trend observed in cases 1 and 2 was reversed 
in these cases because reductions in compressor mass flow 
resulted in increasing rather than decreasing compressor 
efficiency. This result also accounts for the higher values of 
the coefficient, Kx, in case 3 and 4. 

The values of the coefficient, Kx, obtained from the 
MS7001B simulation, indicate that the turbine efficiency 
decrease, required to obtain engine power loss rates observed 
in the field, is relatively insensitive to changes in the com­
pressor performance characteristics. 

The results of the water-cooled turbine engine simulation 
are expressed in terms of the coefficient, K2, in the third 
column of Table 4. In this simulation, the same values of the 
coefficient, Kx, from the air-cooled turbine engine simulation 
were used. Recall that a value for K2 of 2.5 was used in the 
air-cooled simulation. In cases 1 and 2, the value of K2 ob­
tained for the water-cooled turbine engine was 2.3, a value of 
8 percent less than for the air-cooled engine. If the rates of 
turbine mass throughflow decrease resulting from ash 
deposits were the same for each engine, then the water-cooled 
turbine engine would be available for 8 percent greater time 
before a similar power loss is suffered. For cases 3 and 4 of 
the water-cooled turbine engine simulation, a value of the 
coefficient K2 of 2.3 for each case was again obtained. These 
results seem to indicate that the rate of power decrease which 
would be observed in a water-cooled turbine engine, assuming 
equal amounts of ash deposits as in its air-cooled turbine 
counterpart, would be less by approximately 8 percent. 
Furthermore, this result appears to be insensitive to the off-
design performance characteristics of the compressor. 
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For a true comparison of the relative operational 
availabilities of the two engine types being investigated, time 
must be introduced as the independent variable through 
equation (8), and thus the magnitude of the coefficient, KA. 
Turbine simulator data, taken at MS7001B firing conditions 
and corrected for nozzle throat widths, indicate that the 
coefficient, K4, for the water-cooled turbine nozzle is 25 
percent lower than for an air-cooled nozzle [10]. Data from 
these tests are shown in Figs. 4 and 5. A relative comparison 
may be obtained with these data of the time-availability 
coefficients, K5, in equation (9). These coefficients are 
summarized in the fourth column of Table 4. The time 
availability of the water-cooled turbine engine is 32 percent 
greater than its air-cooled counterpart. 

The specific fuel consumption comparison, again in terms 
of the relative magnitudes of the time-related coefficients, is 
summarized in column 5 of Table 4. The rate of increase in 
specific fuel consumption is decreased 38 percent to 39 

percent with the water-cooled turbine. As before, these results 
are insensitive to the compressor characteristic. 

Conclusions 

An empirically-based engine simulation model has been 
developed to analyze the operation of gas turbine engines on 
ash-bearing fuel. This model was calibrated by applying it to 
an engine (MS7001B) with available field operational data. 
The model was then applied to a near-term, advanced-cooled 
turbine engine design consisting of a first-stage turbine nozzle 
with water cooling. 

The results of the engine simulation indicate that the water-
cooled turbine engine would operate for a 32 percent greater 
time period before experiencing the same output power loss as 
the air-cooled turbine engine. This increase is attributable to 
thermodynamic differences as well as to the lower rate of ash 
deposit formation. The rate of specific fuel consumption 
increase in the water-cooled turbine engine was 38 percent to 
39 percent less than that of its air-cooled counterpart. In the 
case of either power output or fuel consumption calculations, 
the compressor performance model chosen had no effect on 
the final results. 

From the engine simulation results, it is thus concluded that 
the water-cooled turbine engine would yield improved per­
formance through both increased availability and lower 
specific fuel consumption. 
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Introduction 

Measured Coolant Distributions 
Downstream of Single and Double 
Rows of Film Cooling Holes 
A mass-transfer technique has been used to investigate experimentally the 
distribution of coolant from two rows of holes with independently varied blowing 
rates. Both staggered and in-line configurations were investigated for two injection 
angles and a range of row spacings. Detailed concentration distributions measured 
at and above the surface are presented and a possible mechanism to account for the 
large differences in behavior between staggered and in-line configurations is 
discussed. 

The film cooling of turbine blades and nozzle guide vanes 
usually requires the use of a succession of rows of film cooling 
holes. To assist in the development of film cooling systems, 
numerous experimental studies have been made, with at­
tention being centerd on single row or full-coverage 
arrangements using multiple rows spaced at 10 hole dia or 
less. The urgent need to establish the dependence of the film 
cooling effectiveness upon a wide range of geometric and flow 
parameters for the purposes of thermal design optimisation of 
blades and vanes has resulted in the measurement of only the 
film cooling effectiveness by most investigators. 

Recently, Bergeles et al. [1], [2], and [3] have shown that 
contemporary numerical flow calculation procedures permit 
the satisfactory calculation of effectiveness for shallow in­
jection angles with low blowing rates for both a single row 
and two close-spaced rows of holes. The procedures are not so 
successful at high blowing rates or close to the cooling holes. 
The proper development and testing of such predictive 
schemes requires the existence of a body of experimental data 
relating to the coolant distribution above the surface, in 
addition to effectiveness data. As indicated in [3], the flow 
region immediately downstream of the injection point is 
particularly crucial in the modeling of the injection process. 

In an earlier paper [4], the performance of a double row of 
discrete holes has been discussed in terms of the variation 
spanwise and area-averaged effectiveness with row spacing, 
injection angle and blowing rate. In the present paper, details 
are reported of the surface distribution of the coolant, and its 
distribution above the surface for both one and two rows of 
holes with the dual aims of the provision of data for program 
development and of giving a better insight into the local 
mixing and entrainment phenomena which determine the 
performance of a given film cooling geometry. 

Experimental Techniques and Ranges of Parameters 
Studied 

To simulate under isothermal conditions the injection of 

Table 1 Main test parameters 
Hole diameter, D 
Spacing to diameter ratio 
Number of rows 
Row spacings 
Injection angles 

Row configurations 
Width of tunnel working section 
Injectant: mainstream density 

ratio pj/pv, 
Mainstream velocity, « „ 
Blowing rate, M^^pjUj/p^u^,) 

Boundary layer displacement 
thickness at the first row, 6* ID 
Pressure gradient 

= 2.27 mm 
= 3.0 
= 2 
= 10A 20£>, 30A 40D 
= 35 deg at both rows or 90 deg at 

both rows 
= staggered or in-line (see Fig. 1) 
= 381 mm 

= 2.0 
= 25 m/s 
= combinations of 0.5, 1, 2, 3 at 

the two rows 

= 0.16 
= zero 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 27th International Gas Turbine 
Conference and Exhibit, London, England, April 18-22. Manuscript received 
at ASME Headquarters December 11,1981 Paper No. 82-GT-144. 

cold air into a hot gas stream, a mixture of Freon 12 with air 
was injected into an airstream. The proportions of Freon 12 
and air in the injectant were chosen to give an injectant to 
mainstream density ratio of about 2, typical of turbine 
operating conditions. 

The injectant was introduced through long tubes set in a 
plate forming part of the flat floor of a wind tunnel. The 
tunnel wall boundary layer was bled off ahead of the first 
injecting row, and a trip wire was used to give a turbulent 
boundary layer. The thickness of the boundary layer was set 
by using a contoured roof in the tunnel to accelerate the flow 
over the boundary layer development section upstream of the 
injection point. At, and downstream of, the injection point, a 
zero pressure gradient condition was maintained. The plate 
containing the tubes could be traversed in a spanwise direction 
past an array of fixed tappings set in the tunnel floor. The 
concentration of Freon in samples drawn slowly through these 
tappings, or through an isokinetic sampling probe mounted 
on a traverse gear fixed to the tunnel roof, was measured 
using a thermal conductivity cell. High resolution mapping of 
the injectant distribution both at and above the surface could 
thus be carried out. The film cooling effectiveness was 
deduced from the Freon concentration in the samples drawn 
from the wall tappings relative to that in the injectant as 
described in [4]. 

A lateral (spanwise) traverse interval of 0.5 D was used for 
both measurements at and above the surface. For the surface 
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3D 

< t > -

(a) staggered configuration 

measurements, the traverse commenced 1 D to one side of a 
hole centre and terminated at 2 D on the opposite side of the 
hole centre-line. For measurements above the surface, the 
range was 1.5 D either side of a hole centre, and vertical 
traverse increments commenced at 0.1 D and increased with 
distance from the surface. 

Fuller details of the apparatus and techniques are given in 
[4] and [5]. Table 1 gives a summary of the test conditions and 
the range of parameters studied. Figure 1 shows the in-line 
and staggered row configurations used in the present in­
vestigations. Comparisons of the injectant distributions for 
the two configurations will be used to deduce explanation for 
the behaviour and interaction patterns of the injected flows. 

4--
e-

I 
t—r 

3D 

— x̂ 

(b) i n - l i n e configuration 

Fig. 1 Row configurations and coordinate system 

Injectant Distribution Following Single Row Injection 
Figure 2 shows surface concentration contours for 90 and 

35 deg injection for the region up to 25 dia from the injection 
point at the relatively low nominal blowing rate, M, of 0.5. 
These contours have been produced by using a curve fitting 
routine with measured data as the input. Clear evidence is 
seen of the persistence of jet structures for considerable 
stream wise distances, as has previously been reported by Liess 
and Carnell [6] and by Foster and Lampard [7]. It is also 
evident that normal injection results in much faster mixing 
and consequent jet dilution than for shallow angle injection.-

Measurements of the concentration within the cooling film 
made in the plane of the jet centreline, Fig. 3, indicate that the 
jet structure can still be present at stream wise distances of the 
order of 40 dia, the maximum spacing employed in the two-

u -2 
z 
£-1 

SINGLE ROW : 90° INJECTION ANGLE 

a. 
°> 1 

2 -

JJl m, JHSL 

10 15 
DIMENSIONLESS DISTANCE FROM INJECTING ROW, 

SINGLE ROW : 35° INJECTION ANGLE 

5 10 15 

DIMENSIONLESS DISTANCE FROM INJECTING ROW, X/D 

Fig. 2 Effect of injection angle on the surface concentration (ef­
fectiveness) distribution for a single row at M = 0.5 

Nomenclature 

c = concentration (by mass) 
D = injection hole diameter 

M = blowing rate, PJUJ 

Poo «oo 

u = velocity 
x = streamwise coordinate (measured from hole centre) 
y = coordinate normal to surface 
z = cross-stream (spanwise) coordinate 
a = injection angle 

8* = boundary layer displacement thickness 
p = density 

Subscripts 
up = value at upstream row 

down = value at downstream row 
c = value along centre-line (z = 0) 
j = jet (injectant) 
w = wall(v = 0) 
°° = freestream 
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row studies of the present work. Film nonuniformity as 
determined by the peakiness of the concentration profiles is 
seen to increase with decreasing injection angle and with 
increasing blowing rate. It is certain that jet lift-off will have 
occurred at the higher nominal blowing rate of 2.0, and this 
has resulted in the presence of a pronounced peak at some 
distance from the surface in the concentration distribution for 
35 deg injection. 

The presence of jet structures in the film produced by the 
upstream row of holes will clearly affect the mixing of any 
coolant injected into the film from any subsequent row of 
holes. The relative configuration of the holes in the two rows, 
the blowing rates, the row separation, and the injection angle 
might all be expected to result in changes in the mixing at, and 
downstream of, the second row. Some of the gross effects, 
and their implications from the design standpoint, have been 
discussed by the authors in an earlier paper [4]. In particular, 
it was noted that a staggered configuration gave markedly 
superior spanwise averaged effectiveness to an in-line con­
figuration for shallow injection angles, high blowing rates, 
and small row spacings, all of which the single row results 
above would indicate as leading to strong film nonuniformity 
approaching the second row. 

Injectant Distribution Following Injection Through 
Two Rows 

Comparison of Surface Distributions for In-line and 
Staggered Configurations. Figure 4 compares the relative 
concentration, cw/cJt distributions in the surface downstream 
of the second row for staggered and in-line configurations. 
The row spacing is the smallest used in the present in­
vestigation-10 dia-and the nominal blowing rates at the 
upstream and downstream rows are 3 and 0.5, respectively. 
The combination of the shallow injection angle (35 deg) with 
the high upstream blowing rate implies that the upstream film 
will be highly nonuniform. Despite this, the contours are 
similar in form to that of a single row, Fig. 2, with similar 
peak relative concentrations, cw/cj, of around 0.6 being 
recorded in all cases. Inspection of the region between the 
holes, z/D= 1.5, close to the injection point, x/D=5, does, 
however, reveal a significant difference. For single row in­
jection, the relative concentration falls to less than 0.1, while 
the corresponding levels for in-line and staggered two row 
configurations are 0.2 and 0.3, respectively. 

0-2 0 

CONCENTRATION, c/c 
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A 

k 

a 
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90* 
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1-97 
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0-25 
0-24 
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1-01 

M 

0-51 
0-48 
1-97 

2-03 

X 
D 

38-3 

Fig. 3 Effect of blowing rate and injection angle variations on the 
centerline concentration distribution above the surface for single row 
injection 

These increased levels in the region between the jets from 
the second row result in a reduction of the jet dilution further 
downstream. On the jet centerline between x/D = 20 and 25 
the relative concentration for a single row at 35 deg is around 
0.2 (Fig. 2), whereas for two rows in the in-line configuration 
(Fig. 4) it is 0.25 and, for the staggered configuration, in 
excess of 0.3. 

IN-LINE CONFIGURATION:35 INJECTION ANGLE . ROW SPACING 10D 

STAGGERED CONFIGURATION 35°INJECTION ANGLE.ROW SPACING 10D 

10 15 

OISTANCE FROM DOWNSTREAM ROW. x/D 

Fig. 4 Comparison of surface concentration (effectiveness) 
distributions for in-line and staggered configurations at a row spacing 
oflOdia 
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Evidently the staggered configuration results in enhanced 
levels not only in the interhole regions of the second row, but 
also in the regions beneath the jets from the second row except 
very near the injection point. 

Injectant Distribution Above the Surface. Traverses to 
measure relative local concentrations above the surface were 
made in the plane x/D = A.09 and also the plane z/D = 0, on 
the centreline of a hole in the downstream row. 

Figure 5 shows contours of relative concentration for 35 
deg injection angle and a row spacing of 10 dia with nominal 
blowing rates of 0.5 and 1.0 at upstream and downstream 
rows, respectively. Under these conditions, the jets from the 
upstream row should remain attached to the surface, and Fig. 
2 indicates that the peak surface relative concentration level 
arising from these jets at the traverse location would be 
around 0.2 to 0.25. This is seen to correspond to the level at 
z/D= 1.5 for the staggered configuration. The level in this 
interhole region for the in-line configuration of between 0.1 
and 0.2 is typical of the corresponding region for the single 
row (Fig. 2). Although the peak levels recorded for the two 
configurations were identical, the extent of the region of 
maximum concentration is greatest for the in-line case, and 
the jet structure is clearly stronger. No structure relating to 
the upstream jets is discernible for either configuration. 

It can be concluded that, for the in-line configuration, the 
upstream jet provides a measure of shielding for the down­
stream resulting in less vertical and lateral diffusion than for 
the staggered configuration. 

Changing the injection angle to 90 deg at both rows (Fig. 6) 
results in a much thicker film for both configurations with 
broadly the same characteristics as for the 35 deg injection 
case discussed above, see Fig. 6. The level between the holes 
is, however, rather higher in both cases than that indicated as 
arising from the upstream row of holes. This is a consequence 
of the faster mixing resulting from the increased injection 
angle which has caused a tendency towards coalescence of the 
downstream jets. The peak relative concentration levels in the 
jets have also been considerably reduced by this mechanism. 

It is interesting to note that the in-line configuration is 
approaching lift-off conditions rather more closely than the 
staggered configuration. It may be that lift-off is inhibited in 
the latter case by enhanced lateral mixing arising from the 
upstream jets in the inter-hole spaces. 

Effect of Blowing Rate and Row Spacing Variation. As 
noted in [4], the effectiveness distribution downstream of the 
second row depends on the blowing rate at that row, the 
blowing rate at the upstream row, and the row separation in a 
complex fashion. If the upstream blowing rate and row 
separation are such that the film approaching the downstream 
row has achieved a good degree of two-dimensionality, then 
the effectiveness downstream of the second row will become 
independent of the relative arrangement of the holes in the 
two rows. 

The region immediately downstream of the second row is 
most sensitive to upstream conditions. An examination of the 
behaviour in this region will therefore be used to infer the 
controlling mechanisms. 

Figure 7 presents measured concentration distributions 
above the surface in the plane of a downstream hole centreline 
at x/D = 4.09. The distribution for a single row injecting at a 
blowing rate of 2 is also shown for comparison. In every case, 
the peak concentration occurs well away from the surface 
indicating that the jets from the downstream row have lifted 
off. 

Looking first at the staggered configuration with a row 
spacing of 10 dia, it is seen that the concentration peak for an 
upstream blowing rate of 0.5 is considerably further from the 
surface than that for a single (downstream) row. Increasing 
the blowing rate to 1 produces a shift back towards the 

STAGGERED CONFIGURATION 

IN-LINE CONFIGURATION 

T 

CROSS-STREAM DISTANCE z/D 

Fig. 5 Effect of row configuration on the concentration distribution 
above the surface at x/D = 4.09 (35 deg injection; Mu p = 0.5; M d o w n = 1) 

STAGGERED CONFIGURATION 

IN-LINE CONFIGURATION 

CROSS- STREAM DISTANCE z/D 

Fig. 6 Effect of row configuration on the concentration distribution 
above the surface at x/D = 4.09 (90 deg injection; M u p = 0.5; Md o w n = 1) 
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surface. At the same time, a progressive increase in the 
concentration close to the wall occurs as the upstream blowing 
rate increases from zero. 

Bergeles et al. [3] inferred that the upstream jets may help 
to keep the downstream jets on the surface at high blowing 
rates, when considering the performance of two staggered 
rows spaced at 3.5 dia. Jabbari and Goldstein [8] have also 
noted greatly improved performance relative to a single row 
under similar conditions. 

The inward movement of the concentration peak with 
increasing upstream blowing rate seems in accordance with 
these observations, but the higher trajectories relative to 
single row injection warrant some explanation. 

It seems probable that it is the momentum distribution 
within the approaching upstream film that controls the 
downstream jet trajectory. For the present work, a density 
ratio of injectant to mainstream of 2 has been used, and 
consequently a blowing rate of 0.5 gives a corresponding 
momentum flux ratio of one-eighth. At the 0.5 blowing rate, 
therefore, the film approaching the downstream row will have 
considerably less momentum than the boundary layer ap­
proaching the single row operating alone. Moreover, pockets 
of low momentum will exist in the film in the regions between 
the downstream jets. An increase in the jet penetration above 
that observed for a single row is therefore to be expected. 

Increasing the upstream blowing rate to 1 decreases the 
momentum deficit in the film resulting in an inward 
movement of the downstream jets. The progressive increase in 
wall concentration seen with increasing upstream blowing rate 
can be explained by entrainment of fluid from the upstream 
film into the region beneath the downstream jets. It should be 
noted that for high upstream blowing rates the concentration 
in the film will increase with distance from the wall. It is 
therefore possible for a rise in effectiveness above that given 
by the upstream row to occur beneath the downstream jets if 
they draw in fluid from the region above the wall. 

Turning now to the concentration distributions for the in­
line configuration with 10 dia row spacing, it is seen that at an 
upstream blowing rate of 0.5, the concentration peak remains 
at the same distance from the surface as for a single row. An 
increase in the blowing rate to 1 leads to a movement of the 
peak away from the wall. The wall concentration is seen first 
to increase, then decrease. 

The disparate behaviour of the in-line and staggered 
configurations can be reconciled if it is argued that it is 
momentum of the flow between the downstream jets that 
controls their trajectory. For the in-line configuration, very 
low concentrations occur in these gaps when the upstream 
blowing rate is 0.5 (see Fig. 5), indicating the predominance of 
the mainstream flow with its associated high momentum. The 
jet trajectory is therefore close to that of an isolated row. 

As noted earlier, the upstream jets seem to form a sheath 
around the downstream for the in-line configuration. When 
the upstream blowing rate is increased, the jet structure 
approaching the downstream row increases in cross section 
and the 'sheaths' from adjacent jets coalesce, filling the gaps 
between the downstream rows with relatively low momentum 
fluid. The downstream jets therefore lift off, and the peak 
concentration now occurs at a distance from the wall similar 
to that for the staggered configuration. 

The filling of the interhole space with low momentum fluid 
from the upstream row could account also for the relatively 
poorer resistance to lift-off of the in-line configuration seen in 
Fig. 6. With the 90 deg injection angle, a more diffuse jet is 
obtained at any given blowing rate than with the 35 deg angle. 
Consequently, the gaps between the holes of the downstream 
row become blocked by the low momentum fluid at a lower 
upstream blowing rate. 

Finally, for the larger row spacings shown in Fig. 7 (40 dia 
for the staggered, and 30 dia for the in-line configuration) an 

STAGGERED CONFIGURATION 

ROW SPACING 10D | ROW SPACING A0D 

IN-LINE CONFIGURATION 

ROW SPACING 10D | ROW SPACING 30D 

0 0-4 0-8 i 0 0-4 0-8 

CONCENTRATION ,c/c. 
j 

Fig. 7 Centerline concentration distributions above the surface at 
x /D = 4.09 at a downstream blowing rate, Mdown = 2. (Injection angle 
35°; - o - Mup = 0.5, M d o w n = 2; - x - Mup = 1, M d o w n = 2 single 
r o w , M d o w n = 2 ) 

outward movement of the concentration peak of about the 
same magnitude occurs for both configurations. With the 
increased development lengths available, the upstream film 
becomes much more uniform. It will be much thicker and 
have a larger momentum deficit than the boundary layer 
which would exist in its absence. Jet penetrations above those 
seen for the single row are therefore not unexpected. A small 
inward shift occurs for the in-line configuration as the up­
stream blowing rate is increased from 0.5 to 1. For the 
staggered configuration, the peak appears to remain at the 
same level. However, there is a considerable change in the 
profile shape beneath the peak, and comparison of the 
profiles above the peak does indicate that this may be masking 
an inward shift similar to that for the inline configuration. 

Concluding Remarks. Measured concentration distri­
butions at and above a flat surface with two rows of injecting 
holes have been presented for a range of geometric and flow 
conditions. Strong differences have been shown to result from 
the use of staggered and in-line configurations. 

It is tentatively suggested that the momentum flux in the 
upstream film in the zones between the downstream holes 
plays a crucial role in the control of the trajectory of the jets 
from the downstream row. An increased momentum flux 
reduces the tendency to lift-off, and, when lift-off occurs, 
results in a lower trajectory. 

These observations help to explain the excellent film 
cooling performance at high blowing rates reported for two 
close-spaced staggered rows by Jabbari and Goldstein [8] and 
Bergeles et al. [3]. It is also in accordance with the earlier 
conclusion of the present authors [4] that, where different 
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blowing rates are used at the two rows, the best cooling 
performance is obtained by applying the highest at the up­
stream row. 
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D I S C U S S I O N 

G. E. Andrews1 

The technique of using Freon and air mixtures to simulate a 
density difference which in practice arises from a temperature 
difference has implications for hole size and coolant pressure 
loss. The technique essentially allows the velocity and densiy 
of the coolant air to be varied independantly, whereas in 
practice density and velocity variations are directly linked. 
The test conditions of the author are presumably aimed at a 
simulation of actual conditions similar to a coolant tem­
perature of 700K and a mainstream gas temperature of 
HOOK. For these temperatures Table 2 compares the engine 
velocity and coolant hole pressure loss parameters with the rig 
simulation of these engine conditions. For the same blowing 
rate the large differences in mainstream velocities and coolant 
jet efflux velocities could result in significant differences in 
turbulent mixing. 

'Department of Fuel and Energy, University of Leeds, LEEDS LS2.9JT., 
U.K. 

T a b l e 2 

Rig simulation Equivalent engine conditions 

M U„ Uj ( ^ ) . If. V, ( ^ ) . 

% 
0.05 
0.18 
0.73 
1.64 

m/s 
117 
117 
117 
117 

m/s 
29 
58 
117 
175 

% 
0.21 
0.85 
3.39 
7.63 

The wall pressure loss (AP/P) has been calculated, 
assuming a unity discharge coefficient for the long tube used. 
For practical wall hole geometries, the CD would be lower, 
and for the same blowing rate the pressure loss would be 
higher. We have found that the wall pressure loss, and hence 
coolant hole size, is a very significant parameter in wall 
cooling effectiveness. 

Closure 

The discussor raises three points: namely, how to specify 
the blowing parameter, the fact that density and velocity are 
coupled in the real situation, and the effect of absolute 
velocity on mixing. 

Taking the first point, in the paper the blowing parameter 
is defined as pcuc/p„u„ at exit from the hole. The use of wall 
pressure drop is appropriate where hole feed and hole 
geometry are also being modeled as is usual in the combustor 
situation. With our definition, the coolant hole pressure loss 
is already included. The fact that the hole pressure loss is 
different in the rig so that in the equivalent engine conditions 
will not affect the film cooling situation since the blowing 
parameter is matched at exit from the hole. 

In the case of turbine blades and vanes, the supply con­
ditions to successive rows may differ. This means that 
velocities and densities at the two rows are not necessarily 
coupled as the discussor implies. For these reasons, we have 
not attempted the precise simulation of any particular real 
case, but rather have preferred to set the hole exit conditions 
and to use a single density ratio which is typical of turbine 
conditions. The intention is, as explained in the paper, to 
provide data for testing computer predictions, and to shed 
some light on the flow mechanisms which control the mixing 
of the coolant jets and mainstream flow. 

Addressing the last point, since the velocity and density 
ratios, and mainstream Reynolds number based on the in­
jection hole diameter are similar to those encountered in 
turbines, we would not expect the mixing observed in the rig 
to differ significantly from that occurring under turbine 
conditions. 
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blowing rates are used at the two rows, the best cooling 
performance is obtained by applying the highest at the up­
stream row. 
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An Investigation of Ingress for an 
"Air-Cooled55 Shrouded Rotating 
Disk System With Radial-
Clearance Seals 
In order to model the flow between an air-cooled gas turbine rotor and its stationary 
casing, a simple isothermal plane rotating disk and stator are used. In tests reported 
earlier, the cavity between the rotor and stator was sealed by a stationary cylindrical 
shroud, and the dimensionless minimum amount of "coolant, " CW: ,„,„, necessary 
to prevent a radial inflow (or ingress) of "hot gas" through the axial clearance 
between the shroud and the rotor, was determined. In the current tests, a number of 
seals with a radial clearance between the cylindrical shroud and the rotor are tested. 
Unlike their axial-clearance counterparts, radial-clearance seals can exhibit a 
pressure-inversion effect, where the pressure inside the cavity increases, rather than 
decreases, with increasing rotational speed. Using pressure measurements and flow 
visualization, correlations showing the variation of CWi ,„,„ with clearance ratio and 
rotational Reynolds number are presented, and it is shown that - under equivalent 
conditions — a seal with a radial clearance can be much more effective than one with 
an axial clearance. 

1 Introduction 

In recent years, the quest for improved performance has led 
to great interest in the study of disk sealing and cooling air 
systems of gas turbines. The disk cooling air must not only 
remove the heat conducted into the disk from the blades but 
must also prevent the ingress of hot gas into the cavity be­
tween the disk and its stator. Bayley and Owen [1] used a 
plane disk rotating close to a plane stator to model the more 
complex geometry of an air-cooled gas turbine rotor; the axial 
clearance between the rotor and stator was restricted at the 
outlet by means of a cylindrical shroud fitted to the stator. 
From pressure measurements for gap ratios of G = 0.06, 
0.12, 0.18 (G s s/roR, s being the axial clearance between the 
disk, of radius roR, and its stator) and shroud axial clearance 
ratios of Gca - 6.0033, 0.0067 (Gra = sca/r0sR, sca being the 
axial clearance between the disk and the shroud), they found 
that the minimum dimensionless flow rate required to prevent 
ingress, Cwmin, could be estimated by 

C,v,min=0.61GCBRe„ (1) 
where Cw = m/nroR and Re9 = pur\Rl \x, m being the 
coolant mass flow rate, and w the rotational speed of the disk. 

Owen and Phadke [2] studied the sealing behaviour of a 
similar rotor-stator system, incorporating an axial clearance 
between a shrouded stator and rotor (seal A, fig. 1), for 
clearance ratios in the range 0.0025 < Gca < 0.04 for a fixed 
gap ratio of G = 0.1. From detailed pressure measurements 
and flow visualization, they obtained the following 
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Fig. 1 Schematic diagram of rotor-stator seal configurations 

generalised correlation for Cw%min, the minimum dimen­
sionless mass flow rate to prevent ingress: 

CWimIn=0.14G„0-«ReB (2) 
Although the rotor-stator system incorporating an axial-

clearance shroud provides a simple model, in real gas turbines 
the seals can have quite complicated geometries, utilizing 
radial clearances between the stationary and rotating com­
ponents. In the present investigations, several different rotor-
stator seals with radial clearances between cylindrical shrouds 
on both the rotor and the stator are studied; the different seal 
configurations tested are shown in Fig. 1. 

These tests were conducted, as were the earlier tests, in the 
absence of an external axial flow, which occurs in an actual 
gas turbine. The object is to provide detailed information on 
which to base later tests using an external flow to simulate 
mainstream gas flow. The effects of external flow on these 
seal geometries will be discussed in subsequent papers. 

The experimental apparatus is described in section 2. 
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Pressure measurements and the determination of ingress are 
discussed in sections 3 and 4, respectively. 

2 Experimental Apparatus 

Figure 1 shows the different radial seal configurations 
tested. The various geometries were obtained by using dif­
ferent peripheral shrouds on both the rotor and the stator. 
The stator, with a nominal diameter (the actual diameter, for 
both the rotor and the stator, depended on the type of seal 
being used) of 378 mm, was made from perspex of 10 mm 
thickness and supported by four radial struts of aluminum 
12.7 mm wide and 19.05 mm deep. The peripheral shrouds, 
with different axial widths, were made from 2 mm thick 
perspex and were secured to the stator by a retaining ring. 
Annular spacers were used between the stator and the shroud 
to provide the required stator diameter for each con­
figuration. 

The stator was instrumented with static pressure taps (0.25 
mm dia) on four orthogonal radii. On the test radius, taps 
were located at radial positions of 65.5, 80.5, 95.5, 110.5, 
125.5, 140.5, 155.5, 175.5, 180.5, 185.5 mm. On the other 
three radii, which were used to test axisymmetry of the flow, 
taps were located at radial positions of 80.5, 110.5, 140.5, 
180.5 mm. For seals B and C, the stator shrouds were also 
instrumented with static taps at axial distances of 3.5, 7.5, 
11.5, 15.5 mm from the free edge of the shroud. The pressure 
measurements were made with a Mercury M10 elec­
tromanometer (resolution 0.05 mm W.G.) incorporating an 
auto-zero facility. 

Air, at flow rates up to Cw = 2x 104, was fed to the center 
of the stator via a pipe of 38 mm inside dia and length 1.2 m. 
The air was supplied from a Secomak centrifugal fan driven 
by a 1.5-kW motor and was metered, with an accuracy of 3 
percent, by an Annubar differential pressure flow meter. 

A "sandwich" construction was used for the rotor, with a 
perspex shroud being clamped between two tapered 
duralumin disks. The outside diameter of both disks was 360 
mm, and the required working diameter (nominally 378 mm) 
was achieved by addition of the appropriate shroud. Several 
different shrouds were used in order to obtain the required 
rotor-edge configurations. Each shroud was clamped between 
the outer edges of the disks by means of twelve equispaced 
bolts. The shrouds, which were 5 mm thick, were individually 
machined from a cast perspex cylinder. The estimated radial 
growth at the outer radius of the rotor was approximately 
0.05 mm at the maximum speed tested (4000 rev/min). 

Both the disks were of composite construction; each 

Nomenclature 

a,b = constants in theoretical model 
Cp = {p-pa)/\/2pV1 = pressure coefficient 

Cw = m/nr0ji = mass flow coefficient 
G=s/r0iR = gap ratio 

GCa=Sca/r0,R — axial clearance ratio 
Gcr=scr/r0tR = radial clearance ratio 

H=z0/rO:R - overlap ratio 
m = coolant mass flow rate 
p = static pressure 

p* = 103(p-pa)/Pa = dimensionless pressure drop 
p*in = ingress-predicting pressure 

r = radial distance from disc centre 
line 

R e „ = p u r ^ / / i = rotational Reynolds number 
5 = axial gap between rotor and 

stator 
sca = axial clearance between shrouded 

stator and rotor 
scr = radial clearance between stator 

duralumin disk was pressed onto a tapered central mild steel 
hub, and the hubs were bolted to a driving flange on the main 
drive-shaft. The rotating disk assembly could be driven at 
speeds up to 4000 rev/min (Ree = 106) by a 1.9 kW variable-
speed electric-motor, and the speed was measured by a 60-
pole disk and magnetic transducer in conjunction with an 
electronic timer-counter. The rotational speed, which could be 
measured to one rev/min, was steady to within 1 percent. 

Four different radial-clearance seals (seals B to E in Fig. 1) 
were investigated; they are described below: 

(i) Seal B consisted of a shrouded stator with a radial 
clearance, scr, between the shroud, of outer radius, r0>s, and 
the rotor, of outer radius, r0jR. For this shroud, the axial 
overlap, z0, was zero. 

(ii) Seal C was similar to seal B but the overlap ratio, H{H 
= za/rQA) was 0.032 (that is, z0 = 6 mm). 

(iii) Seal D consisted of a shrouded stator overlapping a 
shrouded rotor (roS > roR) with an overlap ratio of H = 
0.01. 

(iv) Seal E consisted of a shrouded rotor overlapping a 
shrouded stator (r0 R > roS) with an overlap ratio of H = 
0.01. 

For each of these shrouds, the radial clearance ratio was 
variable with Gcr = 0.0025, 0.005 and 0.01 (Gc, = scr/r„iR). 
At the smallest clearance ratio, the maximum reduction' in 
radial clearance, due to rotor growth, was estimated to be less 
than 10 percent of the nominal clearance. For all tests, the gap 
ratio was kept constant at G = 0.1. 

For flow visualization, the air was seeded with oil particles 
(approximately 1 /xm dia) from a Concept smoke-generator. 
The smoke was introduced either at the inlet of the fan (this 
will be referred to as "central seeding") or at the periphery of 
the seals (this will be referred to as "peripheral seeding") 
through a toroidal pipe with a series of holes at 9 deg angular 
intervals. A 4W Spectra-Physics 164 Argon-ion laser, 
operating in the all-line mode, was used to provide "slit 
illumination" in an r-z plane, through the central axis of the 
cavity. Further details, and photographs of flow 
visualization, can be found in reference [2]. 

3 Pressure Measurements 

3.1 Radial Presssure Distributions. Using the M10 
electromanometer, pressures on the test radius and on the 
orthogonal radii were measured for the four radial seals with 
G = 0.1, Gcr = 0.0025, 0.005 and 0.01. Pressure distribu­
tions at six values of rotational speed and four values of flow 

shroud and rotor or rotor 
shrouds 

V=rh/2irpr0sca = average velocity at outlet of 
rotor-stator cavity 

z = axial distance measured from 
stator face 

z0 = axial overlap between stator 
shroud and rotor or rotor 
shrouds 

H = fluid viscosity 
p = fluid density 
co = disc angular velocity 

Subscripts 
0 = outer radius 

R = rotor 
S = stator 
a = ambient conditions 

min = minimum value 
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Fig. 2 The effect of rotational Reynolds number on the radial 
distribution of pressure for Cw = 2950 for the five seals; G c a , Gc r 

= 0.01. 
Symbol 
Re„/106 

: o D v A x 
: 0.0 0.4 0.6 0.8 1.0 

(I) seal A; (ii) seal B; (iil) seal C; (iv) seal D; (v) seal E. 

Fig. 3 The effect of rotational Reynolds number on the radial 
distribution of pressure for C„ = 5940 for the five seals; G c a , Gcr 

= 0.01. 
Symbol : o • 7 A X 
Re<,/106 :0.0 0.4 0.6 0.8 1.0 

(i) seal A; (ii) seal B; (iii) seal C; (iv) seal D; (v) seal E. 

rate were obtained in each case. The measurements on the 
orthogonal radii confirmed that, for all seals tested, the flow 
was axisymmetric to within 2 percent under all conditions. 

In Fig. 2, the effect of rotational speed on the variation of 
dimensionless pressure difference, p* (where p* = 103(p — 
Pa)/Pa>Pa being the ambient pressure outside the cavity) with 
the radius ratio, r/r0R, is shown for the four radial seals with 
G„ = 0.01 and Cw' = 2950. The distribution for the axial 
clearance seal A with Gca = 0.01 (obtained in reference [2]) is 
also plotted for comparison. At this relatively low flow rate, 
there are only small differences between pressure levels for the 
five seals. It should be noted that, for all seals, the pressure 
level at any radius decreases with increasing rotational speed. 
However, for a given rotational speed, the pressure level at 
the edge of the cavity appears to be highest for seal C, 
suggesting it would be the most efficient seal. 

Figure 3 shows the equivalent pressure distributions for the 
higher flow rate of Cw = 5940. The trends seen in Fig. 2 are 
now clearly visible. For seal C, at the outer edge of the cavity, 
the effect of rotation on the pressure level is much weaker 
than for the axial seal. Seals B and D would also, on this 
evidence, be more effective than the axial seal A. Seal E is the 
only one of the four radial seals which does not show this 
reduced sensitivity to rotational speed near the outer radius of 
the cavity. 

The difference between the seals can be seen quite distinctly 
in Fig. 4, for Cw = 11,900. Whereas seals A and E show the 
expected monotonic decrease in pressure with increasing TLes, 
seals B, C and D show reversals of this trend, with the 
pressure actually increasing with rotational speed! For seal C, 
this "pressure-inversion" phenomenon can be seen for all 
values of r/roR. For seal D, the pressure first falls with in­
creasing speed, as expected, and then starts to increase as the 
rotational speed is increased further. For seal B, the inversion 
is strongest near the outer edge of the cavity. Comparing Figs. 
2, 3, and 4 shows the gradual trend towards the pressure-
inversion, for seals B, C, and D, with increasing coolant flow 
rate. It is also worth noting that this inversion is strongest 
where the degree of overlap of the radial-clearance seal is 
highest, and only occurs when the stationary shroud overlaps 
the rotor or a rotating shroud. Qualitatively similar 
distributions were also obtained for Gca, G„ = 0.005 and 
0.0025, although the pressure-inversion effect appeared to get 
weaker as the clearance ratio was decreased. 

3.2 The "Pressure-Inversion" Effect. In order to in­
vestigate the pressure-inversion phenomenon, the variation 
static pressure along the stator shroud was measured for seals 
B and C for values of G„ = 0.0025, 0.005 and 0.01. Figure 5 

Fig. 4 The effect of rotational Reynolds number on the radial 
distribution of pressure for C„ = 11,900 for the five seals; G c a , Gc r 

= 0.01. 
Symbol : o n v A X 
Re„/106 :0.0 0.4 0.6 0.8 1.0 

(i) seal A; (ii) seal B; (iii) seal C; (iv) seal D; (v) seal E. 
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Fig. 5 The effect of rotation on the axial variation in static pressure 
along the stator shroud for radial clearance seal; Gc r = 0.01. 
(i) seal B (H = 0); (ii) seal C (H = 0.032) 
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shows how, for Gcr = 0.01, the use of an overlapping seal 
(seal C) produces a strong pressure-inversion effect in the 
vicinity of the seal. The strength of this inversion clearly 
increases with coolant flow rate. For Cw = 2950, the in­
version only occurs for values of z/s > 0.7; for C„ = 5940, 
the inversion can be clearly seen for all values of z/s. For seal 
B, a weak inversion for z/s > 0.7 can only be seen for Cw = 
5940. 

At least one of three possible mechanisms was considered to 
be responsible for the inversion effect. 
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(i) Referring to Fig. 1, the coolant flow, which for the 
radial-clearance seals leaves axially, could interact with the 
free disk flow which is pumped radially outwards on the back 
face of the rotor. Additional tests were conducted with seals B 
and C in which the shrouds were extended axially, on the free 
disk side, to steer the free disk flow away from the seal. No 
significant difference in the results was observed using these 
wide shrouds. This, and the absence of the pressure inversion 
effect for seal E, led to the conclusion that the effect was not 
caused by free disk pumping. 

(ii) Even in the absence of an axial flow, the outer 
cylindrical surface of the rotor will develop a boundary layer 
when the disk is rotating. For the radial-clearance seals B, C, 
and D, the axial flow of coolant could interact with this 
rotating cylindrical boundary layer; for seals A and E, no 
such interaction is possible. 

(iii) Owing to the large centrifugal forces on the rotor 
surface, the coolant boundary layer can be turned through 90 
deg in Seals D and E with little or no separation from the 
inner surface of the rotor. However, referring to Fig. 1(D), as 
the flow is turned through a further 180 deg in seal D, the 
centrifugal forces will tend to increase the separation from the 
outer surface of the rotating shroud. This separation, which 
will occur in seals B, C, and D, but not in E, is likely to in­
crease the exit losses, and the pressure drop would be higher. 

It is probable that a combination of (ii) and (iii) above 
results in the observed pressure-inversion effect. How this 
effect influences the sealing characteristics is discussed in the 
next section. 

4 Determination of Ingress 

At low rotational speeds and low flow rates, where clear 
flow visualization was possible, the flow structure inside the 
cavity, when a radial-clearance seal was fitted, was similar to 
that observed in reference [2]. At high flow rates, where 
pressure-inversion could occur, flow visualization was not 
possible. Peripheral seeding was used to obtain estimates of 
Cwmin (the minimum dimensionless flow rate necessary to 
prevent ingress) for Gcr = 0.01, and values obtained in this 
way were in close agreement with those obtained by the 
pressure technique described below. 

In reference [2] a simple theoretical model developed for 
the axial-clearance seal gave 

Cp=a-6(G0 ,Re s /Cw)2 (3) 
where Cp = (p—p^/VipV1 (V being the average radial 
velocity at the seal outlet) and a and b are constants. It was 
argued that ingress occurs when Cp < 0; and the value of 
Clvmin based on Cp = 0, was determined from linear 
regression of equation (3) for different values of Gca. 
Although the tests showed that Clvmin oc Re9, the Gca 
variation was found to be nonlinear. 

For some of the radial-clearance seal tests discussed below, 
there was some evidence of nonlinear Ree behaviour at the 
higher rotational speeds. Instead of correlating the results 
according to equation (4a), it was decided to estimate Cwmin 
from individual cross-plots of p*in versus Reg. For these tests, 
p*in was the dimensionless pressure measured at r/roR = 
0.975 for shrouds A, B, C and D, and at r/r0iR = 0.955 for 
shroud E. 

Figure 6 shows the cross-plots of p*in versus Re„, for 
several values of C„, for the five seals with Gca = Gcr = 0.01. 
The pressure-inversion effect can be clearly seen for shrouds 
B, C and D, which require higher values of Ree, compared 
with seals A and E, before p*m becomes negative. Seal C, 
which has the greatest overlap, appears to be the most ef­
fective if p*in = 0 is used as the criterion to determine Cw?min. 

Figure 7 shows the variation of C,vmin, based on both the 
flow visualization and the pressure criteria, for the five seals 

Fig. 6 The effect of Cw on the variation of p* /„ with Re„ for the five 
seals; G c a , G c f = 0.01. 
(i) seal A; (ii) seal B; (ill) seal C; (iv) seal D (v) seal E. 

Symbol : o o v A 
Cw : 1490 2950 5940 11,900 

Fig. 7 The variation of Cw> m i n with Res based on flow visualization 
and the pressure criterion for the five seals; G c a , G c r = 0.01. 

Seal type :A B C D E 
Flow visualization : o D V A O 
Pressure measurement : • a v A • 

with Gca = Gcr = 0.01. It can be seen that the estimates of 
Cw.min based on the cross-plot pressure criterion are in good 
agreement with the values determined from flow 
visualization. Assuming a linear variation of Cw min with Ree, 
the pressure data were correlated using least-squares linear 
regressions; these correlations are also shown in Fig. 7, and 
the values are given in Table 4.1. It should be pointed out that 
the correlation for the axial-clearance seal, seal A, based on 
the cross-plot criterion was intermediate between the two 
pressure correlations, and close to the flow visualization 
correlation, given in reference [2]. 

From Fig. 7, it can be seen that seal C is, indeed, the most 
effective seal. There is also some indication from the results 
for seals C and D that, at the higher values of Reg, the 
estimated values of Cw>min are smaller than the linear CWimin 
versus Reg relationship would suggest. This observation is 
consistent with the fact that the pressure-inversion effect 
increases with increasing C„ and the correlations for the 
overlapping radial-clearance seals C and D are probably 
conservative at high values of Ree. 

Figure 8 shows the variation of CwMn, based on the cross 
plot pressure criterion, for the five seals with Gca = Gcr = 
0.005. Although the order-of-merit is the same as that for G„ 
= 0.01, with seal C being the "best" and seal A being the 
"worst", the differences are much smaller. The effect of 
clearance ratio is greater for the axial-clearance seal than it is 
for the radial-clearance seals. 

For Gca = Gcr = 0.0025, Fig. 9 shows that, based on the 
pressure criterion, seal C is still the most effective, but seal A 
now shows a slightly superior performance to the other radial-
clearance seals, which all exhibit a similar behaviour. Flow 
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visualization was not practicable at this clearance ratio, or at 
Gcr = 0.005, and the pressure correlations for all clearance 
ratios are presented in Table 4.1 

5 Conclusions 

Flow visualization and pressure measurements have been 
used to study the performance of four radial-clearance seals in 
a rotor-stator rig with a gap ratio of G = 0.1, seal clearance 
ratios of Gcr = 0.0025, 0.005 and 0.01, overlap ratios up to H 
= 0.032, and rotational Reynolds numbers up to Re9 = 106. 
For the radial-clearance seals where the stationary shroud 
overlaps the rotor, a pressure-inversion effect was observed 
where the pressure inside the cavity, between the rotor and 
stator, increases, rather than decreases, with increasing 
rotational speed. The inversion effect occurs at high flow 
rates and increases in strength with increasing shroud overlap. 

For G„ = 0.01, the estimation in ingress using flow 
visualization was in good agreement with that estimated from 
a cross-plot pressure criterion. For this clearance ratio, and 
for Gcr = 0.005, the four radial-clearance seals required less 
coolant to prevent ingress than that required for an axial-
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Fig. 8 The variation of CWi mln with Re„ based on the pressure 
criterion for the five seals; Gc a ' ,Gc r = 0.005. 
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Fig. 9 The variation of Cw m i n with Res based on the pressure 
criterion for the five seals; Gc a ' ,Gc f = 0.0025. 
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Table 1 Comparison of C„,,mi„ /Re0 for the five seals 

(-* cn^-* ca 

Seal A 
SealB 
SealC 
SealD 
SealE 
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0.0025 

0.0023 
0.0028 
0.0017 
0.0026 
0.0027 

v.mirr ^ -^ B 

0.005 

0.0041 
0.0033 
0.0026 
0.0028 
0.0035 

0.01 

0.0076 
0.0052 
0.0030 
0.0040 
0.0059 
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clearance seal, and the amount of coolant required decreased 
with increasing overlap ratio. The effect of reducing the 
clearance ratio was less marked on the radial-clearance seals 
than it was on the axial-clearance seal, and at Gcr = 0.0025 
the latter showed slight superiority over three of the four 
radial-clearance seals. The radial-clearance seal with the 
greatest overlap was superior for all clearance ratios tested. 

Acknowledgments 

The authors would like to thank GEC Gas Turbines 
Limited and Ruston Gas Turbines Limited, U.K., and Sulzer 
Brothers, Switzerland, for sponsoring the work described in 
this paper. 

References 

1 Bayley, F. J., and Owen, J. M., "The Fluid Dynamics of a Shrouded 
Disk System With a Radial Outflow of Coolant," ASME JOURNAL OF 
ENGINEERING FOR POWER, Vol. 92, 1970, p. 335. 

2 Owen, J. M., and Phadke, U. P., "An Investigation of Ingress for a 
Simple Shrouded Rotating Disk System with a Radial Outflow of Coolant," 
Paper No. 80-GT-49, 25th ASME Gas Turbine Conference, New Orleans, 1980. 

D I S C U S S I O N 

D.A.Campbell1 

In discussing the pressure inversion effect observed with 
seal C, the authors conclude that it was not caused by pumped 
flow on the free side of the disk. Before accepting this, we 
should perhaps examine other relevant data to see if we 
should, in fact, expect a significant effect from this cause. 

The static pressure drop across the seal gap can be obtained 
from the author's Fig. 5, using the pressure measurement 
nearest the disk. From this and the flow rate a discharge 
coefficient, CD, can be calculated. 

Some error is possible from the assumption that the 
pressure is measured in the plane of the disk, i.e. at the seal 
entrance; in fact, the measurement plane is slightly upstream 
of the entrance and the discharge coefficient will therefore be 
underestimated in the static case. A discharge coefficient from 
[3] has therefore been assumed for the seal with no pumping 
effect. The Reynolds number for axial flow is very low but it 
is assumed that the Reynolds number for tangential flow of 
about 10,000 will give turbulent conditions when rotating. 

To separate the inlet and exit pressure losses, the exit 
discharge coefficient without pumping effect is assumed to be 
about 0.95, and taking the overall discharge coefficient of 
0.66, an entry loss coefficient can then be calculated. 

The radial velocity, Vr max, on the free disk is about 0.1 wR 
[4] and is used to calculate the exit flow velocity ratio, 
V/Vr,max- Reference [5] gives data for air outlets to a fast 
moving stream. Figure 9 (for a Mach number of 0.7) of [5] on 
the following page shows the effect as a function of m/pVA 
(which is equivalent to V/Vrimm), where Kis the continuity-
derived velocity through the seal. The exit discharge coef­
ficients can be read from this graph for the two flow levels. At 
the lower flow level there is a marked drop in discharge 
coefficient. 

In conjunction with the overall discharge coefficient these 
exit coefficients can be used to calculate an entry loss coef­
ficient for the rotating case. This shows a large increase at 
both flow levels. 

At the lower flow levels associated with the possibility of 
ingress, the effect of the free disk flow is thus probably quite 
important. This emphasizes the need to design all test rig 
features with careful reference to actual or proposed turbine 

Section Leader, Internal Air Systems, Rolls-Royce Ltd., Derby, U.K. 

Transactions of the ASM E 

Downloaded 01 Jun 2010 to 171.66.16.68. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



visualization was not practicable at this clearance ratio, or at 
Gcr = 0.005, and the pressure correlations for all clearance 
ratios are presented in Table 4.1 

5 Conclusions 

Flow visualization and pressure measurements have been 
used to study the performance of four radial-clearance seals in 
a rotor-stator rig with a gap ratio of G = 0.1, seal clearance 
ratios of Gcr = 0.0025, 0.005 and 0.01, overlap ratios up to H 
= 0.032, and rotational Reynolds numbers up to Re9 = 106. 
For the radial-clearance seals where the stationary shroud 
overlaps the rotor, a pressure-inversion effect was observed 
where the pressure inside the cavity, between the rotor and 
stator, increases, rather than decreases, with increasing 
rotational speed. The inversion effect occurs at high flow 
rates and increases in strength with increasing shroud overlap. 

For G„ = 0.01, the estimation in ingress using flow 
visualization was in good agreement with that estimated from 
a cross-plot pressure criterion. For this clearance ratio, and 
for Gcr = 0.005, the four radial-clearance seals required less 
coolant to prevent ingress than that required for an axial-
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Table 1 Comparison of C„,,mi„ /Re0 for the five seals 
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clearance seal, and the amount of coolant required decreased 
with increasing overlap ratio. The effect of reducing the 
clearance ratio was less marked on the radial-clearance seals 
than it was on the axial-clearance seal, and at Gcr = 0.0025 
the latter showed slight superiority over three of the four 
radial-clearance seals. The radial-clearance seal with the 
greatest overlap was superior for all clearance ratios tested. 
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In discussing the pressure inversion effect observed with 
seal C, the authors conclude that it was not caused by pumped 
flow on the free side of the disk. Before accepting this, we 
should perhaps examine other relevant data to see if we 
should, in fact, expect a significant effect from this cause. 

The static pressure drop across the seal gap can be obtained 
from the author's Fig. 5, using the pressure measurement 
nearest the disk. From this and the flow rate a discharge 
coefficient, CD, can be calculated. 

Some error is possible from the assumption that the 
pressure is measured in the plane of the disk, i.e. at the seal 
entrance; in fact, the measurement plane is slightly upstream 
of the entrance and the discharge coefficient will therefore be 
underestimated in the static case. A discharge coefficient from 
[3] has therefore been assumed for the seal with no pumping 
effect. The Reynolds number for axial flow is very low but it 
is assumed that the Reynolds number for tangential flow of 
about 10,000 will give turbulent conditions when rotating. 

To separate the inlet and exit pressure losses, the exit 
discharge coefficient without pumping effect is assumed to be 
about 0.95, and taking the overall discharge coefficient of 
0.66, an entry loss coefficient can then be calculated. 

The radial velocity, Vr max, on the free disk is about 0.1 wR 
[4] and is used to calculate the exit flow velocity ratio, 
V/Vr,max- Reference [5] gives data for air outlets to a fast 
moving stream. Figure 9 (for a Mach number of 0.7) of [5] on 
the following page shows the effect as a function of m/pVA 
(which is equivalent to V/Vrimm), where Kis the continuity-
derived velocity through the seal. The exit discharge coef­
ficients can be read from this graph for the two flow levels. At 
the lower flow level there is a marked drop in discharge 
coefficient. 

In conjunction with the overall discharge coefficient these 
exit coefficients can be used to calculate an entry loss coef­
ficient for the rotating case. This shows a large increase at 
both flow levels. 

At the lower flow levels associated with the possibility of 
ingress, the effect of the free disk flow is thus probably quite 
important. This emphasizes the need to design all test rig 
features with careful reference to actual or proposed turbine 
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seal designs. The authors are to be congratulated on the 
progress made in this direction by this work, but further work 
is needed to cover some important features. 

Table 2 Seal type C "pressure inversion" effect: Gcr = 0.01 

Re, 

c 
Cw.mm (flow visualisation) 

p V 1 0 J 

:.cD 

Re in clearance, axial flow 

cDm 

2950 

0.12 

0.61 

940 

0 

0.66 

5940 

0.43 

0.64 

1980 

Expected exit, CD, without pumped flow effect 

Equivalent exit loss coefficient 

.'. Entry and friction loss coefficient 

VI Vr<max for exit flow 

Exit CD [5] 

Equivalent exit loss coefficient 

.'. Entry and friction loss coefficient 

106 

2950 5940 

= 2200 

0.28 0.66 

0.45 0.55 

940 1980 

0.95 

1.11 

1.19 

0.44 0.89 

0.68 0.92 

2.16 1.18 

2.78 2.12 
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Authors' Closure 

We should like to thank Mr. Campbell for his discussion; in 
the light of this, we have conducted a similar one-dimensional 
analysis for seal C over the entire range of clearance ratios, 
coolant flow rates, and rotational speeds for which ex­
perimental data are available. It should be emphasized that 
one-dimensional analyses are fraught with problems: 
discharge coefficients are calculated using Bernoulli's 
equation, but in this problem the rotor introduces an in­
determinate work term; the choice of the upstream reference 
plane affects the results; the influence of the tangential 
velocity is indeterminate. 

Making similar assumptions to those of Mr. Campbell, and 
using the data of Dewey and Vick [5], it is possible to show 
that crossflow (from the "free-disk pumping" on the back 
face of the rotor) can affect the exit loss from the seal. 
However, although the crossflow exit loss increases with 
increasing Re4, so does the total loss (which was calculated for 
seal C using the one-dimensional model); the ratio of 
crossflow exit loss to total loss actually decreases with in­
creasing Ree. At Re9 = 106, the estimated ratio of this exit to 
total loss was less than 0.3 for virtually all the data. 

In the preceding calculation, the authors (like Mr. Camp­
bell) assumed that the crossflow velocity, created by the free 
disk pumping, was equal to the maximum radial velocity in 
the free disk boundary layer. Even so, the above results 
suggest that the increase in total loss with increasing Re, (the 
so-called pressure inversion effect) cannot be caused solely, or 
mainly, by free disk pumping. In fact, if the crossflow 
velocity is assumed equal to the average radial velocity in the 
free disk boundary layer, then the effect of crossflow on exit 
loss is, according to the data of Dewey and Vick, even 
smaller. 

As stated in section 3 of this paper, the authors found that 
the pressure inversion effect also occurred in seal D, in which 
the crossflow from the free disk face was displaced from the 
seal outlet. Additional tests were also conducted for those 
radial-clearance seals in which the rotating shrouds were 
extended axially (for a distance of 15.1 mm) on the free disk 
side "to steer the free disk flow away from the seal"; a strong 
pressure inversion effect was still observed. For all these 
reasons, the authors conclude that this effect was not caused 
by free disk pumping. 
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Unbalance Response Analysis of a 
Complete Turbomachine 
A new method is derived to calculate unbalance response of a complete tur­
bomachine, including mount asymmetry, disk flexibility, and fluid-film bearing 
anisotropy by utilizing conventionally obtained stiffness coefficients for the rotor 
andstator. Formulation through the coordinates whirl and whip is in real variables 
with only eight equations per bearing. Whereas thestator is usually ignored, sample 
analysis illustrates possible strong influence of casing flexibility. Coordinate 
transformations to enhance visualization and verification of the solution are shown. 

Introduction 

Current analytical methods for turbomachine dynamics 
analysis offer the gas turbine designer either a complicated 
solution of the rotor mounted on pedestals - the science of 
rotor dynamics analysis has become very sophisticated - or an 
oversimplified solution of the complete system. It will be 
shown analytically, and is evident from the occurence of 
vibration problems in gas turbines, that neither choice is 
adequate. Therefore, derivation of a suitable method for 
system analysis is presented. 

The method outlined for application to aircraft engines in 
references [1] and [2] is extended to account for anisotropic 
response of journal bearings. The principal feature of this 
method is the use of unconventional coordinates, called whirl 
and whip, to account for gyroscopic effects, even with flexible 
disks, in a set of stiffness, or influence, coefficients which 
represent the response of the rotor to deflections at the 
bearings. The final equations of motion are expressed in terms 
of the necessary eight components of deflection at each 
bearing. The conventional Cartesian coordinates would in­
volve gyroscopic cross-coupling which precludes these 
deflections from being treated as independent variables in 
such equations. Therefore, the whirl and whip coordinates 
allow the response of structures to be determined in­
dependently by whatever means are available, including the 
possible use of test data. 

The present paper organizes such structural and the 
corresponding bearing film coefficients into the final 
equations of motion and completes the solution. Because the 
coordinates used are nonorthogonal, repeatability of the 
solution with the reference frames rotated 90 deg 
automatically verifies most of the analysis. With the solution 
transformed to different coordinates, complete verification 
can be obtained independently. 

Therefore, this new method would allow the design 
engineer to integrate his structural analysis or test data into 
calculation of the overall machine dynamics. The advent of 
finite element analysis broadens his ability to obtain the 
necessary stiffness coefficients for very complex structures. 

Contributed by the Gas Turbine Division for publication in the Journal of 
Engineering for Power. Manuscript received by the Gas Turbine Division May 
13,1982. 

Reliance on specialized rotor dynamics computer programs 
which often cannot accurately simulate even the rotor alone 
could be eliminated. Recognition of limitations in simulating 
the construction of a rotor in current rotor dynamics analyses 
is found in the technical literature. Darlow et al. [3] and 
Bannister [4] describe methods to obviate some of these 
limitations. 

Whereas similar analyses in the technical literature usually 
employ functions of complex variables in sophisticated 
mathematical processes, the present analysis is performed in 
simple steps which can be visualized by the engineer. Also, 
illustrations of sophisticated theory in the literature usually 
omit features often influential in dynamic behavior of tur-
bomachines. For example, Li and Gunter [5] omit gyroscopic 
effects and the effects of mount asymmetry. 

The possible strong influence of disk flexibility, which is 
accounted for in the present method, has been demonstrated 
by Hagiwara et al. [6]. They analyzed and tested a rotor with 
an impeller which would usually be considered rigid, because 
even before correction for rotational stiffening it had a 
resonant frequency 14 percent above the frequency of ex­
citation at the calculated critical speed. Nevertheless, they 
demonstrated reduction of 20 percent in the critical speed and 
significant impeller vibratory stress. 

Theory 

Whirl and Whip Coordinates. This analysis is an ex­
tension of that described in references [1] and [2] for systems 
with squeeze-film dampers. The key feature is the use of 
unconventional coordinates to avoid cross-coupling of 
gyroscopic moments in two planes. A pair of coordinate 
dimensions, called whirl and whip, are the magnitudes 
associated with the corresponding pair of reference vectors. 
Whirl is associated with a unit vector contained in a rotating 
plane with fixed reference to unbalance. Whip is associated 
with an oscillating vector which is the projection of the whirl 
vector into a stationary reference plane. These vectors 
coincide at 180 deg intervals when the rotating plane passes 
the stationary whip reference plane. A second pair of whirl 
and whip coordinates defined by the pair of vectors in a whirl 
plane 90 deg ahead of the unbalance reference plane and in the 
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same whip plane accommodate asymmetric and non-
conservative response of fluid-film bearings. The two pair of 
coordinates will be called primary and secondary, respec­
tively. 

Stiffness Coefficients and Unbalance Forces. It is 
necessary first to obtain dynamic stiffness coefficients for the 
rotor and stator at each bearing. Since each of these coef­
ficients is derived from forced response in one plane of an 
axisymmetric structure, methods for obtaining them are 
available. Those for the stator, in particular, might best be 
obtained experimentally if a suitable model should exist. The 
increasing use of finite element analysis should find suitable 
application in determining stiffnesses of complex com­
ponents. Such stiffnesses could be integrated into an overall 
analysis using simpler simulation as in the Prohl method. 
Therefore, the necessary coefficients will be defined without 
recommendations for their calculation. 

Subscripts designate a bearing force as one of a set which 
must be applied at each bearing of a rotor or the stator to 
constrain the deflections at all bearings to zero except to 
impress one component at one bearing to a value of 1. 
Therefore, a subscripted force is equivalent to a particular 
stiffness coefficient. The first pair of subscripts designate, in 
order, the reference coordinates of the force and the im­
pressed deflection. The second pair designate, in order, the 
bearing at which the force applies and the bearing at which a 
deflection of 1 is impressed. 

Stiffness coefficients representing response of the stator 
which is assumed axisymmetric and mounted elastically on a 
stationary foundation through structures of different stiffness 
in the horizontal and vertical planes are defined as follows: 

FfriJ designates whirl forces associated with whirl deflec­
tion. The whirl mount stiffnesses are those normal to the 
plane designated whip. The calculation to impress deflection 
at a bearing yields at each mount a whip force, if translational 
stiffnesses are not equal in the two planes, and moment, if 
rotational stiffnesses are not equal, which must be assumed to 
constrain the response to the whirl coordinate. 

Ffjy designates whip forces associated with whip deflection. 
The mount stiffnesses in the whip plane are used and response 
is contained in the whip coordinate. 

Fsrij designates whip forces associated with whirl deflection. 
Whip deflections are constrained to zero at all bearings and 
the mount stiffnesses in the whip plane are used. These 
bearing forces produce the whip forces and moments 
necessary to satisfy the conditions assumed in calculation of 
Fs

rrij. Therefore, the opposites of those forces and moments 
are applied externally at each mount. The force applied at 
each mount is yr(Ch — C„) and the moment is yr' (Dh —Dv). 
Positive direction for force or moment is such as to resist the 
corresponding deflection or slope. 

Response of a rotor is similarly represented by forces at 
each bearing as follows: 

FfsU designates the whip forces associated with whip 
deflection. With the assumption of significant gyroscopic 
effects only due to thin disks, the effective gyroscopic 
moment at a disk is -ys'c~ (2Qw + Q2)ID/g with the usual 
sign convention where positive gyroscopic moment acts to 
resist angular displacement of the disk. The calculation to 
impress deflection at a bearing yields a set of whirl moments 
which must be assumed acting at each disk to constrain the 
response to the whip coordinate. 

Ffrij designates the whirl forces due to whirl deflection. The 
gyroscopic moment at each disk is yr' c

+ (2Qco — Q2)ID/g. All 
forces and moments are contained in the whirl coordinates. 

Ffsij designates whirl forces due to whip deflection. Whirl 
deflections are constrained to zero at all bearings and the 
whirl gyroscopic moments are accounted for at each disk. 
These bearing forces produce the whirl moments necessary to 
satisfy the condition assumed in calculation of FfsiJ. 
Therefore, the opposite of these moments are applied ex­
ternally to each disk. This moment at each disk is 

y's[c~ (2Qoi + Q2) + c+ (2Qco-Q2)}ID/2g 

Unbalance loading is represented by a set of forces at the 
bearings of the rotor driving the vibration: 

Fui designates the forces due to unbalance in the primary 
whirl reference plane. Calculation of these forces is identical 
to that of F*sij, except that the external loading is due to 
unbalance. Moments due to disk skew can readily be included 
in the loading. Components of unbalance which do not 
project into one plane are accommodated in the secondary 
whirl reference plane. 

Nomenclature 

B = bearing damping coefficient, 
lb s/in (N s/m) 

B = bearing damping coefficient 
relative to rotated axes, lb s/in 
(N s/m) 

C = translational stiffness at 
mount lb/in (N/m) 

: + = magnification factor for 
forward whirl, dimensionless 

:~ = magnification factor for 
backward whirl, dimensionless 
rotational stiffness at mount, 
lb in/rad (Nm/rad) 
force at bearing, lb (N) 
force at bearing relative to 
rotated axes, lb(N) 
acceleration due to gravity, 
in/s2 (m/s2) 
diametral moment of inertia of 
disk, lb in2 (N m2) 
bearing spring coefficient, 
lb/in (N/m) 

K = bearing spring coefficient 

D = 

F = 
F = 

In = 

K = 

t 
U 
W 
x 
y 

y = 

M = 

relative to rotated axes, lb/in 
(N/m) 
time, s 
unbalance, lb in (N m) 
work in one cycle, lb in (N m) 
deflection along x-axis, in (m) 
deflection along .y-axis or in 
plane of reference, in (m) 
slope in plane of reference, 
dimensionless 
deflection in plane of reference 
relative to rotated axes, in (m) 
orientation angle of ellipse 
axes, rad 
time increment, defined by 
equation (4), s 
phase angle, rad 
angular velocity of whirl, 
rad/s 
angular velocity of spin, rad/s 
angle relative to reference 
plane, rad 

Subscripts 
a = along ellipse axis rotated 

through a from x-axis 
b = along ellipse axis rotated 

through a from .y-axis 
ij = dummy indices 
h = horizontal 
r = whirl 
.? = whip 
u = due to unbalance 
v = vertical 
x = along x axis 
y = along y axis 

Superscripts 

F 
R 
S 

+ = 

bearing fluid film 
rotor 
stator 
in coordinates 90 deg ahead of 
primary reference 
forward whirl 
backward whirl 
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Bearing Stiffness and Damping Coefficients. The 
hydrodynamic forces of a bearing fluid film are con­
ventionally represented as four spring coefficients, Ky, and 
four damping coefficients, By, where the subscripts refer to 
the two Cartesian coordinates, usually the Ar-coordinates 
along the horizontal axis and the j'-coordinate along the 
vertical axis. When these coordinates are defined by 
oscillating unit vectors which are projections into each plane 
of the primary and secondary whirl vectors, the force due to 
deflection of the shaft relative to the bearing housing is ex­
pressed by the equations 

Fx =Kxxx + Kxyy* - Wxxx* + UBxyy 

Fy=- Kyxx* + Kyyy + UByxx - QByyy* 

Fx*=Kxxx* -Kxyy + QBxxx+QBxyy* 

Fy * = Kyxx+Kyyy* - UByxx* + Byyy (1) 

where components transmitted by the film to resist shaft 
deflection by reaction against the housing are positive. Also, 
rotation of the reference vectors is in the positive direction as 
defined by conventional polar coordinates. 

To apply to the present analysis these coefficients are 
transformed to whip and whirl coordinates by the equations 

Krr 

Kss 

Krs 

Ksr 

Brr 

Bss 

Brs 

Bsr 

-Kyy-QByx 

=Kxx + UByx 

= -QByx 

=KXX —Kyy + U(Byx+B 

=Kyx + Q,Byy 

— ~Kyx + QBxx 

=Kyx 

= ~Kxy ~Kyx + U(BXX -

xy ) 

Byy 

where the whip plane is through the x-axis. If the whip plane is 
through the .y-axis, the subscripts x and y should be in­
terchanged, and the sign of each coefficient with a subscript 
of both x and y should be reversed. It should be noted that the 
new damping coefficients, which relate to forces 90 deg ahead 
of the associated displacements, are based on displacements 
rather than velocities as for the conventional coordinates. 
These coefficients are multiplied by the corresponding 
components of the relative deflection to produce components 
of force. This multiplication is applied in equations (3) below. 

Final Equations of Motion. With the complete system 
simulated by the stiffness coefficients and the fluid-film 
coefficients, the unbalance forces are satisfied by a set of 
equilibrium equations at the bearings. Four components of 
force must be simultaneously satisfied by eight independent 
components of deflection at each bearing. Therefore, each 
component of force yields two equations; one equates the 
rotor and stator forces, and the other equates the rotor and 
fluid-film forces. The number of equations is eight times the 
number of bearings; they are: 

FR.V
R. + FR-VR-FS-VS- = - F • 

**ssijssj r' srij)1rj **ssyysj — U 

F%,y?j +F?sUy?j - dy {Krrj (yfj -ys
rj) 

+Krsj(y§j-ys
sj)-Brrj(y?; -yf') 

-Brsj(y§* -yl*)) = -Ful 

FRvR-b\K (vR -Vs) +K (vR-vs) 

-BsrJ(y
R* -yf*) -Bssj(yf -y**)} = 0 

FR*.VR;+FR*.VR* _ps*.vs* = _p*. 
r rnj y rj ^ r rsij " sj 1 my rj J m 
FR*.VR* _pS*.vS* _pS*.vS* = Q rsstjJsj 1 snjJrj L ssi)Jsj " 

F^yf* +F^y§* -dy{Krrj(y%' -yf*) 
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+ Krsj (y
Rj * - yl*) + Brrj (yfj-yfj) 

+ Brsj(y
R-ylj)} = -F*ui 

F&yf-SylK^iyf -yf;)+Kssj(yf -y**) 

+ Bsrj(y?j-ys
rj) + BSSJ(yfj-y%•)} = 0 (3) 

where the conventional summation of expressions with 
repeated index applies, and dy is the Kronecker delta which 
takes a value of 1 if i=j and 0 if i^j. These are the final 
equations of motion which yield the response of the system. 
Any desired resultant such as force, moment, slope, or 
deflection is obtained in the two pair of whirl and whip 
coordinates by back-substitution into the analyses of the 
stiffness coefficients and the unbalance forces. 

Transformation of Solution to Orbits. The four com­
ponents of any resultant may be transformed into elliptical 
coordinates which are represented as the dimensions of an 
ellipse and a phase angle. If the resultant transformed is 
deflection, the ellipse represents the orbit. The following 
derivation of this transformation will, for simplicity, relate to 
orbits. However, it should be recognized that the same 
transformation can be used for other desired quantities as, for 
example, the effective gyroscopic moment of a disk. 

Deflection is obtained as the four components yr, ys, y*, 
y*. If a new whirl reference plane is selected at the angle 
t an - 1 (y*/ys) ahead of the primary whirl reference plane, the 
transformed coordinates are yr, ys and y*, y* with y* =0. 
An expression for the distance from the center to the deflected 
position represented by the transformed coordinates is written 
as a function of QAt, the angle of rotation of the new primary 
whirl plane from the whip plane in the time increment At. An 
angle where the derivative of this expression is zero represents 
an axis of the ellipse. Algebraic simplification of the 
derivative set to zero yields the equation 

(sinfiA?cosQA0/(cos2nAi'-sin2QA0= -yf/(2yr+ys) (4) 

The deflected positions calculated for whirl angles of QAt, 
the first solution of equation (4) where \QAt\ is at the 
minimum and QAZ + TT/2, the second solution, define the 
components of deflection, ya and yb, respectively, along the 
axes of the ellipse as illustrated in Fig. 1. The orientation 
angle of the ellipse axes is designated a. The component, ya, is 
on the axis displaced by a from the whip plane. The phase 
angle as illustrated is 

<j> = QAt-tan"1 (y*/ys) -a (5) 

Fig. 1 Nomenclature of orbit dimensions 
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and represents the location of the original whirl primary 
reference plane at the instant of the deflected position defined 
by the dimension ya. Therefore, the phase angle is the lag 
angle in relation to the unbalance reference plane of the 
deflection on an axis of the ellipse and on the side designated 
by the sign of the appropriate component ya or yb. 

If the signs of the two components are the same, the motion 
in the orbit is forward; if the signs are opposite, the motion is 
backward. The results do not automatically fall in a consistent 
pattern of quadrants which would enhance visualization. 
Therefore, if it should be desired to limit the range of phase 
angle to 180 deg, a simple transformation may be performed 
by adding or subtracting 180 deg from any value calculated to 
be outside the range. At the same time, the signs of ya andyb 

should be reversed to preserve the location on each axis 
referenced by the phase angle. Also, if 90 deg should be added 
or subtracted from the orientation angle to attain consistency, 
the values of ya and_y6 should be interchanged. The resulting 
components will be described as vertical and horizontal where 
the corresponding ellipse axis deviates by the orientation angle 
from vertical and horizontal, respectively. 

Verification of Analysis. Since the whirl and whip 
coordinates are nonorthogonal, the analysis presents an 
automatic verification of the solution assuming given coef­
ficients for the structures and the bearings and given un­
balance forces. Rotation of the reference axes 90 deg to repeat 
a solution is verification of the bearing coordinate trans­
formations, the formulation and solution of the final 
equations, the back-substitution and the transformation to 
elliptical coordinates. 

A second simple analysis, which includes verification of 
unbalance forces, will be derived. It consists of calculating the 
work done by the unbalance forces on the system and the 
work absorbed by the bearings in one cycle, which must be 
equal. 

It is convenient to introduce additional new coordinates to 
perform the verification calculations. These coordinates also 
are unconventional and will be called' forward and backward 
whirl. They are defined by two outwardly directed unit 
vectors; the forward whirl vector is identical to the whirl 
vector, and the backward whirl vector is also identical, except 
its direction or rotation is reversed. These two rotating vectors 
are phased to coincide in the whip plane. Transformation 
from the whirl and whip coordinates is shown using deflection 
as example by equations 

r =yr + (ys/2) 

y- =ys/2 (6) 

These coordinates will be found very useful because they 
are orthogonal, eliminate coupling at disks, and are easily 
visualized. Transformation to Cartesian coordinates is also 
useful and is illustrated for the whip plane selected through 
the x-axis by these equations 

x=yr+ys 

y=y, (7) 

Calculation of the work done by unbalance loading is very 
simple when the new orthogonal coordinates are used. For 
example, if a particular unbalance, U, is applied at an angle, 
0, in the direction of rotation from the primary whirl 
reference plane, the work done per cycle is 

Wu=2irUy+sm(,<t> + 6)Q2/g (8) 

where positive unbalance is due to eccentricity of a weight in 
the positive direction. For couple unbalance due to disk skew, 
positive due to positive initial shaft slope, the forward 
component of slope is substituted for deflection and the sign 
is reversed. 

Coordinate transformation can make calculation of the 
work absorbed by a bearing relatively simple. The orbit of the 
shaft relative to the housing is obtained as the difference in 
deflections 

yF =zyR —yS (9) 
resulting in the four components 

y r >ys *yr *ys 
which are then transformed to the elliptical coordinates to 
obtain the components 

yH,yb,<xF,<l>F 

The bearing coefficients are then transformed to a new 
reference frame which coincides with the axes of the ellipse by 
the equations 

Kxx = Kxxcos2 a+Kyysin2 a + (Kxy + Kyx) cosasina 

Kyy =Kyycos2a + Kxxsm2a— (Kxy +A^)cosasina 

Kxy =Kxycos2a. — Kyxsm2ct+ (Kyy — A"XA.)cosasina 

Kyx =Kyxcos2a —Kxysm2u+ {Kyy — A^cosas ina 

Bxx=Bxxcos2a + Bvysm2a+ (Bxv + Bvx)cosasina 
(10) 

J XX ^ XX 

D D 
yy yy 

xy yx > 

xy ' **yxi Byy=Byycos2a+Bxxsin2a — (5xy+5>,;s.)cosasinQ: 

Bxy =Bxycos2a — Byxsin2a+ (Byy —Bxx)cos<xsma 

Byx = Byxcos2 a—Bxy sin2 a + (Byy — Bxx) cosasina 

with the superscript on a omitted. These transformed coef­
ficients are in turn transformed by equations (2) to obtain the 
damping coefficients 

The corresponding deflection components referenced to the 
ellipse axes are obtained by transforming yF

a and yF to yF and 
yF by equations (7); 

yF and j f are zero. 

The damping coefficients are multiplied by the appropriate 
components of deflection across the film to yield the damping 
forces associated with orbit across the film: 

Ff =Brry
F + Brsyf 

ff =Bsry
F+Bssy

F 

With these force and deflection components transformed to 
forward and backward whirl coordinates by equations (6) the 
work done by the shaft on the film in one cycle is 

WF = 2ir(FF*+yF++FF*-yF~). (12) 

The forward and backward whirl coordinates can also provide 
simple analysis to verify rotor response. It is necessary to 
transform the solution which is first obtained in two pair of 
whirl and whip coordinates into the corresponding two pair of 
backward and forward whirl coordinates by application of 
equations (6). If only orbits are available, or if it is desired to 
verify the transformation of the results to elliptical coor­
dinates, the required forward and backward whirl com­
ponents may be obtained by the equations 

y+ = {(ya+yb)/2)cos<t> 

y~ = {(ya-yb)/2)cos(<j> + 2a) 

y*+ = -i(ya+yb)/2)sm<t> 

y*- = -{(ya-yb)/2)sm(<i> + 2a) (13) 

where the transformation is shown for deflection. The process 
of verification then becomes that of calculating the response 
of the rotor in each plane, where no coupling between planes 
exists. Deflections at the bearings obtained from the overall 
solution are impressed to calculate independent solutions in 
each plane. Gyroscopic effects are independent because only 
steady precession is represented by each solution. The ef-
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15.5 
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3. 52 3.62 3.62 3.62 3.62 2 .52 

OF ELASTICITY 26 ) • 5I6N1F1E5 R10I0 DISK 

Fig. 2 Model of sample analysis; 
(m) = (in.)x 2.54x10" " 
(N/m) = (lb/in) x 1.751 x 1 0 ' 

conversion factors: 
N_=(lb)x 4.448, 

rnp._ , 
(m/f) = ( in . 4 )x4.162x10~ 7 , .. 

a2, (N/m2) = (lb/in.2) x 6.895 x10 3 

(lb in.2) x 2.870 x 10 ~ 3 , (Ns/m) = (lb s/in.) x 1.751 x 102, (Nm/rad) = (lb 
in./rad)x.1130 

(Nm'l = 

fective gyroscopic moments at the disks are expressed for 
forward and backward whirl as for calculation of F*rjj and 
Ffsij, respectively. Forces at the bearings due to motion of the 
rotor are obtained. The corresponding forces due to response 
of the bearing fluid films are also calculated. Although the 
coefficients transformed by equations (2) may be used in 
conjunction with the whirl and whip deflections across the 
films, equations (1) provide independence from the 
calculations used in the overall solution. Therefore, the orbits 
across the films are transformed to Cartesian coordinates by 
equations (13), (6), and (7), and the forces are calculated by 
equations (1). Transformation of the forces by equations (7) 
and (6) should yield forces equal to those calculated for the 
rotor. 

The forces due to stator motion are also best calculated in 
Cartesian coordinates to avoid coupling of mount reactions. 
Again, an equal set of forces must be obtained to secure 
verification. 

The back calculation of bearing forces due to motion of a 
rotor and the stator provides also results to verify assump­
tions used to calculate the response of these structures. Since 
these results are obtained in uncoupled planes, only 
elementary principles are necessary to determine if the elastic 
response and the dynamic loading are compatible. Also, 
relative magnitudes of different effects can be calculated to 
explain system behavior. 

Sample Analysis 

The model used for sample analysis is defined in Fig. 2 and 

is a simulation of a possible large two-bearing gas turbine. 
The casings are assumed rigid except for an elastic hinge 
which represents the typical bulkhead at the juncture between 
the compressor and the combustor casings. This simple 
assumption of casing flexibility is considered realistic. The 
rotor is flexible and two flexible disks are intended to simulate 
groups of compressor stages. The remaining five compressor 
disks and the three turbine disks are assumed rigid. The 
bearing coefficients are typical and, for convenience, are 
assumed constant. 

The stator stiffness coefficients were calculated directly 
from equations of motion for the system of rigid bodies and 
springs. Rotor stiffness coefficients and unbalance forces 
were calculated by the Prohl method as described in reference 
[1]. Magnification factors representing effects of disk 
flexibility were assumed by analogy to the simple system of a 
weight mounted on a spring. The design parameters of the 
model were selected to illustrate substantial sensitivity to the 
stiffness of the casing hinge. Design speed is 3600 rpm. 

Figure 3 illustrates the response of the complete machine to 
an unbalance due to an eccentric weight at station 7 which is 
near the shaft center. To save space the vertical axis is inclined 
across the page. All orbits are plotted to the same scale as they 
appear in planes perpendicular to the axis of the machine. 
Arrows show the direction of motion in each orbit and of the 
unbalance. Phase angle associated with each orbit is shown by 
a dotted line extending from the center and a small circle on 
the intersection of the orbit with one of the axes. The dotted 
line indicates the location of the unbalance at the instant of 
location in orbit on the center of the small circle. The dif-
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BEARING 2 

Fig. 3 Response of complete system to eccentric weight at station 7 
plotted as orbits 
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Fig. 4 Variation with speed of two representative rotor orbits due to 
eccentric weight at station 7; unbalance = 16 lb in.; conversion factors: 
(m) = (in) x 2.54 x 10 ~ 2 , (Nm) = (lb in) x .1130 

ficulty of representing graphically the four dimensional 
results can be seen. Therefore, the illustrations to follow will 
reduce the amount of information shown. 

The dimensions of two orbits which represent rotor 
response as deflection at station 7 and slope at station 12 are 
plotted in each of Figs. 4 and 5 for a speed range of 3500 rpm 
to 3850 rpm. The unbalance represented by Fig. 4 is the same 
as that illustrated in Fig. 3; couple unbalance due to disk skew 
at station 12 is represented by Fig. 5. The resulting moment 

u Q.UJ - o . 

ROTATIONAL SPEED RPM 

Fig. 5 Variation with speed of two representative rotor orbits due to 
disk skew at station 12; unbalance = 800 lb in.2; conversion factors: 
(m) = ( in)x2.54x10"' : , (Nm' : = ( lb in . 2 )x2 .870x10 - 3 

applied to the disk is positive due to disk skew corresponding 
to positive initial shaft slope. The influence of casing hinge 
stiffness is illustrated by Fig. 6. The orbit dimensions shown 
in Fig. 4 are plotted at design speed for a range of hinge 
stiffness. 

Verification of the analyses was attained at several points 
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by rotation of coordinates 90 deg and by calculating the work 
due to unbalance and that dissipated in one cycle. Results of 
these work comparisons for the design point with the two 
unbalance conditions assumed in the solutions plotted in Figs. 
3 and 4 are summarized in Table 1. 

The response of the rotor and the stator at these two 
conditions was also verified. The orbits across the bearing 

housing forces; conversion 
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fluid films and the orbits of the shaft and housings at the 
bearings were used to calculate the forces at the bearings. The 
forces due to rotor and stator motion were obtained by 
repeating the calculations used to obtain the overall solution. 
The forces due to response of the films were calculated by 
equations (1). Equal forces were obtained form each of the 
three calculations; the results are summarized in Table 2. 
Also, spot back calculations showed that elastic compatibility 
and equilibrium were attained. 

Discussion 

Behavior of the system analyzed is too complex to be 
adequately described by the conventional definitions of 
critical speed and modal response. The design casing stiffness 
does indeed show a critical speed at approximately 3800 rpm. 
Here the response tends toward the maximum in all its 
components, the form of the response tends to be independent 
of the unbalance and a 90 deg phase angle of the orbit 
associated with either type of unbalance at any station occurs 
in a narrow speed range. No other such critical speed is found 
in the range down at least to 2400 rpm. However, in reality it 
would be necessary to compensate for bearing coefficient 
variation with speed to derive such a conclusion. There are, 
however, two other speeds where a 90 deg phase angle arises 
in response to the unbalance at station 7. It is the response 
near the second of these speeds that is illustrated in Fig. 3. 

It is possible that the unbalance, which simulates thermal 
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bow, might cause vibration despite the remoteness from the 
recognized critical speed. Although response of the shaft itself 
is low, there is a magnification in the stator. Transmission of 
vibration through the bearings is heightened when the phase 
angle of the bearing housings approaches 90 deg. In the 
example illustrated, this condition is seen at bearing 2. Also, 
the critical speed is sensitive to the casing stiffness. It is seen 
from Fig. 6 that reducing the casing hinge stiffness to 
1.3x10'° lowers the critical speed to 3600 rpm. Similar 
conditions to those described above for 3800 rpm are in­
dicated. 

It should be of interest that the response can contain a 
mixture of forward and backward orbits. However, transition 
from one direction to another occurs smoothly with one 
component passing through zero. Such continuity is to be 
expected from a system which is significantly influenced by 
gyroscopic effects; the elementary analogy of independent 
motion in the horizontal and vertical planes is not adequate, 
because it implies that gyroscopic moment jumps due to one 
plane passing through resonance affect only the motion in 
that plane. 

It obviously is impossible to draw general conclusions on 
the effects of any particular feature in a complex tur-
bomachine as the gas turbine represented by the sample 
analysis. However, it is hoped to illustrate that dynamic 
analysis of the complete system is prudent and possible. 
Although strong influence of the stator is illustrated to show 
that conventional analysis of the rotor and bearings alone is 
not adequate, each machine may possess sensitivity to dif­
ferent features. Such features can be identified by analysis 
even though the reasons for the particular sensitivity may be 
difficult to relate to the characteristics of the individual 
components comprising the system. However, coordinate 
transformation of the overall results can explain the in­
teractions involved in a particular effect. 

Although it is, unfortunately, not possible to provide the 
design engineer with a guide to particular effects, the method 
of analysis presented is simple enough for him to devise his 
own analysis. This simplicity also lends the method to ac­
counting for nonlinear effects. For instance, reference [2] 
discusses possible application to nonlinear fluid films. It 
concludes that nonlinear jumps due to squeeze-film dampers 
might be predicted. Li and Gunter [5] also discuss such a 
jump. 

Simulation of a flexible bladed disk by analogy to the 
simple spring-weight would be correct if its flexing comprises 
only a single mode form which is not affected by the speed of 
spin. However, precise simulation may also be expressed as 
forward and backward magnification factors. These factors 
would depend on the relative speed between whirl and spin 
and the speed of spin. 

Summary and Conclusions 

A method for analyzing unbalance response of a complete 
turbomachine, accounting for mount asymmetry, fluid-film 
bearing anisotropy and disk flexibility, was derived and 
sample analyses were presented for a hypothetical large two-
bearing gas turbine. The method permits the design engineer 
to utilize tests and/or independent analyses to characterize 
critical structures of the system. The overall analysis is simple; 
it requires solution of only eight simultaneous equations for 
each bearing in the machine. It provides for identification of 
any characteristics to which the system is sensitive. 

Coordinate transformations which reduce the results of the 
overall analysis to independent planes were derived and 
discussed. These transformations provide for independent 
verification of results by application of only elementary 
principles and should enhance visualization and un­
derstanding of any perplexing system behavior. 

Sample analyses showed that the conventional practice of 
treating the rotor and bearings alone is not adequate; the 
characteristics of the stator can affect the overall response to 
unbalance. Also, they showed that response to unbalance is 
not necessarily uniform, and variations of unbalance should 
be considered. 

The engineer is offered the ability to obtain dynamic 
solution of an entire turbomachine and to visualize, interpret, 
and verify the results. Interpretation would allow comparison 
of the results with specific design objectives. For example, 
vibratory stresses in bladed disks may be calculated. Such 
ability should improve accepted design practice. 
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The Verification of Concentrated 
Impurities in Low-Pressure Steam 
Turbines 
The problem of corrosion-assisted low-pressure blade failures is discussed from the 
water chemistry and aerothermodynamic viewpoints. The physical chemistry of 
particular steam impurities existing in low-pressure steam turbines is reviewed with 
special applicability to blade path steam conditions. The interaction of the turbine 
expansion line with the salt solution zone has been verified by field testing which 
has, for the first time, demonstrated the existence of concentrated impurities within 
the low pressure turbine blade path. In addition, the existence of low levels of 
moisture as measured by an optical moisture probe offers strong evidence that the 
expansion process in low-pressure steam turbines takes place, on the average, in 
thermodynamic equilibrium, at least in the vicinity of the saturated vapor line. 

Introduction 

Corrosion-assisted cracking has been experienced in many 
steam turbine units, varying from those used in plants with 
drum type steam generators operating at less than 2000 psi 
(13.8 MPa) upward through the pressure scale to plants with 
supercritical once-through steam generators. As a recognized 
industry-wide problem, many programs are underway to 
study the fundamental causes of material failures in steam 
environments. 

A significant problem area of turbine material corrosion 
involves the transport of corrosive impurities throughout the 
steam turbine cycle. It is essential to determine the identity of 
the corrosive species, their sources in the plant water/steam 
cycle, the mechanism of their transport and deposition during 
the expansion cycle, and the modes of attack on turbine 
materials by the significant corrodents. 

These several investigative programs form a broadly based 
effort spanning many disciplines. Included in this effort are 
the fracture analysis of failed turbine blades, the 
metallurgical testing of turbine materials in corrosive en­
vironments, the determination of steam and water purity in 
operating units, the physical and chemical characteristics of 
water, water treatment additives, and corrosive substances, 
and the analysis of the thermochemical mechanisms that 
cause deposition of corrodents on turbine parts. 

This paper will describe the several aspects of these 
programs dealing with water chemistry and the analysis of the 
mechanisms controlling corrodent deposition within steam 
turbines. The physical chemistry of steam impurities is 
reviewed and particular evaluation of their interaction with 
the turbine blade path expansion line is discussed. The first 
experimental detection of concentrated impurities in low-
pressure turbine blade path steam is described in detail, 

Table 1 Summary of ASME turbine survey 

Currently affiliated with Power Dynamics, Inc., Broomall, Pa. 19008 
Contributed by the Gas Turbine Division and presented at the ASME Winter 

Annual Meeting, Washington, D.C., November 15-20, 1981. Manuscript 
received by the Gas Turbine Division, June 18,1982. 

Number of units 
reviewed 

Percent of units 
with cracks 

Percent of units 
with pitting 

Percent of units 
with fouling 

Drum 
type 

64 

15 

15 

29 

Once-
through 

31 

42 

39 

19 

Total 

95 

Table 2 Summary of ASME turbine survey cracks with 
drum type units 

Number of units 
Percent of units 

with cracks 

Phosphate" 
treatment 

55 

14 

Volatile 
treatment 

9 

25 

"Coordinated phosphate control 

further test programs are described, and finally, conclusions 
are drawn. 

Corrosion-Assisted Failure Experience in Field Turbines 

Many interactive factors control the mechanisms of stress 
corrosion and corrosion fatigue. In some instances of blade 
cracking it is impossible to identify their separate effects. As 
an all-inclusive descriptive term, it is usually advisable to 
characterize the problem as a corrosion-assisted failure. 

A significant factor in the occurrence of corrosion-assisted 
blade failures is the type of steam generator supplying the 
turbine system. The conventional drum type boiler and the 
once-through supercritical steam generators differ fun­
damentally in the type of water treatment chemicals utilized. 
The all-volatile treatment employed in all once-through 
boilers is sometimes used in drum type boilers, but, more 
usually, low-phosphate water treatment is used in drum type 
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Fig. 1 Deposit analyses for CI ~ from penultimate blades of twenty-
four Westinghouse fossil low-pressure turbines. Range indicates 
average to maximum values. 

boilers. A recent survey sponsored by the ASME Committee 
on Water for Thermal Power Systems evaluated 95 boiler-
turbine systems; these 95 were comprised of 31 once-through 
and 64 drum type boilers [1], These results are summarized in 
Tables I and II. 

Although these survey results consistently indicate that 
corrosion-assisted turbine failures are more prevalent in 
boiler systems which utilize all-volatile water treatment, other 
significant factors such as the use and maintenance of 
polishers and the transfer of undesirable chemical species 
throughout the turbine cycle could also have a profound 
influence on turbine blading distress. 

A substance which contributes significantly to material 
corrosion is sodium chloride. Figure 1 shows the weight 
percent of chloride in deposits taken from twenty-four fossil 
low-pressure turbine elements, some of which have been 
inspected more than once [2]. The units are classified in the 
lower portion of the figure into a group that has had blade 
failures, and a group that has operated without blade 
problems. 

Chloride is considered to be a primary turbine material 
corrodent, as is substantiated by the units which have ex­
perienced failures generally having a high fraction of chloride 
in their deposits. 

While chloride is considered to be a primary factor in 
corrosion-assisted cracking, other chemical species have also 
been shown to contribute to turbine corrosion. These species 
include sulfate, caustic, and dissolved oxygen. The sodium 
ion itself is not considered to be corrosive, but is usually the 
charge compensating cation found in deposits with the anions 
mentioned above. 

Physical Chemistry Aspects of Impurities in Steam 

The purpose of a behavior study of impurities in steam 
turbines is to develop understanding, quantification, and the 
prediction of their behavior in order to control and ameliorate 
their undesirable effects on turbine materials. Concentrations 
of the minor constituents, which exist at levels from parts per 
million (ppm) down to parts per billion (ppb), are trans­
formed into higher local concentrations. Detailed calculations 
of the equilibrium fluid composition involving some im­
portant volatile substances can now be performed [3] as most 
of the data needed for this purpose is available. 

The characteristics of nonvolatile contaminants are quite 

2,400 PSl(l6.5MPa)DRUIVI BOILER 

ENTROPY 

Fig. 2 Simplified Mollier diagram showing turbine expansion lines at 
100 and 50 percent load 

WET STEAM 

ENTROPY 

Fig. 3 Simplified Mollier diagram showing turbine expansion lines 
and sodium hydroxide liquid phase concentrations 

different from the volatiles normally used in water treatment. 
Two substances are of considerable concern to the turbine 
designer. The first is sodium hydroxide, which has probably 
damaged more turbines than any other single contaminant. 
Caustic contamination of steam can occur in a number of 
different ways. It can be caused by improper regeneration of 
condensate polishers, by chemistry upsets in phosphate-
treated boilers, or by poor steam separation in drum boilers 
that are being deliberately treated with low-level free caustic. 

Plotted on the Mollier diagram of Fig. 2 are expansion lines 
for steam passing through a fossil fueled turbine system with 
a 2400 psi (16.5 MPa) drum boiler. A part of the LP ex­
pansion line for 50 percent load is shown to the right, where it 
can be seen how the dry-to-wet transition location (the 
saturated vapor line) shifts to a different location in the 
turbine at reduced load. Solutions of sodium hydroxide can be 
very concentrated with substantially elevated boiling points, 
so they can exist in the superheated steam region. Lines 
showing sodium hydroxide concentrations of 25 to 90 percent 
are shown in the Mollier diagram of Fig. 3. These con­
centrated solutions cover almost all the region traversed by 
the steam expansion line. It is only in the wet region, near the 
outlet of the low pressure turbine, where the sodium 
hydroxide concentration becomes so dilute as to be non-
corrosive. 

The second contaminant of great significance is sodium 
chloride. Salt is a very common contaminant of steam, and its 
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Fig. 4 Simplified Mollier diagram showing turbine expansion lines
and sodium chloride liquid solution zone
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Fig. 6 Transverse probe locations at Enclna No.4, San Diego Gas and
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concentrated solutions have been shown to cause pitting,
corrosion fatigue, and stress corrosion cracking. The ther­
modynamic properties of sodium chloride are quite different
from those of sodium hydroxide, as it has a more limited
solubility. The same Mollier diagram and the same expansion
lines for a 2400 psi (16.5 MPa) drum boiler turbine system are
shown in Fig. 4. The shaded zone is the only region where
concentrated salt solutions are stable. Above the shaded zone,
only pure dry sodium chloride is stable in superheated steam.
Below the zone in the wet region, salt contamination becomes
so dilute as to be without much corrosive significance. A
similar band of salt solution stability exists for other com­
pounds that are moderately soluble in water.

The upper boundary of the shaded zone is the three-phase
boundary at which steam, solid sodium chloride, and liquid
solutions saturated with sodium chloride coexist. The position
of the three-phase boundary for other salts depends on the
boiling point elevation of their solid-saturated solutions. With
sodium chloride, the concentration is approximately 28
weight percent at the condition where the low-pressure fossil
turbine expansion line crosses this boundary (at about 220°F
(104°C» and is essentially 0 percent at the equilibrium
saturated vapor line.

The important feature is that corrosively significant
solutions of sodium chloride, and solutions of other salts with
limited maximum boiling points, are thermodynamically
stable within one stage of the low-pressure turbine.

In summary, solutions of sodium chloride and other
moderately water soluble salts are stable only in a narrow
band near the liquid-vapor saturation line, whereas solutions
of sodium hydroxide and similarly highly soluble compounds
can exist in the entire superheated steam region. Thus, in a
steam turbine, this means that the corrosive effects of sodium

20 30 40 50 60 70 80 90 100

PERCENT LOAD

Fig. 7 Encina NO.4 test plan for conductance measurements at the
Inlet to L·1 C

chloride are very localized, while those of sodium hydroxide
can occur anywhere, depending on the level of contamination.

Field Verification of Concentrated Impurities Within
Low-Pressure Steam Turbines

A key factor pertaining to the cause and effect of impurities
in blade path steam is the determination of the physical
processes which concentrate these impurities into corrosive
solutions. Development activities led to a field test program
for verification of the existence of the "salt solution zone"
phenomenon in operating turbines.

A measurement device capable of immersion in the blade
path steam was conceived as a "surface conductance probe"
and designed, developed, and constructed at the Research and
Development Center. A typical conductance sensor, which is
attached to a long support barrel to form a complete probe, is
shown in Fig. 5. The sensing element itself consists of two
parallel platinum electrodes spaced less than a millimeter
apart, held in place and separated by an insulating block of
MACOR I. The electrical signal developed by the sensor is
affected by the conductance of a fluid film deposited on the
insulating surface between the two electrodes. The con­
ductance, in turn, depends on the chemical species comprising
the fluid; in the case of pure water, very low levels of con­
ductance are developed. On the other hand, ionizable
dissolved impurities increase the conductance by orders of
magnitude. Laboratory calibration of several probes at the

-r:rrademark of Corning Glass Works.
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Fig. 8 Electrical conductance data taken at Encina No. 4 

Research and Development Center prior to their use in field 
turbines verified high sensitivity to small amounts of elec­
trolytes. 

Figure 6 indicates the location of probe guides in the low 
pressure turbine of Encina No. 4, a phosphate treated drum 
boiler unit of the San Diego Gas and Electric Company. The 
locations marked "NEW" supplemented existing probe 
locations. In effect, three measurement planes were available: 
before, in the middle of, and following the penultimate stage. 
All three locations were fitted with conductance probes of 
several designs. 

The physical location yielding the pertinent results reported 
herein is the L-1C inlet location. It was this location which 
could be controlled in such a manner as to control movement 
across the saturation line from wet to superheated steam and 
vice-versa. 

The test plan, Fig. 7, describes the desired loads and range 
of hot reheat temperature required to effect the movement of 
the saturation line. The region of interest is shown as the 
shaded area labeled L-1C test region. This region is consistent 
with the predicted "salt solution" zone of Fig. 4. The test 
loads were limited by the pressure level existing at the plane of 
measurement, i.e., atmospheric pressure corresponded to 
about 75 percent load. Actual test points, denoted by 
asterisks, indicate the location of pertinent conductance data 
collected during the test program. 

At the lowest load, specific points were initially run with 
steam conditions at their wettest state. Higher values of hot 
reheat temperature were then established. Indications from 
the conductance probe located at the L-1C inlet appeared at a 
nominal level and increased until the probe's environment 
became superheated steam. The probe output then 
dramatically dropped to essentially a zero conductance in­
dication. By ramping the hot reheat temperature slowly 
downward, a distribution of conductance readings emerged. 
These were substantiated by succeeding up and down ramps. 
Very careful control of the boiler (drum type) operation was 
achieved by the several operators assisting in the test program. 

The results of the conductance probe(s) measurements are 
shown in Fig. 8. At each load, as a function of hot reheat 
temperature, distinct conductance peaks were observed; these 
were established, and verified, by the up and down ramping 
of the hot reheat temperature. These observed changes in 
conductance levels with steam temperature indicate the 
presence of contaminated condensed water on the con­
ductance probe's surface. 

The conversion of the location of the conductance peaks at 

CONDUCTANCE PROBE FIELD TEST RESULT 

/ SUPERHEATED 
/ STEAM 

THREE PHASE / 
BOUNDARY (Na2HP04) 

ENCINA 4 PEAK CONDUCTANCE 
MEASUREMENTS 

Fig. 9 Simplified Mollier diagram showing location of peak con­
ductance measurements at Encina No. 4 
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Fig. 10 Electrical conductance data taken at Big Brown No. 2 

the four loads has been made to the Mollier diagram of Fig. 9. 
Heat balance calculations were made for the unit operating 
conditions consistent with the individual test points. The locus 
of local steam conditions, compatible with these conductance 
peaks, is a line of nearly constant superheat. This line is 
essentially parallel to the maximum concentration line 
defining the predicted upper limit of the sodium chloride 
solution zone. 

In addition to surface conductance measurements in the low 
pressure turbine blade path steam, samples were taken of the 
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Table 3 

Blade height 
% 

17 (near rotor blade hub) 
29 
76 (near rotor blade tip) 

Average droplet 
diameter 

d x 106m 

2.48 
0.17 

Moisture 
content 

% 

0.3 
0.5 

CONDUCTANCE PROBE FIELD TEST RESULTS 

SUPERHEATED STEAM 

PREDICTED 
SALT SOLUTION 

/ZONE (NaCI) 

PEAK CONDUCTANCE 
MEASUREMENTS 

• ENCINA4 
X BIG BROWN 2 

THREE PHASE 
BOUNDARY (NaCI) 

THREE PHASE 
BOUNDARY 
(Na2S04) 

ENTROPY 

Fig. 11 Simplified Mollier diagram showing location of peak con­
ductance measurements at Big Brown No. 2 and Encina No. 4 

crossover steam through a sampling tube identical to that used 
in a steam purity continuous analyzer program [2] in order to 
determine the chemical species existing in the superheated 
steam prior to its entry to the blade path. The samples taken 
from Encina No. 4 showed that phosphate and sodium were 
the main contaminant species. The three-phase boundary for 
a sodium phosphate salt (Na2HP04) is shown by the dotted 
line in Fig. 9. The conductance peak locations are closer to 
this line than they are to the sodium chloride three-phase 
boundary. 

The observation of conductance peaks at steam conditions 
with a significant amount of superheat can result only from 
coverage of the probe insulator surface with a film of a 
substantially concentrated solution of an electrically con­
ducting substance that is essentially nonvolatile. It could be 
postulated that such a film could be created by condensation 
of moisture on an initially contaminated surface, or by some 
effect of adsorbed moisture or capillary condensation on the 
properties of the insulator surface. However, the 
reproducibility of the observations after exposure of the 
probe to the washing effects of wet steam and the result of 
laboratory tests of probe response to static (non-
contaminating) conditions effectively rule out such ex­
planations for the observations. The most probable cause of 
these effects is the deposition on the probe of water soluble 
contaminants that were present in the turbine steam. 

We believe that these measurements are the first to be taken 
directly from a field unit to demonstrate experimentally the 
existence and location of turbine operating regions where 
concentrated contaminated solutions exist. 

During the course of these experiments, measurements were 
made of the moisture content and the corresponding average 
droplet diameter. The locations chosen during these tests were 
at the L-R exit position in Fig. 6 (the turbine blade path 
exhaust) the L-IR exit, and the L-IC inlet. The results of 
pertinence to the conductance probe measurements, are those 
obtained at the L-IC inlet location. These moisture 
measurements were made using a multiple wavelength optical 
probe [4] developed for steam turbine applications. 

Fig. 12 Conductance probe location at Turkey Point No. 4, Florida 
Power and Light Company 

Moisture measurements were made only at the 65 percent 
load condition at a reheat temperature of approximately 
850°F (454°C), the operating conditions coincident with the 
peak of the conductance probe response curve, Fig. 8. Table 3 
describes the results of these moisture measurements. In the 
near tip region (i.e., the outer diameter) of the inlet to this 
stationary blade row, where the conductance probe was 
situated, moisture contents on the order of 0.5 percent were 
observed. As the conductance probe was situated at a larger 
diameter than the 76 percent location of Table 3, the inherent 
blade path radial energy variation undoubtedly produced 
higher local enthalpy conditions than that sensed by the 
moisture probe. Although precisely corresponding 
measurements of moisture and conductance were not made, 
extremely low levels of moisture were sensed quite close to the 
conductance probe's location. 

Further Field Verification Testing 

Since these initial tests were run in the summer of 1979, 
three other units were fitted with appropriate probe guides 
and tested. Two of these uni^s were also fossil units. Con­
ductance peaks were observed in all fossil test programs. 

The second fossil unit tested was Big Brown No. 2 of the 
Texas Utilities Generating Company which is a once-through 
unit equipped with condensate polishers. The corresponding 
electrical conductance data for Big Brown No. 2 are presented 
in Fig. 10. The loci of these peaks have been converted to local 
steam conditions and are located on the Mollier diagram of 
Fig. 11. Steam samples indicated the presence of low levels of 
sulfates and sodium at the low pressure turbine inlet. The " x " 
symbols on Fig. 11 are close to the three-phase boundary for 
sodium sulfate solutions, suggesting that a nearly saturated 
solution of sodium sulfate formed on the surface conductance 
probe. Data from the third fossil unit tested, Centralia No. 2 
of the Pacific Power and Light Company, produced similar 
characteristics but test data clarity precluded exact quan­
tification. 
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Fig. 13 Turkey Point No. 4 test plan for conductance measurements 
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Fig. 14 Electrical conductance and thermocouple traces at Turkey 
Point No. 4 

The First Nuclear Unit Verification Test 

The fourth test program was the first to be performed on a 
nuclear unit, Turkey Point No. 4 of the Florida Power and 
Light Company. This is a pressurized water reactor system 
operating with all volatile treatment, consisting of ammonia 
and hydrazine additions to the feed water. Two probes were 
installed at different circumferential locations in the space 
between stages number 2 and 3 of a low pressure turbine 
element, Figure 12. These probes were installed during a 
startup while the turbine was on turning gear. As the blade 
path pressure at this location is on the order of 80 psia (552 
KPa) at full load, the probes were designed to be semiper­
manent, that is, once installed they would not be removed 
until the unit came down or until load was reduced to 20 
percent or lower. 

During the test program, an automatic recorder was em­
ployed to sense and document the signal generated by one of 
the conductance probes. In effect, two signals were recorded: 
(/') the signal from the conductance sensor, and (/;) steam 
temperature as sensed by a thermocouple adjacent to the 
conductance sensor. 

The test program for this nuclear unit required control of 
the steam temperature entering the low-pressue turbine 
element. This was effected by control of the steam flow rate 
entering the reheater tube bundle of the moisture separator 
reheaters (MSR's) supplying the low pressure turbine. The 
desired test region is indicated in Fig. 13 with the actual test 
lines superimposed. 

Typical results from the surface conductance probe and its 
thermocouple are presented in Fig. 14 as a function of time. 
The lower trace is the conductance sensor's output while the 
upper trace is that of the thermocouple. 

In this instance, which is typical of data collected in this 
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Fig. 15 Simplified Mollier diagram showing location of peak con­
ductance measurements at Turkey Point No. 4, Big Brown No. 2, Encina 
No. 4 

manner, the unit was operated along a load line of Fig. 13 
while the MSR outlet temperature was varied. Initially, the 
MSR temperature was high enough to maintain the probe's 
local temperature in the superheated region and above the 
"salt solution zone." As MSR temperature is reduced, the 
probe temperature also reduces and the conductance sensor 
responds to the formation of solutions of concentrated 
contaminants. Increases in conductance level occur within a 
very narrow range of temperature change. The unsteady 
character of the sensor's response is thought to be due to the 
variation in liquid film thickness and extent surrounding the 
platinum-sensing elements. 

As the MSR outlet temperature is further reduced, the 
probe output reduces to an essentially steady level typical of 
the conductance of nearly pure water as the blade path steam 
conditions move further into the wet steam region. A reversal 
of the process results in the trace on the right-hand side of the 
figure - an increase of steam conditions from the wet region 
through the concentrated contaminant zone and into the 
superheated zone. The probe responds in a similar manner 
and upon becoming superheated, its response falls to a 
minimal level. 

A similar conversion of the local steam conditions com­
patible with these observed conductance peaks results in the 
additional points on the Mollier diagram of Fig. 15. In this 
instance, the maximum pressure level is 75 psia (517 KPa), 
approximately a fourfold increase over the maximum 
pressure levels encountered in the fossil unit test programs. 

The most likely salt contaminant of the steam during the 
testing period at Turkey Point No. 4 is sodium chloride, since 
measurable amounts of both sodium and chloride were 
present in the steam generator blowdown water. The location 
of the conductance peak on Fig. 15 is very close to the pure 
water equilibrium saturated vapor line and far removed from 
the three-phase boundary for sodium chloride. This indicates 
that a relatively dilute solution of the salt condensed on the 
surface conductance probe, corresponding to a very low 
concentration in the steam. 

Conclusions 

In summary, this paper has dealt with the chemistry and 
aerothermodynamic aspects of steam as it pertains to the 
general problem of corrosion-assisted blade failures. The 
interaction of the steam turbine expansion line with the salt 
solution zone has been verified by field testing which has, for 
the first time, demonstrated the existence of concentrated 
impurities within the low-pressure turbine blade path. 

This phenomenon has been observed in each turbine tested 
to date including three fossil units and a single nuclear unit. 
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These units represent three different physical designs installed 
by four different utilities located throughout the United 
States. The boiler systems delivering steam to these turbines 
include both once-through and drum type fossil boilers; the 
nuclear unit was of the pressurized water reactor type. Water 
treatment techniques varied between units and included 
phosphate treated subcritical drum type boilers, all volatile 
treated supercritical once-through boilers, and the all volatile 
water treatment of the nuclear steam supply system. 
Regardless of these variations, the observed results and 
conclusions are the same. 

In the unit in which moisture measurements were obtained 
in conjunction with electrical conductance measurements, a 
relationship was observed between the two measurement sets. 
Very slight, but measurable amounts of moisture were sensed 
by the moisture probe when turbine operating conditions were 
held in the immediate vicinity of the conductance peak. These 
droplets were generally less than 2.5 x 10"6min diameter 
and the indicated moisture content less than or equal to 0.5 
percent. 

These findings also support the contention that steam 
flowing in low-pressure steam turbines tends to approximate 
equilibrium conditions. These moisture measurements made 
in the vicinity of the equilibrium saturated vapor line, albeit 
with some experimental uncertainty, have been made under 
local steam conditions ranging up to 75 psia (517 KPa) and at 
local Mach numbers from 0.5 to 0.8. The possibility of local 
supersaturation of the steam flow in expanding turbine 
passages cannot be dismissed, as hosts of laboratory data 
confirm this phenomenon. These current findings indicate 
that in the flow spaces between blade rows, steam tends 
toward the equilibrium state, that is, "on the average," steam 
tends to follow the equilibrium characteristics defined by 
many publications in this area. It is quite logical that 
equilibrium and nonequilibrium flow processes coexist in 
steam turbines. Local conditions within nozzles or rotating 
blade rows generally experience very high rates of expansion, 
conducive to subcooling and delay in achieving equilibrium 
conditions. 

Some degree of uncertainty must be assigned to these test 
data and to their implications. For example, tests of this type 
in power plant installations utilizing delicate and sophisticated 
instruments and electronic systems must be coordinated with 
plant operations and to some degree depend on the accuracy 
of plant operational instruments. The final determination of 
local steam conditions surrounding the surface conductance 
probe depends on these operating parameters by way of 
turbine cycle heat balance calculation procedures. 

The exact chemical species responsible for the conductance 
probe response were not measured and are, of course, a 
source of speculation. These important factors have yet to be 
resolved; they have, however, prompted continued activity in 
this area and are significant links in the chain relating the 
corrosion phenomena to steam turbine reliability. 
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A Thermodynamic Efficiency 
Concept for Heat Exchange 
Devices 
A thermodynamic efficiency based on the second law of thermodynamics is defined 
for heat exchange devices. The efficiency can be simply written in terms of the mean 
absolute temperatures of the two fluids exchanging heat, and the appropriate en­
vironment temperature. It is also shown that for a given ratio of hot to cold inlet 
temperatures, the efficiency and effectiveness for particular heat exchange con­
figurations are related. This efficiency is compared to second-law efficiencies 
proposed by other authors, and is shown to be superior in its ability to predict the 
effect of heat exchanger parameter changes upon the efficiency of energy use. The 
concept is applied to typical heat exchange cases to demonstrate its usefulness and 
sensitivity. 

Introduction 
The continued rise in the cost of energy has made it im­

perative to augment the usual heat flow analyses for power 
plants, refineries, chemical plants, and other energy intensive 
industries by adding analyses of available energy flow and 
device irreversibilities. The reclamation of what was formerly 
"waste heat" by using additional, or more efficient, 
equipment has become not only economically feasible, but 
sometimes essential. The chemical process industry, in 
particular, has shown considerable ingenuity and foresight in 
putting waste heat recovery into practice. 

Much of the available energy loss in process plants is im­
mediately traceable to devices such as boilers, evaporators, 
chillers, heaters, etc., all of which are heat exchangers, even 
though their design, purpose and mode of operation may vary 
considerably. That a heat exchanger is irreversible (in the 
thermodynamic sense) is well recognized, and many students 
of thermodynamics will name the heat exchanger as their first 
example of an irreversible device. A good discussion of the 
concepts of irreversibility and available energy is presented by 
Haywood in [1]. 

It is a simple matter to calculate the irreversibility of a heat 
exchanger with known specifications. This number, however, 
is not adequate for the designer and plant manager, who have 
to weigh several alternatives in equipment selection and 
operation. For their purposes, a relative figure of merit that is 
meaningful, useful as a discriminant, easy to calculate, and 
independent of equipment size is necessary. This figure of 
merit should also agree with well-known facts about the effect 
on the irreversibility of varying the heat exchanger 
parameters. 

The two definitions most encountered in the literature are 
based on the available energy concept, but both fail to satisfy 
the criteria that were set out above. The first, proposed by 

Contributed by the Power Division for publication in the JOURNAL OF 
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Moran [2], Neilson and Crawford [3], and by Ahern [4], 
defines the efficiency as the ratio of the increase in the 
availability of the cold fluid to the decrease in the availability 
of the hot fluid. The second definition of the efficiency, also 
given by Moran [2], is the ratio of the outflow to the inflow of 
available energy. Both these definitions have the drawback of 
using a quantity in the denominator that is not directly fixed 
by the duty of the heat exchanger. The first definition gives 
uniformly low efficiencies for all types of heat exchangers; it 
is pessimistic and cannot be used to compare alternative heat 
exchanger designs. The second definition seems sound at first 
sight but, as will be shown in the Analysis section, behaves 
unacceptably as the effectiveness of the heat exchanger for a 
specified heat duty is raised. Obviously, a properly defined 
thermodynamic efficiency would show an increase when the 
temperatures of the two fluids are brought closer. 

The definition proposed in this paper is only slightly dif­
ferent from the second definition given above, and overcomes 
the drawbacks just stated. The influence of the heat exchanger 
parameters on this efficiency is established, the superiority of 
this efficiency to other definitions is demonstrated, and the 
application of the concept is illustrated. 

The term efficiency is used in this paper exclusively with 
reference to the second law of thermodynamics. It should not 
be confused with concepts such as boiler efficiency, etc., 
which are related to the first law of thermodynamics. Our 
work will be restricted to heat exchangers that operate under 
adiabatic conditions, that is, with negligible heat losses; 
consequently, their first-law efficiency is always unity. 

Analysis 

One way of defining an efficiency related to the second law 
of thermodynamics is to conceptually devise an ideal system 
that performs the same function as the actual system, but in a 
reversible way, and to form the ratio of two comparable 
quantities between the systems. In devising the reversible 
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Fig. 1 Diagram showing reversible system that meets same duty as 
heat exchanger 

system, one has to be careful not to alter the operating 
parameters of the heat exchanger. In particular, the heat 
removal from the hot fluid, the heat addition to the cold fluid, 
and the inlet and outlet temperatures should be left intact. 
Such a reversible system is shown in Fig. 1. 

The hot fluid supplies Qh to the reversible heat engine, 
rejects Ql to a large reservoir at temperature, T0, and 
produces We as work. The heat pump absorbs Q2( > Q\) from 
the same reservoir, takes in a part, Wp, of the engine work, 
and pumps Q( into the cold fluid. The units are sized such that 
Qh — Qc = 6» the heat duty of the heat exchanger. 

The irreversibility of a heat exchanger may be attributed to 
not exploiting the capability for extracting work by in­
terposing a heat engine between the hot and cold sides. The 
ratio of this unextracted work to the heat transfer represents 
inefficiency; consequently, our definition of thermodynamic 
efficiency is 

i j - l - / / Q = l - ^ r e y / Q (1) 
which is similar to the second definition of Moran [2], except 
that Q in the denominator has replaced the availability in­
flow. 

The definition of equation (1) is based on the following 
reasoning. By definition, the irreversibility rate / = WKV 

- Waa; Wmt is zero in a heat exchanger, so that / = Wriv. 
According to the second law, / > 0 and WKV < Q, so that the 
efficiency lies between zero and unity. 

To show that the efficiency just defined is independent of 
the size of the heat exchanger, as well as for use in examples 
later, the quantities / and Q are written in terms of the inlet 
and exit conditions. The laws of thermodynamics applied to 
the control volume shown in Fig. 1 yield the following 

ILaw: Q0=Wvm+(mAh)h+(mAh)c (2) 

II Law: Q0/T0=(mAs)h + (mAs)c (3) 

The application of the first law of thermodynamics to the hot 
and cold sides separately shows that 

Q= - (rnA/i),, = (mAh)c (4) 

so that equation (2) becomes 

Qo = *'rev (5) 

The second law applied to the actual heat exchanger gives 
(mAs)h + (mAs)c > 0; from equation (3), it follows that Q0 

cannot be negative, and rj cannot exceed unity. Therefore, the 
efficiency is given by 

r,= l-Q0/Q=l-T0[(mAs)h + (mAs)c]/Q 

But 

(mAs)h/Q = - (mAs)h/(mAh)h = -As,,/Ahh, 

(mAs)c/Q = (mAs) cl (rhAh) c = Asc/ Ahc 

Thus, 

r;= 1 - T0[-(As/M)h + (As/Ah)c] 

In the last equation, the ratio Ah/As may be interpreted as the 
mean absolute temperature of the fluid since, at constant 
pressure,1 

Ah 

IAY 
\dh 

\ds 
\dh 

(6) 
\dhlT 

Then, the efficiency becomes a function only of temperatures, 
given by 

r,= l + T0/Th-T0/fc (7) 

This simple formula, along with the definition of equation 
(1), is the central result of this paper. The formula im­
mediately yields qualitative results such as the following by 
mere inspection. 

(/') The efficiency increases as the hot and cold fluids are 
brought closer in temperature. In the limit when the tem­
peratures are equal - for example, in a very large counterflow 
heat exchanger - the efficiency approaches unity. 

(//) The efficiency increases as the absolute temperatures 
are raised while maintaining a fixed temperature difference. 

(Hi) The efficiency decreases as the ambient temperature 
T0 increases. 

(iv) The formula is characteristically thermodynamical, 
showing no effect whatsoever of the details of the heat ex­
changer used for a given set of temperatures. 

Relation Between Efficiency and Effectiveness 

The efficiency formula just developed is more useful if the 
effect of the heat transfer area on the efficiency is assessed, 
since both increase together. Larger area implies higher 
equipment cost, and higher efficiency implies lower operating 
cost, so that a compromise is necessary to fix the design 

The effect of the pressure loss due to friction has been ignored. Usually the 
effect of this pressure loss on As and Ah is negligible. 

N o m e n c l a t u r e 

A = 
A = 

C = 
CP = 
h = 

m 
NTU 

R = 

heat exchanger area S 
rate of flow of available T 
energy f 
thermal capacity = mcp 

specific heat Q 
enthalpy U 
rate of irreversibility pro­
duction iv 
mass flow rate -q 
number of transfer units, 
m\J=UA/Cmin Vl,r,2 

ratio of thermal capacities = 
Cc/Ch 

entropy 
absolute temperature 
log-mean absolute tem­
perature, equation (6) 
heat transfer rate 
overall heat transfer coef­
ficient 
work rate 
thermodynamic efficiency, 
equation (1) 
alternative thermodynamic 
efficiencies, equations (11) 
and (13) 

heat exchanger effectiveness 

ibsci 

act 
c 
e 
h 
i 

0 

P 
rev 

1 
2 

•ipts 
= actual 
= cold 
= exit, engine 
= hot 
= inlet 
= surroundings 
= heat pump 
= reversible 
= heat engine 
= heat pump 
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Fig. 3 Plot of thermodynamic efficiency against heat exchanger ef­
fectiveness, Th)ITci = 2 

values. However, the relation between efficiency and area 
depends on the type of heat exchanger, heat transfer coef­
ficients, etc. Consequently, instead of the area, a quantity 
that reflects the extent of the heat transfer surface is used that 
yields quantitative results which are not restricted to any 
type of heat exchanger. This quantity is the heat exchanger 
effectiveness, e, which, for a particular type of heat ex­
changer, is a function of (i) the number of transfer units 
(NTU), which is proportional to the area of the heat transfer 
surface, and (ii) the capacity ratio R = (mcp)c/(mcp)h. 
Charts and formulae relating e, NTU, and R are the standard 
tools of the heat exchanger designer. 

To continue the development, it is assumed that the heat 
exchanger fluids remain single-phase or two-phase between 
inlet and outlet, i.e., part single-phase, part two-phase flow is 
not allowed. In addition, it is assumed that the specific heats 
are independent of temperature. Both of these assumptions 
are routinely used in obtaining the e-NTU-/? relationships for 
exchangers. With cp constant, equation (6) becomes 

\dh \dT T — T 
1 e 1 i = T, 

Te/T,-i 

\dh/T \dT/T ln(Te/Ti) *'ln(Te/Ti) 

so that fis a log-mean absolute temperature. Thus, from the 
inlet and exit temperatures of both fluids and T0, the ef­
ficiency could be calculated. The outlet temperatures, 
however, would depend on the heat exchanger design, 
whereas the inlet temperatures are almost always specified. 
Consequently, the outlet temperatures are replaced, using e 
and R as follows. 

For R < 1, the cold fluid has the smaller capacity rate, and 

Thi /Tc i=3 

0 0.2 0.4 0.6 0.8 

Effectiveness, e 
Fig. 4 Plot of thermodynamic efficiency against heat exchanger ef­
fectiveness, T/,,/Tc( = 3 

T 
1 ce 6 TM 

-T . 1 a 
_ T . 

1 CI 

Similarly, for R > 1, 

TM-" The 

Tce/TCj — l 1 \ — TheIThi 

TM/Td-l R l-Tc/T,,, 
(9) 

1 ~ The I Tj,; _ Tcel Tci - 1 
Thi ~~ TCi 1 — Tcj I Thi TMI Tc; — 1 

Using values for e, R and TM/Tcj, the TJTj ratios for 
calculating the mean temperatures from equation (8) are 
found, and substituted into equation (7) to obtain the ef­
ficiency. 

One comment to be added concerns the appropriate 
reservoir temperature, TB. Usually, the cold fluid is air or 
water and differs little from T0 in temperature. Consequently, 
in the absence of a specified T0, it is suggested that T0 be set 
equal to Tci. This is adopted in the rest of the paper. 

It is helpful at this stage to express the alternative ef­
ficiencies proposed by other authors in terms of the mean 
temperatures and to develop the relations between the dif­
ferent efficiencies. Moran's first definition is 

rj, s(A/i) c o l d f l u i d / (-A/4)h o t nuid (11) 

By a calculation similar to that given for if, it is found that 

iH={\-T0/Tc)/{\-T0lTh) (12) 

From equation (12), the problem with this definition of ef­
ficiency is apparent: in many heat exchangers, the coolant is 
close to ambient temperature, and the numerator of the RHS 
of equation (12) is very small, causing r^ to be near zero. 

The second definition found in the literature for the ef­
ficiency is 

V2 =A0Ut/Ain = 1 - Wtev/Ain (13) 

which is to be compared to our equation (1). The two ef-
ficiences are related by 

( l - i fe) = ( l - u ) G M m (14) 
The behavior of the efficiencies TJ and vj2 with changes in 

effectiveness, heat capacity ratio, and inlet temperatures will 
now be discussed using plots of efficiency, and illustrated with 
examples. 

Results 

To illustrate the usefulness of the formulae derived above 
and to throw additional light on the effect of the parameters e, 
R, and TM/Tci on the efficiency, results for several practical 
cases are presented. Plots of efficiency against effectiveness 
for various combinations of parameters are shown in Figs. 
2-4. These were obtained from equations (7) through (10). In 
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capacity. In contrast to the effectiveness, which is unaffected 
by interchanging Cc and Ch, the efficiency is strongly 
dependent on which of the two is greater. An example of the 
effect of this is that boilers and evaporators (R = oo) are 
inherently less efficient thermodynamically than condensers 
(R = 0). 

(Hi) The thermodynamic efficiency reaches the maximum 
value of unity when the capacity rates are equal and the ef­
fectiveness is equal to unity. Thus, an infinitely large coun-
terflow heat exchanger has an efficiency of unity. The 
minimum value of efficiency is equal to Td/Thi, and is ap­
proached as the effectiveness approaches zero, regardless of 
the value of the capacity ratio, R. 

(iv) For small temperature differences, the efficiency is 
generally high and does not change much as the effectiveness 
and the size of the heat exchanger are varied. When the 
temperature difference is large, however, the efficiency is 
quite sensitive to changes in the effectiveness. Consequently, 
in design calculations with large Thi/Tch competing effects of 
i} and t on the lifetime cost must be taken into account. 

Next, for a comparison of the efficiency defined here to the 
alternative efficiency to be made, the alternative efficiency t/2 
is plotted against effectiveness for the case of TM/Tci = 1.5 in 
Fig. 5. The variation of TJ2 with effectiveness is drastically 
different from that of rj. Whereas the latter increases with 
effectiveness always, as is desirable, the alternative efficiency 
t\2 decreases to a minimum, and then increases. This non­
monotonic behavior and the early decrease in ij2 makes the 
alternative definition unsuitable for system evaluation. The 
explanation of this unexpected failure of a seemingly proper 
definition is as follows. For fixed inlet temperatures, in­
creasing the effectiveness increases the heat transfer, Q, and 
the efficiency r/, while maintaining Ain constant. In equation 
(14), then, Q increases and (1 - ?/) decreases as the ef­
fectiveness is increased. Consequently, their product can 
either decrease or increase. When the effectiveness (and ef­
ficiency rf) is low, the increase in Q overcomes the decrease in 
(1 - rj) and causes (1 - TJ2) to increase, thus reducing rj2. In 
contrast, for larger e, this trend reverses, because the ef­
ficiency r\ is high and (1 - ij) is a small quantity. 

Increasing the area of a heat exchanger results in the 
temperature differences between the hot and cold fluid 
reducing throughout the exchanger. This should result in a 
decrease in irreversibility of heat transfer, thus giving a'higher 
r\2 with an increase in e. But Fig. 5 shows that r;2 is decreased 
as e is increased. 

It is clear that our definition of ij meets all of the criteria 
that were set out before, while the traditional definitions fail 
to do so. 

As noted earlier, the efficiency is not directly influenced by 
the type of the heat exchanger. For studying heat exchanger 
performance, it may be advantageous to combine the above 

1.0 0.8 0.6 0.4 0.2 0 I 2 3 
v NTU 

Fig. 6 Diagram illustrating relations between efficiency, effectiveness 
and number of transfer units for example 1 

each of these figures, full lines are used for cases with R = 
Cc/Ch > 1, dashed lines for R < 1. A diagonal line joining 
the corners of the plot is also shown by long dashes, to help 
compare efficiency values to effectiveness values. Figure 2 has 
Thi/TCi = 1.5, which pertains to most liquid-liquid, liquid-
air, and gas-air heat exchangers. Because of the moderate 
temperature difference range involved, the efficiency is high 
and not very sensitive to changes in the effectiveness or the 
ratio, R. Figure 3 with Thi/Tci = 2 corresponds to most 
economizers, air preheaters, waste heat recovery units, etc. 
This is followed by Fig. 4 with TM/Tci = 3, which is the range 
in which exhaust coolers, medium pressure steam boilers, 
primary loop to secondary loop heat exchangers of 
pressurized water reactors, etc. operate. As the ratio Thi/Tci 
goes up, the thermodynamic efficiency not only goes down, 
but becomes more sensitive to changes in e and R at a time 
when the "efficiency" of the surfaces in transferring heat has 
considerably increased. The salient points to be made from 
the figures are as follows. 

(/) Increased effectiveness always achieves an increase in 
efficiency. The efficiency and the slope, drj/de, increase as the 
capacity ratio, R, approaches unity. As the temperature ratio, 
Thi/Tci, increases, the efficiency decreases and drj/de in­
creases. 

(//) The highest efficiency is obtained when the capacity 
rates are equal. When the capacity rates are not equal, better 
efficiency is obtained when the hot fluid has the larger 

Fig. 5 Plot of thermodynamic efficiency, i j2 , against heat exchanger 
effectiveness, Tw/Tc/- = 1.5 
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figures with the appropriate effectiveness-NTU charts which 
are contained in most heat transfer texts, such as in [5]. This 
will be illustrated by the following example. 

Example 1: A waste heat recovery unit uses stack gases at 
600K, Ch = 50kW/K, to heat water from 300K to 350K. 
Design a crossflow unit with a thermodynamic efficiency of at 
least 0.7, given that U = 15W/m2K. 

R = Cc/Ch = (TM — The)/{ Tce — Tci) 

2= (Th i- Tci)/(T„- Tci) = 6,Thi/Tci = 2. 

With R = 6, from the plot of -n against e, e ~ 0.8 and, from 
the e-NTU chart, at Cmin/Cmax = 1/6, NTU » 1.93; 
therefore, A = 6434 m2. The exit temperature of the gas is 
The = TM — e(Thi — Tcj) — 360K, which represents a 10K 
terminal difference. The above calculation procedure is 
compactly shown in the diagram of Figure 6. 

The concept of efficiency is also useful in showing the 
effects of exchanger performance degradation. For example, 
the effects of fouling on the overall heat transfer coefficient, 
U, can be readily determined through a reduction in ef­
ficiency. Example 2 shows this effect. 

Example 2: A shell-and-tube process heater with one shell 
pass and two tube passes uses condensing steam at 150°C to 
heat a light organic liquid from 10°C to 40°C. The thermal 
capacity of the liquid is 35 kW/°C, and the overall heat 
transfer coefficient U is 1.5 kW/m2 .°C at start-up. After a 
period of operation, fouling reduces the coefficient U to 1 
kW/m2 .°C. To meet the required duty, the steam tem­
perature (and pressure) has to be raised. Find the effect of this 
on the effectiveness and efficiency of the heater. 

Initially, e = (40-10)/(150-10) = 0.21. From equation (8), 
fh = 423 K, fc = 298 K. Thus, the initial efficiency is 
1 - 283/298 + 283/423 = 0.72. From the appropriate e-
NTU chart, NTU = 0.24. 

After fouling, the NTU has dropped to (0.24) (1/1.5) = 
0.16, which results in an effectiveness of e = 0.15. To obtain 
this effectiveness, the steam temperature will have to be (40-
10)/0.15_+ 10 = 210°C. With this steam temperature, T„ = 
483 K, Tc being unchanged, and the efficiency becomes 1 
- 283/298 + 283/483 = 0.64. 

T'steam NTU Effectiveness Efficiency 

Before fouling 150°C 0.24 0.21 0.72 
After fouling 210°C 0.16 0.16 0.64 

The results are summarized in the above table, and show 
the effect of fouling on effectiveness and efficiency. Both of 
these decrease significantly as a result of the increased steam 
temperature used to counteract fouling. The important effect 

here is the loss in efficiency, because it will relate directly to 
the increase in the cost of supplying the higher pressure steam. 

Concluding Remarks 

The thermodynamic efficiency based on the second law of 
thermodynamics, as defined in this paper, is a simple way of 
gauging the efficacy of energy usage. Application of the 
concept to widely divergent heat exchanger cases shows that it 
can be used as a discriminant between different strategies of 
heat exchange. When used with the traditional tools of heat 
exchanger design and costing, it can provide the designer with 
an awareness of the effect of a particular design not only on 
capital costs but operating costs as well. 

Thermoeconomic studies of systems containing heat ex­
changers generally treat the system as a whole rather than 
isolating individual components as is done in this paper. 
However, the second-law efficiency of a component is a 
valuable concept in that it allows the contribution of the 
component to the irreversibility of the system to be calculated. 
In turn, the cost penalty associated with the system irrever-
sibilty can be estimated and a program for minimizing this 
cost by improving the system parameters can be undertaken. 

This paper presents one of the tools for performing ther­
moeconomic studies for design of new energy systems, or for 
the consideration of replacement of "inefficient" heat' ex­
changers in operating systems, as done by Fehring and 
Gaggioli [6]. The use of this tool in thermoeconomic analyses 
will be the subject of subsequent papers. 
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Measurement of Aerodynamic 
Work During Fan Flutter 
Stationary high-response pressure and displacement measurements are used to 
describe the flutter characteristics of the first fan-rotor of a turbofan engine. Flutter 
occurred at part speed and at high incidence. Several forward and backward 
traveling waves were identified in a predominantly torsional flutter mode. Positive 
aerodynamic work contribution was confined to the region close to the leading edge 
and was mainly due to modes corresponding to forward traveling waves of nodal 
diameters in the range 3 to 5. 

Introduction 
Stall flutter constitutes one of the least tractable aeroelastic 

problems in turbomachinery. Experimental data are therefore 
needed to establish the values of parameters controlling the 
flutter. For the purpose of assessing theoretical models, it is 
important to also include more detailed results related to the 
variation of physical quantities along the blade chord. 

The experimental data on the full scale rotors in the past 
were generally confined to the description of the steady-state 
conditions in flutter or flutter onset. The experimental data 
are further complicated by the fact that stall flutter in rotors is 
usually mistuned. That is, the vibratory amplitude and in-
terblade phase angle distributions are nonuniform. In such a 
case a flutter mode can be viewed as a superposition of several 
nodal diameter modes with different amplitudes and phases 
[1]. 

The interpretation of mistuned flutter experiments can be 
greatly enhanced by the use of stationary instrumentation. 
Recently a method of analysis was presented [2] which allows 
one to deduce the unsteady force acting on a blade element 
from measurements made by using a casing-mounted static 
presure transducer. The phase angle of the unsteady pressure 
was measured relative to the displacement phase for each 
nodal diameter mode that significantly contributed to flutter. 
The tip displacements were measured independently by means 
of two fiber optics probes mounted in the casing. In reference 
[2] results were presented only for the leading edge pressure 
port. In the present paper complete unsteady pressure results 
are presented for five chord wise positions. To reduce random 
error, the pressure and displacement data were independently 
vectorially averaged. An attempt was also made to deduce 
aerodynamic work during flutter for each component flutter 
mode. 

In these experiments flutter occurred at about 65 percent of 
the design speed and at a high positive incidence. The relative 
Mach number was 0.795, the reduced frequency based on the 
blade chord was 1.8, and the rotor inlet static pressure and 
temperatures were 10.82 N/cm2 and 168.8° C, respectively. 
The flutter mode was predominantly above shroud torsion. 
The flutter boundaries were reported previously [3] (test point 
125). 

Contributed by the Power Division and presented at the ASME Winter 
Annual Meeting, Washington, D.C., November 15-20, 1981. Manuscript 
received by the Power Division May 5, 1982. 

Experimental Measurements 

Figure 1 illustrates the axial position of the measurement 
ports relative to the rotor blade. In this figure the optical 
displacement ports are shown circumferentially close to the 
pressure ports for convenience only. Actually these ports were 
about 10 blade pitches apart from each other. 

Only a brief description of measurement procedures and 
subsequent data processing is given since a detailed 
description is available [2, 4, 5]. Both pressure and 
displacement data were recorded on magnetic tapes and 
subsequently digitized for further processing on a 
minicomputer. In addition to these data two reference pulses 
were recorded, the IE and the 38E, which corresponded to the 
blade passing frequency. The IE pulse was common on all 
tapes and was used to trigger the acquisition of digital data. 
This permitted blade identification in the relative frame of 
reference. The 38E pulse was used as a reference for com­
putation of tangential displacements. As the blades swept 
optical ports, a light beam was reflected from the blade tips 
and conducted to a photomultiplier by means of a fiber optics 
bundle. A voltage spike was generated every time a blade 
passed an optical port. The position of this spike relative to 
the 38E reference pulse provided an indication of the in­
stantaneous position of a blade in flutter. 

On playback of the data tapes it was essential that the rate 
of digitization be sufficiently high. For the displacement data 
this was necessary in order to be able to resovle the blade 
motion. For the pressure data the high digitizing rate was 
necessary in order to capture the unsteady pressure difference 
across the blade. Both these objectives were met by digitizing 
at a rate of 10,295 points per revolution or the equivalent of 
about 270 points per blade passage. Extensive use of 
peripheral storage devices was made to store the digitized data 
for further processing on a minicomputer. 

Pressure transducers were calibrated prior to each run. 
Calibrations were fairly consistent except for the transducer at 
port 4 (Fig. 1). Therefore another transducer at the same axial 
location but at a different circumferential position was used 
instead. In the data analysis an allowance was made for the 
difference in the sampling, time due to the different cir­
cumferential location of this transducer. 

Analysis of the Displacement Data 

The displacement data and, as seen later, the pressure data 
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unit 

can be analyzed in two ways. One method is to sort the 
sampled data into groups so that each group includes samples 
from a particular blade only. As each blade is sampled only 
once per revolution, the flutter frequency in the resulting 
spectrum is folded in the range 0 to 1/2 E. (Note that the true 
flutter frequency was 8.45 E.) 

In the other method spectral analysis is performed on the 
data set that includes samples from all blades in the order in 
which they pass the measurement port. The sampling rate is 
now equal to the number of blades, (i.e., 38E, which is suf­
ficiently high to prevent data aliasing). The overall spectrum 
(Fig. 2), clearly exhibits all the nodal diameters that con­
tribute to flutter vibration. This can be seen by transforming 
the expression for unsteady displacement, D, in the rotating 
frame of reference 

38 

D = 2J A ,-cos(w/ - */ + \pj) 
i = i 

into a stationary frame as viewed by the displacement sensor 
[2], 

38 

D= Y^AjCOsKUf + Wrftt+fo] 
1 = 1 

In these expressions the summation is carried out over all 
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Fig. 3 Displacement-amplitude spectrum, port A, single FFT 

nodal diameters /; uj- and cor represent flutter and rotational 
frequencies, respectively; t denotes time; *, the angular 
coordinate oriented in the direction of rotation; and \j/it the 
phase angle for the <th nodal diameter. 

The analysis in this paper was based on the overall spec­
trum. Individual blade spectra were only used to obtain phase 
angles for the reference blade. This was essential for the 
vector averaging of Fourier transforms and also for the 
correlation of the displacement and the differential pressure 
spectra. The procedure for doing this is described in detail in 
the Appendix. Only four transforms were averaged; never­
theless, as shown in Figs. 2 and 3, a significant improvement 
in the signal-to-noise ratio was achieved. 

The displacement amplitudes are expressed in digitized 
units for convenience. In terms of angular displacement one 
unit corresponds to 3.267 x 10~3 radian. This constant was 
used later in the definition of the work coefficient. 

In the derivation of angular displacement [2] it was 
assumed that there is no contribution to the tangential 
displacement due to chordwise bending. The justification for 
this was provided by visual observation of the stroboscopic 
image of the blade tip during flutter [5]. 

Analysis of the Pressure Data 

The important difference between the displacement and 
pressure data is that the displacement data are essentially 
discrete whereas pressure data are continuous. Therefore, to 
obtain a spectrum corresponding to a particular point on the 
blade surface, one has to perform vectorial superposition of 
all pressure waves associated with the flutter frequency. 
However, it is also possible to locate the blades first in the 
digitized data string and then collect only the points that 
correspond to a desired blade surface location. This amounts 
to discretization of the pressure data. One can now analyze 
pressures in a similar way as displacements, that is, either in 
terms of individual blade spectra (sampling rate IE) or in 
terms of the overall spectrum (sampling rate 38E). For 
reasons already mentioned the overall spectrum analysis is 
used in this paper. 

Note that, as a result of the sampling procedure for the 
pressure data, there exists an interaction between the steady 
and unsteady pressure fields [2]. This interaction has to be 
taken into account during the interpretation of the results. 

The blade surfaces in the digitized data string were located 
from the average steady-state distribution. Figure 4 illustrates 
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this procedure. The steady-state pressures in this figure were 
obtained by averaging instantaneous pressures over 66 
revolutions. The time scale is expressed in digitized time units. 
In terms of distance traversed by a blade tip each unit 
represents 1/10, 295 fraction of a revolution. The steep 
pressure gradient region is presented with expanded 
horizontal scale in the lower part of the figure. The points are 
marked in this part of the figure according to their positions 
relative to the zero crossing. These points corresponded to the 
locations where the unsteady pressures were sampled for every 
blade passage. Prior to the unsteady pressure sampling the 
steady-state pressure component was removed from the data. 

Points on the left side of the steep gradient region such as 0 
and - 7 are associated with the pressure side of the blade, and 
points such as 14 and 21 on the right side of the gradient 
region are associated with the suction side. 

The interaction of the steady and unsteady pressure fields is 
proportional to the product of the steady-state pressure 
gradient and the blade displacement [2]. Therefore, by for­
ming an unsteady pressure difference such as P 1 4 -P 0 , the 
contribution due to the interaction will be minimized because 
the pressure gradients for points 0 and 14 are approximately 
equal and because the displacements for suction and pressure 
surfaces are the same. 

It was shown [2] that a consistent phase angle is obtained 
for the pressure difference regardless of the choice of two 
points forming the difference, provided their slopes are about 
equal. However, the amplitude varies roughly in proportion 
to the distance between two points in the steep gradient 
region. It is therefore desirable to select these points near the 
edges of the gradient region. Upon considering the steady-
state distributions at other chordwise locations as well, it was 
decided to form suction-pressure side differences based on the 
separation distance of twenty-one digitized units. 

Note that the interaction between the steady and unsteady 
pressure fields is inconsequential for the computation of the 
work per cycle since it is only the pressure component that is 
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Fig. 5 Differential pressure spectrum, port 1 (average of four FFT's) 

out of phase with the displacement that contributes to the 
work. 

The analysis of the pressure data at ports 2 to 5 closely 
paralleled the analysis for the leading-edge port 1 [2]. 
However, because of a smaller steady-state pressure dif­
ferential across the blade and the higher noise level at ports 4 
and 5, the blades could not be reliably located from the 
steady-state distribution. Therefore the blades were actually 
located by using the averaged displacement pulse data. For 
the chordwise position 4, port B data were used; and for 
position 5, port A data were used. 

Figures 5 to 8 present the linear spectra of the differential 
pressure amplitudes at different chordwise positions. In these 
figures, pressures were made dimensionless by using the inlet 
dynamic head. Figures 5 and 6 illustrate the gain in the signal-
to-noise ratio achieved by averaging at the leading-edge 
pressure port. Similar gains were achieved at other chordwise 
positions. 

The subtraction involved in obtaining the difference spectra 
in Figs. 5 to 8 was carried out in the frequency domain. Prior 
to the subtraction, a small correction was applied to the in­
dividual spectra that form the difference. This correction 
accounted for a nonsimultaneous sampling of pressure at two 
points involved in the difference. 

Comparison of Figs. 5, 7, and 8 with Fig. 2 indicates that 
the pressure amplitudes for the different component modes 
for ports 1 and 2 are in roughly the same relative proportions 
as the corresponding angular displacement amplitudes. 

Results 

In the interpretation of results obtained with stationary 
pressure instrumentation, one of the key problems is the 
determination of the blade suction and pressure surface 
positions. There is no assurance that the choice for the blade 
surface positions made in the previous section is optimum. 
The unsteady results in this section arelherefore presented not 
only for the chosen blade surface positions but also for the 
region covering about one-fifth of the blade passage in the 
vicinity of each blade. This allows one to revise the choice for 
the blade surface positions and also to examine the sensitivity 
of the results to this choice. Ultimately the object is to 
compute the modal contribution to the unsteady work at each 
port location. 

Figures 9 and 10 illustrate the spatial change in phase of the 
unsteady pressure in the vicinity of the blade. The horizontal 
scale is expressed in units corresponding to the distance 
traversed by a blade tip during the interval of time between 
two successive digital points. From Fig. 4 it can be seen that 
there are about 255 units for the particular blade passage. On 
the average the number of units per blade passage was 270. 

The starting point for the top curve was selected arbitrarily, 
and the starting points for successive curves below were 
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Differential pressure spectrum, port 2 (average of four FFT's) 

displaced downward by increments of 40 deg. The absolute 
phase angles have therefore no meaning and only the spatial 
change in phase is significant. The corresponding nodal 
diameters were marked on the right of each curve. 

The first point for each curve in Fig. 9 for port 1 
corresponds to point - 14 in the steady-state distribution (Fig. 
4). The adjacent points in Fig. 9 are plotted in the same order 
as in Fig. 4. Points 0 and 21 in Fig. 4, which were selected to 
represent the locations of pressure and suction surfaces for 
the spectrum in Fig. 5, were marked in the top curve in Fig. 9, 
port 1, as P and S, respectively. Equivalent points for other 
ports in Figs. 9 and 10 were marked identically. They 
correspond to the locations of pressure and suction surfaces 
for the different spectra in Figs. 7 and 8. The amplitudes for 
port 3 were too small for the determination of phase angles. 

Note that the spatial distribution of the instantaneous phase 
of flutter in Figs. 9 and 10 is obtained by a preselection of 
spatially different sets of points in the input for spectral 
analysis. Because the sampling rate is 38E, the spectrum for 
each point in these figures extends only to 19E. In itself 
therefore any one of the spectra cannot describe the spatial 
variation in phase in the blade passage. It is the collection of 
all the spectra and the knowledge of their origin (relative to 
the zero crossing) that makes it possible to describe the spatial 
variation in phase. 

The points plotted in Figs. 9 and 10 represent a vector 
average of four Fourier transforms, each corresponding to 62 
revolutions. Because the results in these figures include 
samples from all the blades, the change in phase in Figs. 9 and 
10 can be considered representative for all blades rather than 
for a single blade. 
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The spatial change in phase between points P and S ranges 
between 94 and 170 deg for port 1 and between 135 and 167 
deg for port 2. Note that based on theoretical considerations 
this change in phase would be expected to be 180 deg. Ideally, 
the interval between points P and S should include all the 
phase angle change across the blade and exclude any change 
that occurs away from the blade surfaces. It appears that 
these conditions are most nearly approached for port 2. 
Although most of the change of phase is bracketed by points 
P and S for port 1, some perturbations of these positions may 
be desirable. 

The change in phase between points P and S for ports 4 and 
5 is much less consistent than for ports 1 and 2. For example, 
for port 4, the spatial change in phase is fairly small for nodal 
diameters 3 and 4 and fairly large for nodal diameters — 5, -
4 , - 3 , and 0. The phase angles for nodal diameter 5 could not 
be reliably determined because the amplitudes were too small 
(Fig. 8). 

As already mentioned, the blade location could not be 
reliably determined from the steady-state distribution for 
ports 4 and 5 because of the noise and relatively small pressure 
difference between the suction and pressure surfaces. Blade 
spacing derived from displacement data was used as a sam­
pling interval for obtaining results in these figures, and the 
pressure-suction interval was taken to be the same as in the 
previous figure. 

Note that the phase angle results in Figs. 9 and 10 are af­
fected by the blade motion as discussed previously. However, 
at the ends of the pressure-suction interval (i.e., points P and 
S), the effect should be small because of the smaller steady-
state pressure gradients in these regions. Also, this effect 
should be small for ports 4 and 5 because of the smaller 
pressure gradients and a higher level of data randomness at 
these locations. 

It is usual practice in flutter studies to resolve the pressure 
into two components, one in phase and the other out of phase 
with the displacement. Because of the frequently employed 
complex representation, the former is usually termed a real 
component and the latter an imaginary component. It can be 
shown that only the imaginary component contributes to the 
work integrated over one flutter cycle. The imaginary 
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component is also free from the contribution due to blade 
motion. It appears desirable therefore to plot the distribution 
of this component of the pressure in the vicinity of the blade. 

Note that each mode contributes independently to the work 
per cycle. This is a direct consequence of the orthogonality of 
the modes associated with each nodal diameter. 

Figures 11 to 14 present the imaginary pressure 
distribution. The positions of points in these figures 
correspond directly to the positions of points in Figs. 9 and 
10. The difference between points S and P is proportional to 
the modal work per cycle at the particular port location. A 
positive suction-pressure surface difference results in a 
positive work contribution for ports 1 and 2 and negative 
work for ports 4 and 5. As in Figs. 5 to 8, pressures were made 
dimensionless by using the inlet dynamic head. 

An interesting result in Fig. 11 for the leading edge port is a 
rather steep spatial variation of the imaginary pressure on the 
suction side of the blade. This variation makes the location of 
the suction surface very critical. Considering that nodal 
diameters 3, 4, and 5 contribute most of the positive work, it 
appears that the suction surface is close to the optimal 
location. Some variation in the imaginary pressure amplitude 
is also evident on the suction side of the blade in Fig. 12 for 
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Fig. 11 Spatial variation of imaginary pressure, port 1 
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Fig. 12 Spatial variation of imaginary pressure, port 2 

port 2, although it is less pronounced. All the negative nodal 
diameter modes in this figure contribute to negative work 
(i.e., positive damping). 

The imaginary pressure component distribution for ports 4 
and 5 appears to be nearly monotonic. All modes generate a 
negative contribution to work. Again, the imaginary pressures 
for the fifth nodal diameter could not be determined reliably 
because of small amplitudes. 

The work per cycle for each mode for the four ports is 
presented in Table 1, and the phase angles between the dif­
ferential pressures and displacements in Table 2. The angles in 
this table were defined so that the positive angle implies 
positive work and conversely. Strictly, therefore, the angles 
are between the suction-pressure, AP, and the angular 
displacement ahead of the torsional axis and between the 
pressure-suction, AP, and the angular displacement behind 
the axis. 

To compute the local contribution to the work at each 
location, the port area assignments had to be made. This was 
accomplished by dividing the chord into five sections so that 
the section boundaries were located midway between the 
adjacent ports. Pressure distribution in each section was 
assumed to be uniform and equal to the local port pressure. 
The line of action of the force was assumed to pass through 
the centroid of the section. Although this scheme appears 
crude, the sparse measurement port coverage does not seem to 
justify a more elaborate approach using the interpolation 
methods. The moment for each chordwise section was 
calculated by assuming that the torsional axis is located at 44 
percent of the chord [2]. The work in Table 1, C„, was 
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nondimensionalized by using a product of the inlet dynamic 
head, the square of the chord, and the constant A%. The 
quantity Ae is the angular displacement in radians per 
digitized unit of displacement, Ae = 3.267 x l 0 ~ 3 . 
Numerically, it is nearly equal to the angular displacement for 
nodal diameter 3, Fig. 2. For this nodal diameter then, C„ is 
numerically equivalent to, and of opposite sign of, Carta's [6, 
7] damping coefficient and a 1-K2 multiple of Whitehead's [1] 
imaginary moment coefficient. 

The main positive contribution to the work is for nodal 
diameters 3,4, 5, and - 3 at port 1 and for nodal diameters 3, 
4, and 5 at port 2. The column on the right presents the total 
contribution to the work for each location. Despite the 
relatively small differential pressure amplitudes at ports 4 and 
5 (Fig. 8), the apparent negative contribution to work in this 
area exceeds by a large margin the positive contribution at 
ports 1 and 2. The main reason for this is the much larger 
absolute phase angles between the differential pressure and 
the displacements (Table 2). 

To examine whether or not the work balance could be 
improved by a different choice of pressure and suction surface 
locations, the contribution to work at each port was 
calculated for a pair of points at 17 and 45 units and also for a 
pair of points at 24 and 38 units in Figs. 11 to 14. For the 
former, the contributions to work for ports 1 to 4 were 
respectively 2.72, 0.60, -5 .94 , and -4 .57, and for the latter 
the contributions were 2.17, 0.06, -3 .20 , and -3 .59 . The 

influence of the axis position was also examined. Accepting a 
6 percentage point error in the axis position and shifting it to 
the midchord position resulted in a work contribution at each 
port of 2.24, 0.17, -3 .68 , and -3 .35 . The P and S points for 
this iteration were located as in Figs. 9-14. 

A factor that should be considered in the explanation of the 
negative work balance is the accuracy of the phase angles, 
particularly at the trailing edge where the amplitudes are 
small. In the Appendix the phase angle error for ports 4 and 5 
is estimated to be ±30 deg except for - 5 and 0 nodal 
diameter modes for which the estimate is ±60 deg. Con­
sidering the absolute magnitude of phase angles in Table 2, it 
is apparent that even in the extreme error case none of the 
signs of the phase angles would be reversed. Also, it appears 
unlikely that the magnitudes of corrections would be suf­
ficient to offset the negative work balance. 

Two other possibilities remain that may explain the 
negative value for the total work. One is that the largest 
pressure amplitudes and phase angles are achieved someplace 
between the two leading-edge ports and that, therefore, the 
positive work contribution at the leading edge is un­
derestimated. However, in view of the fairly large work 
imbalance, it seems unlikely that this alone could offset the 
excess of the negative work. The other possibility, which is 
thought to be more plausible, is that the work contribution at 
the two rear ports (4 and 5) is largely due to the variation in a 
separated region away from the blade surface and not across 
the blade. 

Note that the contribution to the work at the trailing edge 
would also violate the Kutta-Joukowski condition. 
Measurements [8] conducted at a reduced frequency con­
siderably higher than that used in the present study indicate 
that this is unlikely because of the low camber of the airfoil tip 
section. 

At this time it appears, therefore, that the contribution at 
ports 4 and 5 should not be included in the work balance. 
Blade-mounted pressure instrumentation would be necessary 
to obtain definite quantitative results in this region. 

It should be noted that in the calculation of the work per 
cycle and in the above discussion the spanwise variations were 
ignored. However, there remains a possibility that the work is 
positive at other spanwise positions and that over the whole 
span of the blade the total work is positive. Future studies 
would have to be specifically designed to document the 
spanwise variation of stability. 

The one source that may cause the spanwise variation of 
velocity at the tip are the end-wall effects. These effects would 
tend to decrease velocity at the tip and therefore increase the 
incidence and the reduced frequency. The former is a 
destablizing effect and the latter tends to stabilize the system. 

Stability analysis for this test point, which includes blade 
mistuning, was performed in reference [9]. Both the 
aerodynamic and mechanical coupling between the blades 
were considered. Aerodynamic coefficients were calculated 
based on the zero incidence flat-plate airfoil analysis [10]. 
With blade mistuning present the system was found to be 
stable. For a tuned system unstable behavior was predicted 
for the - 7 nodal diameter mode. This was shown to be due to 
the "acoustic resonance" [11]. It appears that in order to 
predict the unstable behavior for the positive nodal diameters, 
a more sophisticated aerodynamic analysis is needed. Another 
stability analysis for this test point based on a semiempirical 
approach is presented in reference [3]. 

The results obtained here in many respects resemble the 
results obtained in a stationary cascade experiment [6, 7], 
despite the large difference in the reduced frequencies. (Based 
on the blade chord, the reduced frequencies in [6, 7] were 
0.074 to 0.384). As in the present investigation the leading-
edge contribution to aerodynamic work was found to be 
dominant in these references. Furthermore, the differential 
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Posi t ion 

1 

2 

4 

5 

3 

1.252 

0.799 

-1.197 

-0.951 

Table 1 

4 

0.494 

0.847 

-0.494 

-0.614 

Distribution of aerodynamic work 

Nodal diameter 

5 -5 -4 

Dimensionless work Cw 

0.303 

0.342 

-0.091 

-0.314 

-0.478 

-0.391 

-0.134 

-0.541 

-0.864 

-0.477 

-3 

0.329 

-0.742 

-1.317 

-1.150 

0 

0.033 

-0.247 

-0.858 

-0.742 

Sum 

2.186 

0.145 

-5.208 

-4.325 

Table 2 

Position 

1 

2 

4 

5 

Differential pressure phase relative to displacement phase 

Nodal diameter 

3 4 5 -5 -4 -3 0 

Phase angle, deg 

20.2 

9.2 

-112.2 

-76.5 

16.2 

24.8 

-139.7 

-89.4 

29.9 

26.1 

-7.3 

-19.6 

-103.9 

-107.5 

-6.3 

-14.6 

-103.8 

-117.5 

6.0 

-10.7 

-107 

-60.1 

1.4 

-7.3 

-96.3 

-85.2 

pressure at the trailing edge appeared to converge to 0, 
particularly for a positive interblade phase angle. This 
reinforces previous reasoning regarding the interpretation of 
the AP measurement at locations 4 and 5. The phase angle 
between ' the differential pressure and the angular 
displacement for this condition ranged from about 10 to 30 
deg at the leading edge, and this is in agreement with the 
values in Table 2. The phase could not be evaluated beyond 
the midchord position because of small amplitudes. However, 
extrapolating the chordwise phase variation beyond the 
midchord and redefining the phase consistent with Table 2 
would lead to large negative phase angles in this region. 
Qualitatively this is the same trend observed in Table 2. The 
unstable behavior was, in general, confined to the positive 
interblade phase angles, and this again agrees with the present 
observations. Interestingly, the second harmonic contribution 
to the pressure at the leading edge observed in these references 
was absent in the present investigation. 

Conclusions 

Following are the main conclusions derived from a fan-
flutter test using stationary pressure and displacement 
measurements: 

1 A positive contribution to the aerodynamic work was 
concentrated near the leading edge. 

2 The largest contribution to aerodynamic work was due to 
modes corresponding to nodal diameters of 3, 4, and 5. The 
modes corresponding to 0, - 3, - 4 , and - 5 nodal diameters 
contributed either a negative or a small positive work. 

3 The contribution to the aerodynamic work at the rear of 
the blade could not be determined conclusively with 
stationary pressure measurements. 

4 Near the leading edge there exists a steep spatial variation 
in the phase angle across the blade. Depending on the mode, it 
ranges between 94 and 107 deg. 

5 The phase angle between the differential pressure and the 

angular displacement for the modes which contribute to 
positive work ranges between 1.4 and 30 deg. 

6 The differential pressure amplitudes for different 
component modes near the leading edge were in the same 
relative proportions as the corresponding angular 
displacement amplitudes. 

7 Vectorial averaging of pressure and displacement spectra 
is essential for a quantitative determination of phase 
relationships. 
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A P P E N D I X 

To correlate the data recorded on different tapes, it was 
essential to start digitization at an identical instant in time. 
This was achieved by using the time code reader and the IE 
reference pulse [2]. The time code reader searched for a 
particular time instant selected in advance. Upon reaching this 
instant the digitization started at the first following IE pulse. 
However, because the time code was not recorded on the 
displacement data tape, displacements were evaluated relative 
to blade 1, and the strain-gage phase for that blade (at a 
selected IE pulse) was used as the absolute phase angle for the 
displacement of blade 1. 

Pressure, P, and displacement, D, can be expressed as [2]: 
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p>D= LAf-D^puw- (*,-#,)»+w ] 
/ = i 

where the summation is carried over all nodal diameter 
modes. Here the time, /, is referenced to a particular IE 
reference pulse, and the angular coordinate * is measured 
relative to blade 1. 

The phase angles, \j/h are given by 

37 

"38" t ? = 4>? 
0.45 

2m 2r 
38 w, 

<"/ + 4>f 

( 37.45 „ uf n\ 

' ' 38 38 cor 

In these expressions, <£,'s are the /th nodal diameter phase 
angles measured relative to the first blade-associated sample 
in the respective input data for spectral analysis. These 
corresponded to blade 38 for displacements and to blade 10 
for pressures. The second terms in these expressions account 
for the position of blade 1 relative to these blades, and the 
third terms account for the time delay between the occurrence 
of the IE pulse and the time these blades are under the 
respective sensors. The term </>f is the phase of the blade 1 
strain gage, and (j>? is the phase of the displacement of blade 1 
referenced to the first time this blade appears under the 
sensor. This term was evaluated from the aliased 1/2 E 
spectrum associated with this blade. The term preceding </>f in 
parentheses accounts for the time between the occurrence of 
the IE pulse and the time blade 1 is under the sensor. 

When averaging data vectorially, it is important to choose a 
correct reference phase. It is convenient to consider the 
difference \pf — \j/f since it is a fundamental property. The 
following pairs of phase angles will appear in this difference: 

<$>f - 0f and 0f - (ji­

lt is therefore convenient to reference the pressures to $f and 
the displacements to 4>f prior to the vectorial averaging. Once 
average pressures and displacements are obtained, the phase 
difference \j/f — 4>f corresponding to the average spectrum is 
computed. Before the averaging, the phase of each individual 
Fourier transform was corrected to account for non-
simultaneous sampling of points which were spatially apart. 
The Singleton algorithm [12] was used to obtain the Fourier 
transforms. The number of points in the input data set in this 
algorithm can be arbitrary rather than only a power of 2 as in 
typical fast Fourier transforms. This allows the selection of an 
integral number of revolutions and approximatley an integral 
number of cycles in the input data set. As a result, each nodal 
diameter peak in the spectrum is very nearly concentrated in 
the single-frequency line. The spectra in Figs. 2, 3, and 5 to 8 
were obtained in such a way. Therefore each peak in these 
figures corresponds very nearly to the true amplitude. The 
number of revolutions in the input data for Figs. 2 and 3 was 
65 and for Figs. 5 to 8, 62, The number of samples per 
revolution was 38 (i.e., equal to the number of blades). 

To evaluate the phase difference </>f — </>f needed in the 
computation of average pressure spectra, it would be 
necessary to use engine order sampling for strain-gage data 
with the same total number of revolutions and total number 
of samples per revolution as were used for the pressure 
spectra. To effect this type of sampling procedure for strain-
gage data would require a digitization rate beyond the 
available range because these data were recorded at much 
lower speed and hence on playback the speed reduction ratio 
was limited. Instead, the interpolation between frequency 

lines was used to evaluate the absolute phase angles 
corresponding to the exact flutter frequency for both pressure 
and strain-gage data. 

Previously [2] the square window was used mainly because 
of the availabilty of the interpolation formula for this win­
dow. However, Braun of NASA Lewis recently derived the 
interpolation formula for the Hanning window, so that it 
could also be applied. The Hanning window proved to be 
advantageous especially for pressure data. Therefore, all 
quantitative analysis as well as the results in Figs. 9 to 14 were 
obtained with this window. 

If/U denotes the frequency of the dominant frequency line, 
fg the exact flutter frequency, and /3 the frequency bin 
spacing, then the interpolation fraction v is defined by 

y = < y g - / J / / 3 , - l / 2 < t ; < l / 2 

This fraction can be computed from the spectrum by using the 
amplitude ratio R = Au/Au±l where Au is the dominant 
amplitude andv4„±1 is the next largest amplitude; that is, 

v ± -
2-R 

1+R 

Here the minus sign is used when Au+l < Au_{. The am­
plitude at the true frequency is given by 

_ 2(1 - u2)sin(2Tn;/A0 _ 2 
A* I^ inOrK) ^ " ^ A - J V - V 3 

and the phase angle Qg by 

© g «<t>u - ™ 

Here Ndenotes the number of points, Ah is the normalization 
constant, and <j>u, is the phase angle for the dominant 
frequency line. In the expression for A, the approximation 

[" tan(TnVJV) 1 2
 2 

L tani-ir/N) J tan(7r/N) 

was made. 
Some indication of the accuracy of the phase angles can be 

obtained by computing v for each nodal diameter mode in the 
spectrum. Ideally, as a result of the sampling procedure, v 
should be constant for all peaks. In practice, v varied between 
0.192 and 0.224 for the displacement data. Considerably 
larger variations in v were encountered for the pressure data. 
Excluding from the considerations the nodal diameters 5 and 
- 5 at the leading edge, and in addition the 0 nodal diameter 
at the trailing edge, v varied between -0 .05 and -0 .18 at the 
leading edge and between -0 .25 and 0.10 at the trailing edge. 
If the mentioned nodal diameters were included, the range for 
v would about double. Therefore the phase results for these 
nodal diameters are somewhat questionable. From Figs. 5 to 8 
it can be seen that these nodal diameters correspond to the 
lowest amplitudes. 

With this qualification one can expect an error in the 
pressure phase angle within the range ±12 deg at the leading 
edge and ±30 deg at the trailing edge. It should be noted, 
however, that because of the larger absolute phase difference 
\j/f — \j/f at the trailing edge (Table 2), the accuracy there is not 
as critical as at the leading edge. 

The estimates for variations in v were obtained for the 
average spectra; for the single transforms variations in v 
would be considerably larger. It was concluded therefore that 
the data averaging was essential. 

For the results presented in Table 2 an effective average v 
was assumed for all pressure ports. This is likely to improve 
somewhat the accuracy of the pressure phase angles. The 
accuracy of the displacement phase angles is estimated to be 
± 30 deg for all nodal diameters. 
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Acoustic Control of Dilution-Air Mixing in 
a Gas Turbine Combustor1 

J. A. C. Kentfield.2 The authors are to be congratulated 
on identifying a technique which shows promise in controlling 
unwanted temperature nonuniformities in the flow leaving a 
typical gas turbine type combustor. However, by applying the 
acoustic stirring to the dilution air the control is applied so 
late in the flow process that its influence must be somewhat 
restricted. Do the authors feel that potentially more effective 
uses of acoustic stirring can be made by applying the 
technique to the secondary and possibly even the primary 
zones? Is there some expectation that this could result in a 
reduction of combustion length? In fact, a single relatively 
large-scale vortex ring is, it would appear from flow 
visualization evidence [1], primarily responsible for the 
mixing occurring in typical valveless pulse-combustors. In a 
sense this can be regarded, by analogy with classical steady 
flow combustors, as an application of strong acoustical 
stirring in a primary zone. 

It seems, to this discussor, that self-contained fluidic or 
fluid-mechanical methods of generating the required signals 
must be developed before acoustic stirring can be accepted as 
a practical proposition. Possibly an attach-separate flow 
situation can be contrived to generate vortex rings periodical. 
Another alternative, which does not appear to require totally 
new technology, would utilize fluidic oscillators. It is en­
visaged that in such a system each oscillator would apply a 
signal, alternately, to two or more of the air ports in the flame 
tube. Perhaps it would be possible to incorporate, in the spirit 
of the present work, self-oscillating slot-nozzles such as those 
described by Viets [2]? This involves substituting, for the 
periodic vortex-ring generation of the present system, a 
somewhat different, laterally oscilalting flow pattern. This 
concept has been shown to be very effective in promoting 
mixing and presumably, because of its nonsteady nature, it 
can also be expected to be effective in stirring the general 
surroundings. 

Yet another possibility for a simple self-contained system 
without external drive could, perhaps, be based on so-called 
hypermixing nozzles. Nozzles of this type have been 
developed to promote rapid mixing in short length ejectors 
intended for thrust augmentation applications [3]. In 
hypermixing nozzles it appears that strong, continuous 
vortices are formed with their axes aligned with the flow. 
Again, this is quite a different flow pattern from that used by 
the authors and one which does not take advantage of 

periodic nonsteady flow phenomena and is not, therefore, 
strictly an acoustic control method. 

It can be asked, do the authors forsee any difficulties with 
their system with respect to the deliberate tailoring of com­
bustor exit temperature profiles to achieve, for example, a 
relatively low temperature in the region of the blade roots? 
Presumably gross biasing of this type should still be attainable 
by appropriate adjustment of the dilution air ports in the 
flame tube. 

It seems that whilst a very interesting start has been made 
on investigating the potentials of acoustic stirring much more 
work is required before the subject can be said to have been 
explored comprehensively. 
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A. A. Putnam.3 Both my comments have to do with 
vortex shedding, which the authors touch on in their Fig. 9. 
Since I could not find a comment on the duct diameter or area 
where these vortics occur, I could not compute the Strouhal 
number, i.e., DF/ V, and resolve my questions. 

Recently, we studied the acoustics of the flow in a duct, in 
which an upstream signal was imposed in a manner similar to 
that indicated in the paper. We measured both the transmitted 
and reflected acoustic energy from the exit. The minimum 
energy loss from the signal (considering both the transmission 
and upstream reflection) was at a constant Strouhal number, 
independent of Mach number. Away from the optimum 
frequency, increasing Mach number increases the loss. This 
would seem to indicate the proper frequency could trigger 
strong discrete vortices with a minimum of energy input. 
Have the authors observed a similar phenomenon, and, if so, 
what was the critical Strouhal number? 

A second question is related to pioneer work by Dr. 
Lockwood, reported in several places. In studies of pulse 
combustion vertical lift devices many years ago, Lockwood 
found that strong aspiration effects occurred with pulsed jets 
used with augmenters. Pulsing a jet between two augmenters 
resulted in more effective aspiration than using a single steady 
jet. His observations lead me to believe the use of augmenters 
in a like manner might lead to even more mixing than with the 
drivers alone. Have the authors given any consideration to 
this possibility? 

By P. J. Vermeulen, J. Odgers, and V. Ramesh, published in the October 
1982 issue of the ASME JOURNAL OF ENGINEERING FOR POWER, Vol. 104, No. 4, 
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Authors' Closure 

The discussers' comments are most interesting and in­
formative, and specific replies are as follows: 

J. A. C. Kentfield. The application of the technique to the 
dilution zone was preferred because it promised quick success. 
However, we recognized early on that application of the 
technique within the primary zone might promote more ef­
fective stirring processes resulting in improved combustion 
efficiency and hence less need for a secondary zone. This 
might therefore shorten the combustion length and that of the 
overall combustor. 

It is readily agreed that the present method of flow 
modulation is not practical and that other more practical 
methods must be developed. In fact, work on fluidic or fluid-
mechanical methods is already underway, and the drawing of 
our attention to the work of Viets and Bevilaqua may prove to 
be invaluable. 

Regarding the tailoring of combustor exit temperature 
profiles for, say, cool temperatures at the turbine blade roots, 
we do not forsee difficulties with the present technique since 
the trimming experiment described in the paper could easily 

be "inverted." Thus, instead of driving two dilution ports by 
the No. 3 loudspeaker, the dilution ports diametrically op­
posite could have been driven (with rig modification), thereby 
raising the hot spot temperature and reducing the temperature 
in the region at 9 o'clock. The "no-drive" "radial" tem­
perature profile shown in Fig. 8 would therefore be ac­
centuated towards an even more pronounced hot tip-cool root 
distribution. 

A. A. Putnam. The dilution ports are 19.6-mm dia, giving 
a Strouhal number of 0.21 at the low air mass flow rate and 
0.12 at the high air mass flow rate. We have not observed any 
evidence for a critical Strouhal number largely because of a 
preocupation with the mismatched driving system. However, 
the observation is an important one and will be considered in 
our future work. 

The possibility of using Lockwood type augmenters is a 
new idea to us, but it would be difficult to apply to an existing 
combustor design and would raise flow path problems. The 
mixing behaviour of such augmented pulsed jet flows may 
very well be superior to those undergoing only acoustic 
modulation and may be worthwhile considering in future 
developments. 
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